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ABSTRACT 

A transient three-dimensional thermo-fluid dynamics numerical model was developed to study the 

formation of a bulging region in partial penetration laser beam welding. The model accounts for the 

coupling between the fluid flow, the heat transfer, and the keyhole dynamics by considering the effects 

of multiple reflections and Fresnel absorption of the laser beam in the keyhole, the phase transitions 

during melting and evaporating, the thermo-capillary convection, the natural convection, and the phase-

specific and temperature-dependent material properties up to the evaporation temperature. The validity 

of the model was backed up by experimentally obtained data, including the drilling time, the weld pool 

length, the local temperature history outside the weld pool, the process efficiency, and a range of 

metallographic cross-sections. The model was applied for the cases of partial penetration laser beam 

welding of 8 mm and 12 mm thick unalloyed steel sheets. The obtained experimental and numerical 

results reveal that the bulging region forms transiently depending on the penetration depth of the weld, 

showing a tendency to transition from a slight bulging to a fully developed bulging region between 

penetration depths of 6 mm and 9 mm, respectively. 
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INTRODUCTION 

In recent years, modern laser systems with high power of up to 100 kW for solid state 

lasers have been developed, offering a number of technical benefits compared to 

traditional arc welding techniques, including reduced distortion of the welded components 

due to locally highly concentrated and precise heat input, high reachable welding speed, a 

small heat affected zone [4], and enabling single pass welding of sheets with a thickness 

of up to 50 mm [1–3]. As a result, many new opportunities for applications open up for 

joining thicker sheets by the laser beam welding technique, e.g., in the manufacturing of 

high-pressure and vacuum vessels, crane constructions, shipbuilding, and aerospace 

industry. Nevertheless, as welding speed and sheet thickness increase, new challenges and 
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issues emerge, such as the formation of non-common defects for specific materials, such 

as hot-cracking during welding of unalloyed and low-alloyed steels [5–7]. Even though 

hot-cracking is one of the most researched material phenomena in welding, its nature 

remains complex [8,9]. However, it is well recognized nowadays that the interplay of 

three main factors is critical for the welded specimens’ susceptibility to cracking, namely 

the thermal, mechanical, and metallurgical factor [10]. Thereby, the thermal factor defines 

mainly the amount of solidifying metal, the metallurgical factor determines the temporal 

and residual strain/stress evolution, and the metallurgical factor governs the local material 

properties. On the other hand, all three factors and their interactions are greatly influenced 

by the shape of the weld pool and vice versa, as shown in [11]. Early research on deep 

penetration electron beam welding proved the importance of this dependency 

experimentally by introducing a pure Ni wire at different points throughout the thickness 

of the specimen to visualize the solidification front in the longitudinal section after the 

welding process. Thereby, a local disturbance of the solidification front was seen in the 

longitudinal section. This disturbance, nowadays known as the bulging effect, caused a 

locally delayed solidification, which led to a further increase of the cracking sensitivity 

[12–15]. To the best of the authors’ knowledge, there are just a few published studies on 

the occurrence of the bulging effect, i.e., the broadening of the weld pool interface during 

welding with high-power lasers. To overcome the limited experimental accessibility and 

capture the formation and evolution of the bulging region, state-of-the-art visualization 

techniques combining quartz glass with high-speed photography and thermal camera 

recording have been used in more recent research [11,16]. In [17,18] the authors made 

attempts to measure and quantify the extent of bulging during hybrid laser gas metal arc 

welding by establishing an angle based on the narrowest and widest cross-sectional 

dimensions inside the bulging region. Although recent research shows that the bulging 

effect occurs during laser beam welding of thick steel sheets, the collected data does not 

allow for a comprehensive study of the weld pool widening, such as the study of its 

formation mechanisms or its impact on critical factors for defect formation. On the other 

hand, numerical simulations have provided major insights into the research of 

complicated processes as computational capacity has improved in the past two decades. 

The bulging effect can be discovered in various numerical publications, including [19–

25], although not being the subject studied therein. In [7,26], its impact on the mechanical 

factor, i.e., on the temporal strain/stress evolution in the center of the bulging region, has 

been investigated. The equivalent heat source (EHS) technique, see, e.g., [27], has been 

used to further enhance this study, [28,29]. The EHS method allows for a precise coupling 

of the weld pool shape anticipated by a weld pool dynamics simulation and subsequent 

thermo-mechanical calculations [30,31]. The authors’ earlier research [32] provides an 

overview of the relationship between the bulging effect and the occurrence of hot cracks 

during complete penetration laser beam welding, taking into account the three main 

factors. The authors focus on the interplay between the bulge and the increased 

solidification temperature range caused by segregation of impurities, such as sulfur and 

phosphorous, leading to their aggregation ahead of the solid-liquid interface. It has 

already been shown in [33,34], that such a solidification delay reduces the welded 

components’ cracking resistance.  

According to the state-of-the-art in the literature, the bulging effect plays a critical role 

in the formation of defects during complete penetration laser beam welding. However, 
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most of the numerical works on this subject either ignore the bulging phenomenon 

completely or focus on its phenomenological reproduction in order to predict its impact 

on critical factors such as the three main factors determining the specimens’ cracking 

susceptibility. As a result, a more in-depth numerical analysis of this phenomenon is 

required to comprehend the formation of the bulging during laser beam welding process 

and select appropriate process parameters. The current research focuses on the formation 

of the bulge and specifically its relationship to the weld penetration depth. Therefore, an 

effort is made to develop a three-dimensional transient multiphysics numerical model that 

considers the most important physical phenomena, including the multiple reflections and 

Fresnel absorption on the keyhole surface, the vaporization effects, the thermo-capillary, 

and natural convection, the latent heat of phase transformations, and the temperature-

dependent material properties up to the evaporation temperature. Moreover, a large 

amount of experimental data is collected to verify the model's predictions. 

METHODOLOGY 

MATERIALS 

In the welding experiments, two types of unalloyed steel sheets with varying thicknesses 

were used: 8 mm thick high strength steel sheets for ship structures EH36-N and 12 mm 

thick structural steel sheets S355J2+N. The EH36-N and S355J2+N sheets had 

dimensions of 300 mm x 100 mm x 8 mm and 175 mm x 100 mm x 12 mm, respectively. 

The chemical compositions of the materials used was determined by spectral analysis and 

are listed in Table 1. Note that the amount of P and S in the steel sheets is very low and 

therefore the maximum values from the corresponding standard were used in the model. 

Table 1 Measured and standardized chemical composition of the materials used in wt%. 

Material C Si Mn P S Cu Fe 

EH36-N 0.260 1.400 0.028 - - 0.012 bal. 

S355J2+N 0.088 0.34 1.38 - - 0.028 bal. 

DIN EN 10025 ≤0.2 ≤0.55 ≤1.6 ≤0.025 ≤0.035 ≤0.55 bal. 

EXPERIMENTS 

The technical equipment in the experiments included a Trumpf 16002 disc laser with a  

16 kW diode laser illumination, and a Photron FASTCAM SA4 high-speed camera, and 

thermocouples of type K.  

The experimental setup is depicted in Fig. 1, and the process parameters are listed in 

Table 2. All welds produced in the experiments were bead-on-plate welds. The high-

speed camera's frame rate was set to 1000 frames per second, and the diode laser power to  

200 W.  

The experiments were separated into three steps in total. In the first step, a drilling time 

estimation for the complete penetration welding on EH36-N sheets was obtained. 
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Thereby, the optical axis of the high-speed camera lens was aligned perpendicularly to the 

longitudinal section of the sheet. As a result, the first laser reflection on the top surface 

can be captured, as well as the moment when the keyhole penetrates the full thickness of 

the workpiece. In addition, as indicated in Fig. 2 a), thermocouples were placed along the 

weld centerline. One thermocouple was placed on the top surface of the specimen and 

used as a trigger. Additionally, three thermocouples were placed on the bottom surface 

with a distance of around 5 mm to measure the thermal cycle. The moment of complete 

penetration has been estimated based on the measured time temperature curves. To 

acquire an accurate averaged value of the drilling period, the experiment was repeated 

three times.  

In the second step of the experiments, the partial penetration welding on the same 

specimens was performed. Thereby, the weld pool length on the top surface was recorded 

by the high-speed camera, and the thermal cycles were measured by thermocouples 

located at different distances from the weld centerline, see Fig. 2 b). The thermocouples 

utilized in the study were of type K and had a diameter of 0.25 mm. 

In the last step, the 12 mm thick S355J2+N sheets were welded. For the sheets welded 

in the second and third step of the experiment, macro sections were taken from the 

highlighted locations in Fig. 2 c). Several metallographic cross-sections were obtained 

using a 2% nital etching. These were subsequently compared to the numerically obtained 

results. 

Table 2 Processing parameters of the experiments. 

Parameters   Value  

Wave length   1030 nm  

Fibre diameter   200 μm  

Beam parameter product (BPP)   8 mm mrad  

Focal diameter   500 μm  

Focal length   300 mm  

Material  EH36-N  S355J2+N 

Penetration partial  complete partial 

Sheet thickness 8 mm  8 mm 12 mm 

Laser power 5 kW  8 kW 8 kW 

Focal position   0 mm  

Welding speed   2 m min-1  

Laser torch angle   0°  

Shielding gas nozzle angle   35°  

Shielding gas   Ar, 25 L min-1  
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Fig. 1 Experimental setup 

 

Fig. 2 Overview of the positions of the thermocouples for the measurement of the: a)-b) laser 

drilling time and c) time-temperature curves 
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NUMERICAL MODELING 

For the objective of improving the level of understanding regarding the formation of a 

bulging region, a three-dimensional thermo-fluid dynamics model taking into 

consideration the free surface tracking by the volume of fluid (VOF) approach has been 

developed. The numerical framework is based on previous works published in [35–39], 

with some additional enhancements and modifications.  

Assumptions 

Despite the fact that more complex problems may nowadays be numerically analyzed 

due to the advances in computing power, substantial simplifications still need to be made 

in order to get the computational results in a reasonable amount of time. The complex 

physics behind the laser beam welding process, which includes a variety of strongly 

coupled, highly nonlinear interactions between the laser radiation, the vapor phase, the 

molten metal, and the solid material, is another reason for the model's simplifications. The 

following are the primary assumptions used in the simulation: 

• The molten metal is assumed to be Newtonian and incompressible, whereby the 

flow regime of the liquid metal is considered to be laminar. 

• The evaporation of the metal and the vapor flow are not considered in the model. 

Instead, an empirical model is used to account for the effect of the vapor phase 

on the surface of the keyhole. 

• The impact of the density deviation on the flow due to the temperature difference 

is modeled using the Boussinesq approximation. 

Governing equations 

In the following, the governing equations that describe the multiphysics model in a 

fixed Cartesian coordinate system are given. The transient deformation of the solidified 

weld seam profile and molten pool free surface is modeled using the VOF technique. 

• Volume fraction conservation 

𝜕𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙

𝜕𝑡
+ ∇ ⋅ (𝑣 𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙) = 0,      (1) 

where 𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙 denotes the volume fraction of the steel phase in a control volume and  

𝑣  =  (𝑢, 𝑣, 𝑤) is the fluid velocity vector. There are three possible conditions for the 

control volume defined by the volume fraction of the steel, namely a control volume 

containing only the air phase, 𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙 = 0, a control volume containing only the steel 

phase, 𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙 = 1, and a mixture control volume containing the interface between the 

steel and the air phases, 0 < 𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙 < 1. Note that the volume fraction conservation 

equation is solved only for the steel phase; the volume fraction of the air phase is 

computed based on the following constraint: 
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∑ 𝛼𝑣𝑜𝑙𝑖
2
𝑖=1 = 1,       (2) 

where the subscript, i = 1, denotes the steel phase and, i = 2, the air phase [40]. A 

piecewise-linear approach is used to reconstruct the steel-air interface, based on the 

assumption that the interface has a linear slope within each control volume [41]. Volume 

fraction values between 0.2 and 1 and an empirically determined critical volume fraction 

gradient value are used to approximate the free surface of the molten pool and the 

solidified weld. 

• Mass conservation 

∇ ⋅ 𝑣 = 0.       (3) 

• Momentum conservation 

Throughout the computational domain, a single momentum equation is solved. The 

material parameters in each cell are averaged by the volume fraction as a consequence, 

and the resulting velocity field is shared among the phases. For instance, the density is 

determined as follows: 

𝜌𝑚𝑖𝑥 = 𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙𝜌𝑠𝑡𝑒𝑒𝑙 + (1 − 𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙)𝜌𝑎𝑖𝑟,   (4)  

where 𝜌𝑚𝑖𝑥 is the volume-fraction-averaged density; 𝜌𝑎𝑖𝑟 and 𝜌𝑠𝑡𝑒𝑒𝑙 are the densities of 

the air and steel phases, respectively. This method is used to calculate all remaining 

properties such as viscosity and thermal conductivity except the thermal expansion 

coefficient. The momentum equation is given as follows: 

𝜌𝑚𝑖𝑥 (
𝜕�⃗� 

𝜕𝑡
+ (𝑣 ⋅ ∇)𝑣 ) = −∇𝑝 + 𝜇𝑚𝑖𝑥∇

2𝑣 + 𝜌𝑚𝑖𝑥𝑔 + 𝑆 𝑚,   (5) 

where t is the time, p is the fluid pressure, 𝜇𝑚𝑖𝑥 is the dynamic viscosity, 𝑔  is the 

gravitational acceleration vector, and 𝑆 𝑚 is the momentum source term, which is 

expressed as follows: 

𝑆 𝑚 = −𝜌𝑠𝑡𝑒𝑒𝑙𝑔 𝛽𝑠𝑡𝑒𝑒𝑙(𝑇 − 𝑇𝑙𝑖𝑞) +
(1 − 𝛼𝑙𝑖𝑞)

2

(𝛼𝑙𝑖𝑞
3 + 𝜖)

𝐴𝑚𝑢𝑠ℎ𝑣  

+𝑆 𝑠𝑢𝑟𝑓.𝑡𝑒𝑛𝑠𝑖𝑜𝑛 + 𝑆 𝑟𝑒𝑐 + 𝑆 𝑣𝑎𝑝𝑜𝑟,      (6) 

where 𝛽𝑠𝑡𝑒𝑒𝑙 is the thermal expansion coefficient, T is the temperature, 𝑇𝑙𝑖𝑞 is the liquidus 

temperature of the unalloyed steel taken as the reference temperature here, 𝛼𝑙𝑖𝑞 is the 

liquid volume fraction, 𝜖 is a small number in the order of 1 × 10−3, used to avoid division 

by zero, and 𝐴𝑚𝑢𝑠ℎ is the mushy zone constant.  

The thermal buoyancy caused by changes in steel density with temperature is described 

by the first term on the right-hand side (RHS) of Eq. (6) [42]. The second term on the 

RHS relates the inverse of the size of the interdendritic structure to the loss of momentum 

due to solidification in the mushy zone. Thereby, the mushy zone constant Amush is a 

measure for the amplitude of the damping, thus it should be very large to allow for a 

steeper transition of the velocity of the liquid metal to zero as it solidifies, in the current 

study a value in the order of 1 × 107 kg m−3 s−1 was chosen [43,44]. The liquid fraction 

𝛼𝑙𝑖𝑞 is defined as: 
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𝛼𝑙𝑖𝑞 = {

0     for 𝑇 < 𝑇𝑠𝑜𝑙
𝑇−𝑇𝑠𝑜𝑙

𝑇𝑙𝑖𝑞−𝑇𝑠𝑜𝑙
     for 𝑇𝑠𝑜𝑙 ≤ 𝑇 ≤ 𝑇𝑙𝑖𝑞

1    for 𝑇 > 𝑇𝑙𝑖𝑞

,    (7) 

where 𝑇𝑠𝑜𝑙 denotes the solidus temperature of the material used. Additionally, the flow in 

the mushy zone is modeled using the effective viscosity approach. As a result, the 

coherent solid fraction Fc = 0.48 and the critical solid fraction Fcr = 0.64 are used to 

divide the mushy zone into three subregions. However, each region has a different local 

viscosity and drag coefficient. The local effective viscosity is expressed as a function of 

the solid fractions [45]: 

𝜇𝑠𝑡𝑒𝑒𝑙 = 𝜇0 (1 −
𝐹𝑠

𝐹𝑐𝑟
)
−1.55
,  for 𝐹𝑠 ≠ 𝐹𝑐𝑟,    (8) 

where μ0 is the dynamic viscosity at 𝑇𝑙𝑖𝑞 and Fs is the solid fraction. Thereby, a value of 

200 Pa s was chosen for the local viscosity in control volumes with a solid fraction higher 

than the critical solid fraction. The effects of surface tension at the steel-air interface are 

included in the third term of Eq. (6). Thus, the Marangoni stress resulting from the 

fluctuation in surface tension is calculated as follows: 

𝜏𝑀𝑎 =
𝜕𝛾

𝜕𝑇

𝜕𝑇

𝜕𝑡 
,       (9) 

where γ is the surface tension and 𝑡  is the surface unit tangential vector. The surface 

tension is approximated according to [46]: 

𝛾 = 𝛾0 − �̂�(𝑇 − 𝑇𝑙𝑖𝑞) − 𝑅𝑔𝑇𝛤𝑠𝑙𝑛−(1 + 𝐾𝑠𝑎𝑠)    

 with 𝐾𝑠 = 𝑘𝑙 exp(
−𝛥𝐻0

𝑅𝑔𝑇
),     (10) 

where γ0 is the surface tension of the pure metal (here iron), �̂� is the negative slope of γ as 

function of the temperature, Rg is the universal gas constant, 𝛤𝑠 is the surface excess at 

saturation, 𝑎𝑠 is the thermodynamic activity, kl is a constant related to the entropy of 

segregation, and H0 is the standard heat of adsorption. The capillary pressure, which is the 

differential in pressure along the steel-air interface, is calculated as: 

𝑝𝑐𝑎 = 𝛾𝜅,       (11) 

with 𝜅 = ∇ ⋅ �⃗̂�  defined as the curvature in terms of the divergence of the surface unit 

normal vector, �⃗̂�  =
�⃗� 

|�⃗� |
;  �⃗� = ∇𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙 is the inward surface normal vector defined as the 

gradient of the volume fraction of the steel phase. The forces acting on the steel-air 

interface are converted to volume forces using the divergence theorem according to the 

continuum surface force (CSF) model. Therefore, a transformation term is defined 

according to [47]: 

𝐶𝑆𝐹𝑚𝑜𝑚𝑒𝑛𝑡𝑢𝑚 =
𝜌𝑚𝑖𝑥|𝛻𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙|

1

2
(𝜌𝑎𝑖𝑟+𝜌𝑠𝑡𝑒𝑒𝑙)

,     (12) 

allowing to compute the volume force: 
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𝑆 𝑠𝑢𝑟𝑓.𝑡𝑒𝑛𝑠𝑖𝑜𝑛 = (𝑝𝑐𝑎𝐶𝑆𝐹𝑚𝑜𝑚𝑒𝑛𝑡𝑢𝑚)�⃗̂� .    (13) 

One of the main driving forces on the keyhole surface is the evaporation-induced recoil 

pressure, which is indicated by the fourth term in Eq. (6). According to [48], the recoil 

pressure is calculated and converted to a volume force as follows: 

𝑝𝑟𝑒𝑐 =
𝐴𝐵0

√𝑇
𝑒𝑥𝑝 (−

𝑀𝑚𝑜𝑙ℎ𝑣

𝑅𝑔𝑇
) , 𝑆 𝑟𝑒𝑐 = (𝑝𝑟𝑒𝑐𝐶𝑆𝐹𝑚𝑜𝑚𝑒𝑛𝑡𝑢𝑚)�⃗̂� ,  (14) 

where A is a numerical coefficient depending on the ambient pressure and its value is 

approximately 0.55√𝐾 for practical applications; B0 is a vaporization constant, which in 

the case of iron equals 3.9 × 1012 kg m−1 s−2; Mmol is the molar mass, and hv is the latent 

heat of vaporization. The fifth term on the RHS of Eq. (6) includes empirical formulations 

of the vapor-induced stagnation pressure pvapor and shear stress τvapor, based on the 

assumption of a laminar flow regime within the keyhole [49]. According to [19] these can 

be approximated as given: 

𝑝𝑣𝑎𝑝𝑜𝑟 = 𝑝0 +
1

2
𝜌𝑣𝑎𝑝𝑜𝑟|𝑣 �⃗̂� |

2
,     (15) 

𝜏𝑣𝑎𝑝𝑜𝑟 =
1

8
𝑓𝜌𝑣𝑎𝑝𝑜𝑟|𝑣 �̂� |

2
,      (16) 

where p0 is the vapor or atmospheric pressure, ρvapor is the metallic vapor density 

calculated with the ideal gas equation, 𝑣 
�⃗̂� 

 and 𝑣 
�̂� 
 are the normal and tangential projections 

of the vapor velocity vector, �⃗� , on the steel-air interface, respectively, and f = 64/Re. The 

metallic vapor velocity vector acts vertically in the thickness direction and its magnitude 

at the keyhole entrance is assumed to be 150 m s−1 [50]. Additionally, in the partial 

penetration case, the vapor velocity is defined as a function of the penetration/keyhole 

depth, hdepth, increasing linearly from 0 m s−1 at the keyhole bottom to its maximum value 

at the keyhole entrance. Note that there are two metallic vapor velocity vectors acting in 

opposite directions in the complete penetration case. Thereby, one vector increases 

linearly, starting at two-thirds of the plate thickness, reaching 150 m s−1 at the keyhole 

entrance and a second vector increasing in the same manner towards the keyhole exit, 

reaching 100 m s−1 at the sheet bottom [51,52]. The projection of the vapor velocity 

vector onto the surface unit normal vector, �⃗̂� , of the steel-air interface can be obtained as 

follows: 

𝑣 
�⃗̂� 
= (�⃗� ⋅ �⃗̂� )�⃗̂� .       (17) 

The following vector equation can then be used to determine the tangential projection of 

the vapor velocity: 

𝑣 
�̂� 
 = �⃗� − 𝑣 

�⃗̂� 
.       (18) 

Equation 16 is further simplified by substituting the Re number and f into it: 

𝜏𝑣𝑎𝑝𝑜𝑟 =
8𝜇𝑇𝑚𝑎𝑥|�⃗� �⃗̂� 

|

𝐷
,       (19) 

where D is the averaged diameter of the keyhole and 𝜇𝑇𝑚𝑎𝑥 is the dynamic viscosity at the 

maximum reachable temperature applied in the model. For the calculation of D, the 
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keyhole volume, Vkey, is approximated as a cylindrical pipe with the length of the keyhole 

depth, hdepth, giving: 

𝐷 = √
4𝑉𝑘𝑒𝑦

ℎ𝑑𝑒𝑝𝑡ℎπ
.       (20) 

The dynamic viscosity at Tmax is obtained by making used of the kinematic theory of 

gases: 

𝜇𝑇𝑚𝑎𝑥 =
𝑀𝑚𝑜𝑙

3√2�̂�
√
8𝑘𝑏𝑇𝑚𝑎𝑥

π𝑀𝑚𝑜𝑙
,      (21) 

where �̂� = πd2
mol is the collision cross-section of the molecule with the molecular 

diameter, dmol, and kb is the Boltzmann constant. The dynamic viscosity value for the 

unalloyed steel used in this study is approximately 1.62 × 10−4 kg m−1 s−1 for a super-

heating temperature of 3400 K [53,54], as shown in Table 1. The corresponding source 

term can be expressed as: 

𝑆 𝑣𝑎𝑝𝑜𝑟 = 𝑆 𝑠𝑡𝑎𝑔𝑛𝑎𝑡𝑖𝑜𝑛 + 𝑆 𝑠ℎ𝑒𝑎𝑟 ,      

with 𝑆 𝑠𝑡𝑎𝑔𝑛𝑎𝑡𝑖𝑜𝑛 = (𝑝𝑣𝑎𝑝𝑜𝑟𝐶𝑆𝐹𝑚𝑜𝑚𝑒𝑛𝑡𝑢𝑚)�⃗̂� ,   (22) 

and 𝑆 𝑠ℎ𝑒𝑎𝑟 = (𝜏𝑣𝑎𝑝𝑜𝑟𝐶𝑆𝐹𝑚𝑜𝑚𝑒𝑛𝑡𝑢𝑚)�̂�
 .     

Here, the shear stress and stagnation pressure are converted to volume forces using the 

CSF method, in accordance with [55]. 

• Energy conservation 

𝜌𝑚𝑖𝑥 (
𝜕𝐻𝑚𝑖𝑥

𝜕𝑡
+ (𝑣 ⋅ ∇)𝐻𝑚𝑖𝑥) = ∇ ⋅ (𝜆𝑚𝑖𝑥∇𝑇) + 𝑆𝑒 ,    (23) 

where Hmix is the enthalpy, λmix is the heat conductivity, and Se is the source term. 

Thereby, the enthalpy of the material is the sum of the sensible enthalpy, hmix, and the 

latent heat of fusion of the material used, hf: 

𝐻𝑚𝑖𝑥 = ℎ𝑚𝑖𝑥 + ℎ𝑓,      (24) 

with hmix: 

ℎ𝑚𝑖𝑥 = ℎ𝑟𝑒𝑓 + ∫ 𝑐𝑝𝑚𝑖𝑥𝑑𝑇
𝑇

𝑇𝑟𝑒𝑓
,     (25) 

where, the subscript, ref, stands for reference and 𝑐𝑝𝑚𝑖𝑥 is the specific heat at constant 

pressure. Furthermore, the latent heat content, L, in each control volume, is expressed in 

terms of the latent heat of the material and the liquid fraction: 

ℎ𝑓 = 𝛼𝑙𝑖𝑞𝐿,        (26) 

varying between zero in the solid region and L in the liquid region [43]. The source term 

can be written as: 

𝑆𝑒 = 𝑆𝑙𝑎𝑠𝑒𝑟 + 𝑆𝑐𝑜𝑛𝑣𝑒𝑐𝑡𝑖𝑜𝑛 + 𝑆𝑟𝑎𝑑𝑖𝑎𝑡𝑖𝑜𝑛 + 𝑆𝑒𝑣𝑎𝑝𝑜𝑟𝑎𝑡𝑖𝑜𝑛 + 𝑆𝑟𝑒𝑐𝑜𝑛𝑑𝑒𝑛𝑠𝑎𝑡𝑖𝑜𝑛.  (27) 

The laser heat flux density is assumed to have a Gaussian-like axisymmetric distribution 

defined as [19]: 
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𝑞𝐿(𝑥, 𝑦) =
2𝑃𝐿

𝜋𝑟𝑓0
2 exp(−2

𝑥2+𝑦2

𝑟𝑓0
2 ),      (28) 

where PL is the laser power and 𝑟𝑓0 is the laser beam radius at the focal plane. A self-

consistent ray tracing method described in [19] is used to calculate the three-dimensional 

energy distribution while taking into account the multiple reflections at the keyhole 

surface and Fresnel absorption. Thereby, the laser beam is approximated with 755 sub-

rays, by discretizing the laser spot in the focal plane by 31 × 31 sub-regions with a length 

of 𝐷𝑠𝑢𝑏 =
2𝑟𝑓0

31
. Thus, the energy density of each sub-ray is location-dependent. The 

power of each sub-ray is calculated by multiplying the surface area of the sub-region 

beneath it by the corresponding sub-ray power density: 

𝑃𝑟𝑎𝑦(𝑥, 𝑦) = 𝑞𝐿(𝑥, 𝑦) (
𝑟𝑓0

31
)
2
.      (29) 

The initial path of each sub-ray is defined by the diffraction of the laser beam. Therefore, 

the laser beam radius at any height, z, along the optical axis is approximated as: 

𝑟𝑓(𝑧) = 𝑟𝑓0 (1 + (
𝑧−𝑧0

𝑧𝑟
)
2
)
1/2

.     (30) 

Here z0 is the position of the focal plane and zr is the Rayleigh length. The reflection 

direction vector, �⃗� 𝑖, of the i-th reflection is calculated by the following vector equation: 

�⃗� 𝑖 = �⃗� 𝑖−1 − 2(�⃗� 𝑖−1 ⋅ �⃗̂� )�⃗̂� .      (31) 

The direct search method described in [56] is used to select the free surface cell from 

the center of which the sub-ray is reflected. Furthermore, the absorption rate is calculated 

using the Fresnel reflection model, as stated in [57]: 

�̂� = 1 −
1

2
(
1+(1−𝜀 cos𝜃𝑖)

2

1+(1+𝜀 cos𝜃𝑖)
2 +
𝜀2−2𝜀 cos𝜃𝑖+2cos

2 𝜃𝑖

𝜀2+2𝜀 cos𝜃𝑖+2cos
2 𝜃𝑖
),    (32) 

with ε - a material dependent coefficient taken and modified according to [58] and θi - the 

incident angle at the i-th reflection point. The total energy of all sub-ray reflections in the 

cell is added up, and the laser power absorbed in each cell is determined by dividing the 

result by the volume of the cell, Vcell: 

𝑆𝑙𝑎𝑠𝑒𝑟(𝑥, 𝑦, 𝑧) =
∑ 𝑞𝑟𝑎𝑦(𝑥,𝑦)
755
𝑗=1

𝑉𝑐𝑒𝑙𝑙
.     (33) 

The convective and radiative heat transfer are taken into account by the second and third 

terms on the RHS of Eq. (27), defined as: 

𝑞𝑐𝑜𝑛𝑣𝑒𝑐𝑡𝑖𝑜𝑛 = ℎ𝑐(𝑇 − 𝑇𝑟𝑒𝑓), 

𝑞𝑟𝑎𝑑𝑖𝑎𝑡𝑖𝑜𝑛 = 𝜎𝜀𝑟(𝑇
4 − 𝑇𝑟𝑒𝑓
4 ).     (34) 

Here hc = 15 W m−2 K−1 is the heat convection coefficient, σ is the Stefan-Boltzmann 

constant, and εr is the emissivity [59]. Note that it is accounted not only for the outward 

convective and radiative heat fluxes, but as well for the inward heat fluxes due to the 

high-temperature metal vapor, reaching temperatures of up to 6000 K, known as a 
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secondary heat effect. For this, the reference temperature, Tref, was set to 6000 K for the 

inward heat fluxes, and to 300 K for the computation of the heat loss caused by the 

outward heat fluxes [60]. In the present study the range of action for the secondary heat 

effect was adapted according to the geometrical dimensions of preliminary obtained 

metallographic cross-sections. The evaporation loss source term is calculated according to 

[61] 

𝑞𝑒𝑣𝑎𝑝𝑜𝑟𝑎𝑡𝑖𝑜𝑛 = 𝜌𝑙𝑖𝑞ℎ𝑣𝐹𝑒,       (35) 

where ρliq is the liquid density and Fe is the evaporation recession speed. It should be 

noted that the evaporation loss was only taken into account for control volumes reaching 

temperatures higher than 2700 K because the formulation of the evaporation model is 

derived for rapid evaporation and does not account for diffusive evaporation. Due to the 

numerical adaptation of the critical temperature value of 2700 K, the overall amount of 

heat loss falls within the experimentally measured range of up to 3%. The recondensation 

heat flux is described by the last term on the RHS of Eq. (27). From the total amount of 

evaporation heat loss, estimated with Eq. (35), 18% are considered as local 

recondensation, and 72% are linearly redistributed along the keyhole, according to [60]. 

In the case of complete penetration, the amount is redistributed linearly from zero at the 

keyhole bottom to its maximum value at the keyhole entrance. On the other hand, in the 

case of partial penetration, the amount of recondensation heat at the keyhole bottom exit 

is 80% of the amount at the keyhole top exit. It is important to note that the unit for all 

heat fluxes mentioned above is W m−2. Therefore, in order to convert the heat fluxes to 

power densities with the unit of W m−3, a transformation term is defined that is similar to 

the one applied in the CSF model: 

𝑇𝑇𝑒𝑛𝑒𝑟𝑔𝑦 =
𝜌𝑚𝑖𝑥𝑐𝑝𝑚𝑖𝑥|𝛻𝛼𝑣𝑜𝑙𝑠𝑡𝑒𝑒𝑙|

1

2
(𝜌𝑎𝑖𝑟𝑐𝑝𝑎𝑖𝑟+𝜌𝑠𝑡𝑒𝑒𝑙𝑐𝑝𝑠𝑡𝑒𝑒𝑙)

.      (36) 

Here 𝑐𝑝𝑎𝑖𝑟 is the specific heat of air; the resulting power densities are given as: 

𝑆𝑖 = 𝑞𝑖𝑇𝑇𝑒𝑛𝑒𝑟𝑔𝑦,        (37) 

where i stands for convection, radiation, evaporation and recondensation. 

Boundary conditions 

The pressure and viscous stress boundary conditions on the steel-air interface are 

expressed by the following scalar conditions in accordance with the fundamentals of fluid 

dynamics and assuming that the air phase is inviscid (μair = 0) and incompressible: 

𝑝𝑎𝑖𝑟 − 𝑝𝑠𝑡𝑒𝑒𝑙 + 2𝜇𝑠𝑡𝑒𝑒𝑙
𝜕�⃗� 
�⃗⃗̂� 

𝜕�̂� 
= 𝑝𝑐𝑎 + 𝑝𝑟𝑒𝑐 + 𝑝𝑣𝑎𝑝𝑜𝑟    (38) 

−𝜇𝑠𝑡𝑒𝑒𝑙 (
𝜕�⃗� 
�⃗⃗̂� 

𝜕�̂� 
+
𝜕�⃗� 
�⃗̂� 

𝜕�⃗̂� 
) = 𝜏𝑀𝑎 + 𝜏𝑣𝑎𝑝𝑜𝑟.      (39) 

Note that, as mentioned above, the surface unit normal vector is directed into the steel 

phase's interior.  
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Fig. 3 Overview of the boundary conditions of the multi-physics model 

According to the multiple Fresnel absorption, heat convection, thermal radiation, 

evaporation, and recondensation, the energy boundary condition on the free surface is 

given as: 

−𝜆𝑚𝑖𝑥
𝜕𝑇

𝜕�⃗̂� 
= 𝑞𝐿 − 𝑞𝑐𝑜𝑛𝑣𝑒𝑐𝑡𝑖𝑜𝑛 − 𝑞𝑟𝑎𝑑𝑖𝑎𝑡𝑖𝑜𝑛 − 𝑞𝑒𝑣𝑎𝑝𝑜𝑟𝑎𝑡𝑖𝑜𝑛 + 𝑞𝑟𝑒𝑐𝑜𝑛𝑑𝑒𝑛𝑠𝑎𝑡𝑖𝑜𝑛. (40) 

Convective heat transfer was taken into account at the bottom of the steel-phase domain, 

where the boundaries of the air-phase domain were configured as pressure outlets. It 

should be noted that the simulation domain was designed to minimize the computing 

time. As a result, the actual steel sheets are significantly larger than the computational 

domain. By applying the continuity boundary condition introduced in [62], an appropriate 

treatment of the boundaries was ensured. The boundary conditions are shown in Fig. 3. 

Material properties 

The temperature-dependent material properties utilized in the simulation were 

implemented up to the maximum temperature of 3400 K specified in the model. Because 

both materials were unalloyed steels, the same thermo-physical material properties were 

utilized. The base material was modelled as a ferritic phase, with the properties of the 
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austenite phase being used for temperatures above the austenitization point. The solid-

solid phase transformation was considered by converting it to a specific heat and adding 

this to the heat capacity curve, see Fig. 4. where the thermophysical material properties 

are plotted. The value for the steel density was averaged in the temperature range of 

interest between 1200 K and 2800 K, resulting in ρsteel = 7060 kg m−3. 

 

Fig. 4 Thermo-physical material properties for unalloyed steel utilized in the multi-physics 

model [46,63,64] 

Numerical setup 

The dimensions of the computational domain used in the present study are 32 mm in 

length, 8 mm in width, and, depending on the thickness of the steel sheets to be welded, 8 

mm or 12 mm in thickness, see also Fig. 3. The regions between −2.9 mm ≤ y ≤ 2.9 mm 

and 3 mm ≤ x ≤ 29 mm were finely meshed with a recommended fixed cell size of 0.2 

mm according to [65]. The cell size outside these regions are defined by a growth rate of 

1.1, resulting in a total amount of 372,960 control volumes for the 12 mm thick steel 

sheets. To ensure an adequate calculation of the reflection point of the sub-rays, the weld 

seam start and end locations were chosen within the finely meshed region at x = 3.5 mm 

and x = 28.5 mm, respectively. Above the steel sheet, an air layer between 0 mm ≤ z ≤ 2.0 

mm was defined above the steel sheet allowing to track the free steel-air interface by the 

VOF method. An identical air layer was put beneath the steel sheet for the full penetration 

calculation. The finite volume software ANSYS Fluent was used to solve all governing 

equations. The momentum and energy conservation equations were discretized spatially 

using a second order upwind technique, and the transient terms were discretized using a 

first order implicit formulation. The PISO approach was utilized for the pressure-velocity 

coupling, and the Geo-Reconstruct technique was applied to reconstruct the steel-air 

interface. The computation was carried out on a high-performance computing cluster at 

the Bundesanstalt für Materialforschung und -prüfung (BAM). In average, 200 hours 

computing time were needed to simulate 0.6 second real process time.  
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RESULTS AND DISCUSSION 

VALIDATION OF THE NUMERICAL RESULTS 

To validate the numerical results, several experimental data were measured and analyzed 

in accordance with the ISO/TS 18166 standard [66]. By comparing the averaged drilling 

time, the weld pool length, the shape of the fusion zone, and the thermal cycles, the multi-

physics model was first validated for the 8 mm thick EH36-N sheets. Following the 

validation of the model, further results, such as for 12 mm thick sheets, were verified by 

comparing the fusion line and process efficiency.  

Comparison of the averaged drilling time 

The drilling time was measured using a high-speed camera similar to the experimental 

setup shown in Fig. 1. To determine an average value for the drilling time at 8 mm thick 

sheets, the experiment was carried out three times. Table 2 lists the parameters of the 

process. Two frames recorded by the high-speed camera from one of the three 

measurements are displayed in Fig. 5. As a result, a) denotes the moment of the first 

reflection on the top surface of the specimen, and b) the moment when complete 

penetration is achieved. The measurement tolerance was 1 ms because the frame rate was 

set to 1000 Hz. The drilling time is calculated from the frames and is approximately 197 

ms. The second and third measurements took roughly 164 ms and 224 ms, respectively. In 

addition, based on the thermocouple values, the drilling time was determined, see Fig. 2 

a)-b). Around 7 mm ahead of the welding start point, complete penetration was achieved. 

The drilling time is estimated to be 210 ms. Thereby, the average of all measurements is 

198 ms. The numerically obtained drilling curve is shown in Fig. 5. c). As seen, the 

drilling time is approximately 191 ms, which agrees well with the experimentally 

obtained values. 
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Fig. 5 Drilling time measured by a high-speed camera: a)-b) experimental, c) numerical 

drilling time 

Comparison of the weld pool shape 

The precise prediction of the molten pool and the flow pattern therein was one of the 

objectives of the numerical model. The solidus isotherm, Tsol, defines the weld pool 

interface and enables for the extraction of the numerical fusion line from a cross-section 

as well as the weld pool length on the top surface. Three metallographic cross-sections 

were taken from the quasi-steady state region of the weld seam, as shown in Fig. 2, to 

account for the experimental tolerances c). Fig. 6 a)-c) show the shape of the experimental 

fusion lines for the 8 mm thick sheets. As illustrated in Fig. 6 d), the experimental 

tolerance is estimated from the overlap of the three fusion lines. In Fig. 6 e), the 

numerical fusion line is compared to the experimental average, showing good correlation. 

The multi-physics model was validated for the partial penetration situation of welding 8 
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mm thick sheets, as stated above. By comparing the fusion line shape and process 

efficiency, the numerical figures computed for sheets with a thickness of 12 mm were 

validated as well. The experimentally measured and numerically estimated fusion lines 

for the 12 mm thick sheets are shown in Fig. 7. As observed, there are rather small 

differences between the fusion lines, which are attributable to the experiment and model's 

tolerances. Finally, the weld pool geometry is verified by comparing the measured and 

simulated weld pool lengths, as shown in Figure 8. The numerical model predicted an 8.2 

mm weld pool length, which was slightly shorter than the experimentally measured value 

of 8.6 mm. It should be noted that the weld pool length varied along the weld seam. 

Therefore, a tolerance value is defined as a difference below 5%.  

 

Fig. 6 a)-c) depict three metallographic cross-sections extracted from the middle of the weld 

seam of the 8 mm thick sheets. Colored lines are used to highlight the fusion line's shape. In 

d), the overlap of the three fusion lines defines the experimental tolerance range. The fusion 

line from b) is compared to the calculated fusion line in e) 
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Fig. 7 a) depicts a metallographic cross-section extracted from the middle of the weld seam 

for 12 mm thick sheets. A white line highlights the fusion line's contour. b) points out the 

difference between the experimental and numerical fusion lines 

 

Fig. 8 a) shows the high-speed camera recorded weld pool length from the middle of the 

weld seam. b) shows the simulated weld pool length at t = 0.33 s 
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Comparison of the thermal cycles and the process efficiency 

The next stage in the validation process is to compare the measured and predicted 

values for the thermal cycles and process efficiency. The thermal cycles are essential to 

the welding process because they allow for the prediction of the local microstructure and 

mechanical characteristics of the component to be joined. The comparison of the 

measured and calculated time-temperature curves is shown in Fig. 9. Note that a number 

of time-temperature curves have been obtained experimentally. But for the purposes of 

comparison, the curve with the highest measured temperature is used. The thermal 

behavior of the welded sheets is accurately predicted by the numerical model, as shown in 

Fig. 9. The calculated process efficiency in the model is taken as a validation parameter in 

addition to the time-temperature curves. The quantity of energy absorbed during the 

calculations of the complete and partial penetration cases of the 8 mm thick sheets is 

shown in Fig. 10. The average efficiency in the simulations for both complete and partial 

penetration was around 79% and 83%, respectively. This agrees well with experimental 

findings [67] using similar laser powers and processing speeds. It should be noted that the 

drilling stage of the process was taken into account into the averaged values. The average 

amount of absorbed energy declines as the process approaches complete penetration at 

around 200 ms, resulting in a reduced overall averaged amount. The fluctuations of the 

absorbed heat during partial penetration, on the other hand, are much smaller, caused 

primarily by fluctuations of the keyhole surface, which have a direct impact on the 

multiple reflections. 

 

Fig. 9 Comparison of calculated and measured thermal cycles on the top surface of an 8 mm 

thick sheet 
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Fig. 10 Amount of absorbed energy computed with the multi-physics model 

TRANSITION BEHAVIOR OF THE BULGING EFFECT 

The multiphysics model described and validated in the previous sections allowed for the 

investigation of the fluid flow and thus of the formation of the bulging region. Several 

experiments and calculations with various sheet thicknesses and welding parameters for 

the partial penetration case have been carried out in order to estimate the transition from a 

slight bulge to a fully developed bulging, which can be considered to have a significant 

impact on the weld seam quality. Based on the numerical results, it was revealed that the 

flow pattern in the model's longitudinal plane is characterized by two vortexes with 

opposing directions, regardless of the presence of a bulge region. The thermo-capillary 

driven flow dominates the upper region of the weld pool, creating an elongated weld pool 

surface. The weld pool length, as shown in Figs. 11 and 12, is strongly dependent on the 

dynamic behavior of the keyhole due to transient fluctuations and varies along the 

penetration depth. The vortex in the lower region of the weld pool is rather small, because 

of the recoil pressure on the keyhole bottom, which is dependent on the amount of 

absorbed energy and determined by the multiple reflections in the keyhole. The liquid 

metal in the upper region flows backwards away from the keyhole rear wall, then 

downwards and forward in the welding direction at about half the length of the weld pool. 

The molten material at the bottom is pushed backward and redirected upward along the 

solid-liquid boundary. The two circulations collide and change course toward the rear 

wall of the keyhole. The interaction of these circulations contributes to the formation of a 

bulging region. When the recoil pressure-induced circulation in the bottom part of the 

weld pool, which pushes the liquid metal to the rear part of the weld pool, and the 

subsurface backflow in the top region, which is a result of mass conservation, collide, a 

narrowed zone between these is formed. The narrowing of the weld pool geometry leads 

to a stronger separation of the two main circulations in the top and bottom region of the 

weld pool, causing an accumulation of molten material in the bottom region. As a result, a 

bulging effect is formed.  
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Fig. 11 Temporal evolution of the calculated weld pool shape in the longitudinal plane during 

partial penetration welding of 8 mm thick sheets 

 

Fig. 12 Temporal evolution of the calculated weld pool shape in the longitudinal plane during 

partial penetration welding of 12 mm thick sheets 

Even though the flow pattern in the weld pool appears to be independent on the bulging 

region, a bulging region forms when the size and magnitude of the circulations are large 

enough. The flow directions in the longitudinal section of both the 8 mm and 12 mm thick 

steel sheets are very similar, as observed in Figs. 11 and 12. In the case of 8 mm thick 

sheets, however, the two vortexes are not large and strong enough to form a narrowed 
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region between the top and bottom regions of the weld pool. This statement is as well 

supported by the experimentally determined depths at which the bulge can be observed in 

the metallographic cross-sections. According to Figs. 6 and 7, the experimental depths of 

the center of the bulging region for the 8 mm and 12 mm thick steel sheets are 

approximately 3.2 mm and 5.2 mm, respectively. As seen in Figs. 11 and 12, these values 

are in good agreement with the numerically predicted values of 3.8 mm and 4.9 mm. 

Thereby, the reduced heat input and penetration depth are the cause of the circulations' 

smaller size and magnitude. The amount of molten material and the penetration depth 

increase in proportion to the increase in laser power used to weld the 12 mm thick sheets 

when compared to the case of welding 8 mm sheets. The penetration depth was 

approximately 5.7 mm and 9.3 mm for the 8 mm and 12 mm sheets, respectively. Thus, as 

the penetration depth increases, the interaction between the main circulation intensifies, 

leading to the formation of a necking region between these. The necking forms 

approximately when the weld pool shape reaches a quasi-steady state, as illustrated in Fig. 

12 a). According to numerical observations, both the necking and the bulging are no 

steady-state phenomena. Although both phenomena are transient, the necking and bulging 

occur together as if one may be the consequence of the other and vice versa. Moreover, 

the numerical results show that the bulging occurs at penetration depths above 6 mm and 

more frequently at penetration depths around 9 mm. Consequently, the region between 6 

mm and 9 mm penetration depth can be considered as the transition region from a slight 

bulge to a fully developed bulge. 

CONCLUSIONS 

The mechanism of the so-called bulging effect and its transition behavior, or more 

precisely its dependence on penetration depth, have been confirmed and studied 

experimentally as well as numerically in the current work. The following are the main 

conclusions drawn from the obtained results: 

• A three-dimensional transient multi-physics numerical model is established, 

which automatically accounts for the transition from partial to complete 

penetration welding and allows for the prediction and study of the formation of a 

bulging region. 

• Several experimental measurements and observations, such as drilling time, weld 

pool length, thermal cycles, process efficiency, and metallographic cross-

sections, show very good agreement with the numerically obtained results. 

• A bulging region forms once a necking between the top and bottom regions of 

the weld pool occurs, separating the two main circulations therein. Moreover, the 

necking and bulging regions are observed to occur transiently but always 

simultaneously as if one may be the consequence of the other and vice versa.  

• It is found that the bulging effect strongly depends on the penetration depth, with 

an increasing tendency for a bulging region to form with increasing penetration 

depth. Moreover, the region between 6 mm and 9 mm penetration depth can be 

considered as the transition region from a slight bulge to a fully developed bulge. 
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