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Abstract

Thermal modelling of electric machines forms a vital and integral part of electric
machine design and analysis. Attempts to boost the utilisation or the efficiency of
electric machines even increase the importance of thermal considerations during
machine design and analysis.

In order to understand or even predict the thermal behaviour of electric machines,
both the heat generation and the heat transfer mechanisms in electric machines need
to be understood.

In the first part, a detailed analysis of the key components is carried out by an-
alytic and numerical means targeting at not only providing a comprehensive over-
view of the relevant components and the available methods and tools for the anal-
ysis but also to review the modelling approaches themselves. Particularly the par-
allel model development of the same components—with specific differences and
similarities between both modelling approaches—allows to verify and compare the
models.

The target of a subsequent case study of a tested induction machine is to merge the
two modelling concepts, the analytic and the numerical modelling, with actual mea-
surements of the induction machine. For this purpose, several specific experimental
tests are carried out and the corresponding analytic and numerical simulations are
run. The comparison of the simulation results with the measurements allows to
verify not only the models but also to better understand the connection between
simulated and measured values and to identify potential strengths and weaknesses.

Zusammenfassung

Das Streben nach einer Erhöhung der Ausnutzung elektrischer Maschinen (teil-
weise einhergehend mit einer stärkeren thermischen Beanspruchung) wie auch die
Tatsache, dass elektrische Maschinen in zunehmenden Maße nicht mehr nur in ei-
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Zusammenfassung

nem fixen Bemessungspunkt oder einem festgelegten einfachen Bereich betrieben
werden, erfordern ein besseres Verständnis des thermischen Verhaltens elektrischer
Maschinen. Neben der Fragestellung der korrekten Modellierung der Wärmepfade
kommt auch der möglichst akkuraten Modellierung der Verlustquellen eine ent-
scheidende Rolle zu, da die Verluste die Eingangsgrößen der thermischen Modelle
darstellen und somit einen unmittelbaren Einfluss auf die Ergebnisse haben.

Die für thermische Simulationen zur Verfügung stehenden analytischen und nu-
merischen Methoden und Werkzeuge werden in einem ersten Schritt zur verglei-
chenden Analyse der thermischen Modellierung der verschiedenen Komponenten
eletrischer Maschinen verwendet. Der parallele Aufbau analytischer und numeri-
scher Modelle ermöglicht hierbei eine vergleichende Betrachung der beiden Ansät-
ze und auch eine Verifikation der Modelle.

Eine Asynchronmaschine dient in einem weiteren Schritt als Fallbeispiel, um Ge-
samtmodelle elektrischer Maschinen auf Basis der beiden Modellierungsansätz ge-
genüberstellen und mit Ergebnissen experimenteller Tests vergleichen zu können.
Spezielle experimentelle Tests mit einer reduzierteren Komplexität in Bezug auf die
Verluste und die relevanten Wärmepfade erlauben hierbei eine erleichterte und ziel-
gerichtete Analyse und Validierung.
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Overview of Contribution

Thermal modelling of electric machines is a combined problem of how to adequately
model the separate components and of how to combine the component models to
an overall model. Studying the thermal behaviour of electric machines furthermore
comprises the study of the different heat transfer mechanisms heat conduction, con-
vection and radiation, which are all present in electric machines. Additional com-
plexity is added by the input of the thermal simulations, namely the losses, which
are generated in different components of electric machines and which are by them-
selves complex phenomena.

Numerous thermal models have been developed that cover a wide range of as-
pects associated with the thermal analysis of machines, ranging from very detailed
analyses of specific effects (e.g. the convective heat transfer in the end winding re-
gion of special machine types) to thermal models that allow for the analysis of com-
plete machines with complex cooling systems.

Yet, even though the thermal analysis has been the subject of research for more
than one century, both the complex loss phenomena in electric machines (being the
input for the thermal models) and the heat transfer mechanisms in the complex mo-
tor assemblies are still active fields of research. The advance of numerical methods
and tools and the general availability of powerful computers, for instance, provide
researchers with a powerful method capable of potentially refined thermal analyses,
while modern variable-speed drives introduce additional challenges with respect to
the generated losses and the dynamic operational patterns at the same time.

This work targets at introducing, analysing and interpreting the thermal compo-
nent modelling as well as the modelling of complete machines, using the available
analytic and numerical tools and methods. A particular focus is put on the provision
of reference models or reference data for the model validation. This more holistic
approach differs from existing works in that analytic and numerical models are con-
sistently developed in parallel, wherever possible. The analytic and the numerical
approaches are, additionally, compared with respect to underlying assumptions and
their effects on the simulation results.

In a following step, the analytic and the numerical component models are incor-
porated in an analytic as well as in a numerical modelling framework (respectively)
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Overview of Contribution

that allow to simulate a complete electric machine. Experimental tests furthermore
allow to not only compare analytic and numerical simulations but also to merge
both modelling approaches with actual measurements.

In contrast to most studies, in which the target and also the criterion for the model
accuracy is the best match with measurement data, the target in this work is not to
develop and to adjust thermal models in order to achieve the best match between
the developed models and benchmark models or measurements. By contrast, the
fact that no hidden calibrations are carried out but deviations are accepted, a more
transparent analysis and discussion is expected together with offering a better in-
sight into the challenges related to field of thermal modelling.

The component modelling is analysed by reviewing the existing modelling ap-
proaches or models first and, subsequently, by deriving analytic and numerical
models. Where an explicit modelling is not possible or feasible, e.g. in the case of
the contact resistances, the possible consideration in analytic and numerical models
is explained.

Experimental tests of an induction machine, which has been equipped with ther-
mal sensors, extends the component modelling in that an additional source for ver-
ification is provided. Similar to the analysis of the component modelling, the aim
of the case study is not to achieve the best match with e.g. just one standard load
point, which would easily be possible with some parameter adjustments. Instead,
the partly even very significant deviations permit to discuss associated challenges
when using different modelling techniques and when trying to merge those with
measured data.
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Symbols

Roman
A Area, cross-sectional area, interface area, area of bearing

seating
m2

Ai Area; i = index m2

B̂ Peak value of the magnetic field strength T

bb Bearing width m

Bi Biot number 1
C Matrix of thermal capacities J

K

Cb,dyn Basic dynamic load rating N

cfr Friction coefficient 1

cp Specific heat (at constant pressure) J
kg K

Cth (Lumped) Thermal capacitance J
K

Cth,cj (Lumped) Thermal capacitance of the cooling jacket J
K

Cth,i (Lumped) Thermal capacitance; i = index J
K

D Bearing outer diameter m

d Thickness m
db (Bearing) Bore diameter m

db Mean bearing diameter m

dco Wire copper diameter m

dh Hydraulic diameter m

ds Seal counterface diameter m
dwire Wire diameter m

Erad Rate of energy radiation per unit surface area W
m2

f Frequency Hz

f0b Coefficient for the speed-dependent frictional torque 1

f1 Stator frequency Hz

F12 Shape factor between surfaces 1 and 2 1
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kec Empirical factor used for the estimation of eddy current
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1

khyst Empirical factor used for the estimation of hysteresis losses 1

kq Heat transfer coefficient of bearing seating surface W
m2 K

krou Roughness factor 1

ks1 First empirical factor for the calculation of sealing losses 1

ks2 Second empirical factor for the calculation of sealing losses 1

L Characteristic length m
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L1σ Stator leakage inductance H
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lr Rotor length m
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~P Vector containing the input power of each phase; vector of
loss injections

W

p Number of pole pairs 1

P1b Bearing load N

Padd Additional losses W

P′airGap Losses per unit length generated in the air gap W
m
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PJoule Average Joule losses of winding W

Pr Prandtl number 1
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Q̇ Heat flow rate W
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W
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T Temperature K

t Time s
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Chapter 1

Introduction

A concise description of the thermal modelling problem of electric machines can be
found in C. Soderberg’s paper Steady Flow of Heat in Large Turbine-Generators pub-
lished back in 1931 [1]:

“The predetermination of the temperature in electrical machines involves three distinct
problems:

1. The magnitude and the distribution of the losses.
2. The flow of the cooling medium through the machine, and its cooling effect.
3. The flow of heat from the source of generation to the cooling medium.”

Soderberg, who focussed on the third aspect in the cited paper, identified the chal-
lenges and key aspects of the thermal electric machine modelling more than eighty
years ago. Despite fundamental developments in the fields of computer technology
and electric machine and drive technology, such as the advance of computer-aided
engineering and inverter-fed electric machines, the steps required when analysing
the thermal behaviour still remain valid.

1.1 Scope of the thesis

The determination or prediction of losses in electric machines (being the first sub-
problem according to Soderberg) is a prerequisite for carrying out thermal analyses
since the losses are the direct input for subsequent or coupled thermal calculations.
More specifically, the spatial distribution of the losses highly affects the tempera-
ture distribution in the electric machine and, moreover, the losses themselves vary
with temperature. Consequently, machine losses are an integral part of an overall
thermal study and are thus covered in this work.

However, due to the complexity of the loss mechanisms in electric machines with
some of them not even having been fully understood, losses are introduced and
analysed with respect to the basic requirements for building and analysing thermal
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Chapter 1 Introduction

models, i.e. the identification and approximation of the dominating loss sources.

The different loss mechanisms inside an electric machine—such as Joule heating
in the machine windings and losses in the ferromagnetic material—cause spatial
temperature differences within the components as well as between the machine
components and lead to a temperature elevation of the machine with respect to its
surrounding. In order to increase the utilisation of electric machines and to ensure
that the thermal limits of the different machine components are not exceeded, a myr-
iad of different cooling designs have been developed for the different machine types,
their rating and application. The wide range of cooling systems, including free cool-
ing, direct conductor cooling and cooling concepts with multiple cooling circuits,
are classified in (ÖVE) EN standard 60034-6 [2]. This work’s focus on three-phase
water-jacket cooled electric machines in the power range of tens of kilowatts allows
an in-depth analysis of one particular cooling system, yet—due to the presence of all
three heat transfer phenomena, namely convection, conduction and radiation—the
findings may be applied to all other concepts accordingly.

Moreover, it would neither be feasible nor possible to cover all types of electric
machines. Therefore, machine types such as DC machines and slip-ring induction
machines that are not the first choice in variable-speed application with high de-
mands on torque and power density are not covered. Nonetheless, the concepts and
methods may be applied to all machine types similarly.

An induction machine is used to validate the analytic and numerical models and
to illustrate the use of the modelling approaches and tools. Nonetheless, the in-
duction machine only serves as an exemplary case study. The key concepts are not
specific to the presented induction machine but may be applied to different machine
types. The modelling of random-wound machine windings, for instance, is by no
means limited to the presented induction machine and the findings may be even
used in the context of form-wound windings.

1.2 Outline of the thesis

A brief summary of the basic loss sources in electric machines is given in Section 1.3,
including analytic and numerical methods to estimate their magnitudes.

The three heat transfer mechanisms that form the basis of the second and third of
Soderberg’s sub-problems are introduced in Sec. 1.4.

Finally, approaches to model and solve the resulting heat transfer problems by
means of analytic and numerical methods are reviewed in Sec. 1.5.

Analytic and numerical thermal models are developed and analysed for the dif-
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1.3 Losses in electric machines

ferent machine components in Chapter 2. The parallel development permits to iden-
tify similarities in both modelling approaches, such as common underlying assump-
tions, as well as differences.

The process of developing complete thermal machine models is illustrated by an
in-depth case study of an induction machine in Chapter 3, which comprises both the
detailed analytic and numerical modelling as well as an experimental validation by
actual measurements.

In addition to the conclusions, which are provided at the end of each main sec-
tion and each chapter, general conclusions are provided in Chapter 4 and areas for
further research are suggested.

1.3 Losses in electric machines

The calculation of losses in electric machines may be seen as one of the most chal-
lenging tasks in electric machine design [3] and, besides the different loss sources,
even the manufacturing influences the machine losses [4, 5]. When determining
the losses experimentally, the problem of accurately identifying the different losses
remains. To take one example, IEC standard 60349-3 distinguishes between the fol-
lowing loss types [6]:

No-load losses at the fundamental frequency:

� Losses in the electric steel and other metal parts,
� Frictional losses and windage losses (including integral fans);

Load-dependent losses at the fundamental frequency:

� Joule losses in the stator windings,
� Joule losses in the rotor winding of induction machines,
� Additional load losses in the electric steel and other parts as well as eddy

current losses in the stator and rotor windings due to flux pulsations;

Losses at all frequencies other than the fundamental frequency;

Joule losses and brush contact losses in the excitation circuit of synchronous
machines.

The classification of the machine losses and the standardised testing and calculation
procedures defined in [6] allow a comparable experimental determination of the
losses according to the defined loss categories. The fact that additional load losses
in induction machines are defined to be 1 % of the equivalent 50 Hz rated input
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power in this standard may illustrate the complexity of the loss phenomena present
in electric machinery.

In the field of thermal modelling the aim is to estimate losses and, in particular,
to link the losses to the corresponding machine components in a thermal model.
Therefore, an equivalent loss classification that is partly based on [3, 7] is explained
and subsequently used:

(i) Copper losses
Joule losses due to resistive heating in the stator and rotor windings (if appli-
cable).

(ii) Iron losses
Losses in the ferromagnetic material of the magnetic circuit.

(iii) Rotor losses
Losses in the different rotor components, including eddy current losses in mag-
nets and (additional) iron losses.

(iv) Additional losses
The so-called additional losses are a lumped description of electromagnetic
losses in electric machines that occur in addition to the fundamental losses in
the windings and in the ferromagnetic material.

(v) Mechanical losses
Frictional losses in the bearings and windage losses due to the movement of
the inner air. Additional mechanical loss sources may include sealing losses or
brush losses.

(vi) Heat flux from or to adjacent components
Heat flux from losses generated by adjacent components or heat flux to con-
nected components that act as heat sinks.

1.3.1 Copper losses

Joule losses in the stator winding are caused by a current flow through the wires of
the winding and they are proportional to the square of the current. For a symmetri-
cal machine with m phases, the Joule losses PJoule may be written as:

PJoule = mRph IphRMS
2. (1.1)

The phase resistance Rph in Eq. (1.1) is not constant but temperature-dependent as
the resistivity of copper significantly varies with temperature. Given the linear tem-
perature coefficient α20,Co of 3.9 · 10−3 K−1 [8] and a constant current supply, the
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1.3 Losses in electric machines

resistance and thus the Joule losses increase by about 30 % when the temperature
rises by 80 ◦C. Consequently, the temperature dependency of the losses must not be
neglected, which, in consequence, leads to a coupled problem.

Machine types such as induction machines and separately excited synchronous
machines feature a secondary winding in the rotor which causes additional Joule
heating in the rotor that can be calculated accordingly. Yet, additional or increased
losses due to the skin effect (in particular in the case of cage windings in induction
machines) or due to brushes might have to be considered as well [7].

1.3.2 Iron losses

Both the stator and the rotor of electric machines typically consist of ferromagnetic
electrical steel that presents a comparably low magnetic reluctance (µr � 1) allow-
ing for the channelling of the magnetic fields and for a reduction in the magne-
tomotive forces (MMF) required for typical magnetic field strengths. The induced
eddy currents are reduced by the stacking of thin steel sheets and further reductions
are achieved by adding silicon, reducing the electrical conductivity, and by coating
the sheets with an insulation [9, 10]. An overview of the numerous different iron
loss models, which have been developed in the past—including the well-known
Steinmetz model—may be found in [11]. One approach, which is partly used in the
numerical and the analytic modelling of the iron losses in the case study, is derived
in the following.

Under sinusoidal conditions, the eddy current losses per unit mass pec may be ex-
pressed in terms of the peak value of the magnetic field strength B̂ and its frequency
f as follows [7, 12]

pec ∝ B̂2 f 2. (1.2)

Hysteresis losses, the second main iron loss phenomenon, are caused by the lossy
change of the magnetisation in the ferromagnetic material, in particular due to the
movement of the domain walls [9]. The energy needed for one cycle whyst is pro-
portional to the area contained by the hysteresis curve (BH-curve), the losses are
proportional to the product of the contained area and the frequency. Thus, the hys-
teresis losses per unit mass physt are [7, 9, 12]

physt ∝ whyst f , (1.3)

and, using an empirical correlation between whyst and B̂, namely nhyst, which is also
referred to as Steinmetz coefficient, yields

physt ∝ B̂nhyst f , (1.4)
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Chapter 1 Introduction

where nhyst ∈ [1.5, 2.5].
When nhyst is chosen to be 2—as proposed in [3] for modern magnetic materials—

the total iron losses per unit volume piron can be expressed as follows

piron =
(

kec f 2 + khyst f
)

B̂2. (1.5)

The actual iron losses in an electric machine depend on multiple factors such as the
thickness of the sheets and the material properties of the electrical steel, which are
significantly influenced during machine manufacturing, i.e. the cutting and stack-
ing of the sheets. The presence of higher harmonics further increases the iron losses.
These aforementioned effects need to be accounted for in loss equations similar to
Eq. (1.5). In practice, this is achieved by introducing one or more correction coeffi-
cients increasing the iron losses by 30 % to 70 % [3,7,12] compared with the reference
values for losses or loss coefficients obtained from experimental tests of steel sheets
under sinusoidal conditions, usually by means of Epstein frame tests.

The nomenclature of non-oriented electrical steel follows the classifications de-
fined in applicable standards, such as EN 10106 [13] in Europe. M400-64A, for in-
stance, refers to a fully-processed non-oriented electrical steel (no final annealing
required; M for electrical steel, A for fully-processed) with a thickness of 0.64 mm
(64) and maximum permissible specific losses of 4 W

kg at 1.5 T and 50 Hz (400).
The factors kec and khyst in Eq. (1.5) are provided either directly by the steel sheet

manufacturer or may be extracted from provided tabulated loss data or loss curves
that state the losses at different magnetic flux densities and frequencies.

1.3.3 Rotor losses

Depending on the machine type, Joule losses, eddy current losses and iron losses
may be present in the rotor. The Joule losses in separately-excited synchronous ma-
chines may be calculated similarly to Sec. 1.3.1 with additional losses being gener-
ated if brushes are used [7, 14]. In induction machines, the magnetic field rotates
with a slip s at a frequency f2 = s f1 and, thus, the Joule and iron losses can gen-
erally be estimated according to Sec. 1.3.1 and Sec. 1.3.2. The resistance of the cage
winding in the rotor is influenced by the slip as the skin effect leads to a reduction
of the effective conductor height and thus to an increased resistance. The influence
of the operating point on the resistance therefore needs to be accounted for in the
calculation of Joule losses even though induction machines normally operate near
synchronous speed, therefore limiting this effect. Additional iron losses in the ro-
tor of induction machines are caused by reluctance variations due to the slotting of
both rotor and stator. The slotting of the stator also leads to higher harmonics in the
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1.3 Losses in electric machines

MMF waveform causing further losses [3].

The rotor of permanent magnet (PM) machines is equipped with permanent mag-
nets instead of windings, eliminating the Joule losses in the rotor. The fundamental
frequency approaches presented in the preceding sections cannot be employed for
the approximation of iron losses and eddy current losses since the rotor rotates syn-
chronously under normal operating conditions. The causes of both loss sources in
the rotor are similar to those of the above mentioned additional loss phenomena in
induction machines [15]. Those additional losses phenomena are generally difficult
to approximate and analytic approaches are specific to certain machine types (e.g.
magnet losses in surface-mounted PM machines [16]). A more general method for
the calculations is the finite element method (FEM) that might be employed as an
alternative [17].

1.3.4 Additional losses

The additional losses are electromagnetic losses which occur in addition to the fun-
damental losses in the windings and in the ferromagnetic material. Comprehensive
overviews of the so-called stray (no-load and load) losses in induction machines
and synchronous machines may be found in [14, 18, 19]. Additional losses include
losses induced by the slotting of stator and rotor (Sec. 1.3.3) but also losses due to
effects in the end region of the machine as well as losses due to the high-frequency
switching in modern inverter-fed machines. Cutting or punching of the steel sheet
and mechanical stress may lead to a deterioration of the steel sheet, increasing the
iron losses and thus being a further contributor to the overall additional losses.

Since additional losses are difficult to calculate, factors for different machine types
are frequently used to estimate additional losses in terms of the input power [3, 6,
7, 12]. In the context of thermal machine simulations, the approximated additional
losses are then to be assigned to the corresponding machine parts where the losses
are generated (typically also by factors) [3, 20].

1.3.5 Mechanical losses

The rotation of the rotor causes frictional losses in the machine bearings and, if
applicable, in sealing rings. Additional frictional losses are generated in the air that
are commonly referred to as windage losses.

Losses in bearings depend on multiple factors such as the bearing type, the bear-
ing load, the rotational speed and tribological aspects, including properties of the lu-
bricant (e.g. its chemical composition and its temperature) and bearing wear [21,22].
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(Non-ideal) bearing fitting might affect the losses and lead to deviations from cal-
culated loss values (Eq. (1.6)–(1.9)) [22]. The accuracy of bearing loss calculations
therefore generally depends on the availability of detailed bearing and assembly
data.

Methods for calculating the frictional losses range from dynamic bearing simula-
tions [23] to simplified models used in standards, including ISO 15312 [24], that dis-
tinguish between load-dependent frictional losses and speed-dependent frictional
losses. The latter approach suffices in the context of thermal electric machine mod-
elling as the transient bearing behaviour is not required and using coefficients that
are provided by the bearing manufactures for different bearing types and under
normal operating conditions allows for sufficient estimates.

The speed-dependent frictional torque M0 (in N m) may be defined as [22, 25]

M0 =

1.53 · 104 f0b (ν · n)
2
3 db

3 if ν · n ≥ 100
3 · 10−6 m2

s2

16 f0b db
3 if ν · n < 100

3 · 10−6 m2

s2

, (1.6)

where
ν kinematic viscosity,
n rotational speed,
f0b coefficient for the speed-dependent frictional torque,
db mean bearing diameter.

The load-dependent frictional torque M1 is given by

M1 = 1000 f1b P1b db, (1.7)

where
f1b coefficient for the load-dependent frictional torque,
P1b bearing load (the calculation of the relevant bearing load for different bear-

ing types is explained in [22, 25]).

If bearings with sealings are used, losses also occur due to friction in the sealings.
The additional torque caused by sealings Mseal is given by [21]

Mseal = 10−3
[

ks1

(
103ds

)βs
+ ks2

]
, (1.8)

where
ks1 first empirical factor for the calculation of sealing losses,
ks2 second empirical factor for the calculation of sealing losses,
ds seal counterface diameter,
βs empirical exponent for the calculation of sealing losses.
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1.3 Losses in electric machines

The factors ks1, ks2 and the exponent βs are specific to certain sealing types and
also depend on the bearing size and type. Values corresponding to the bearing and
sealing size and types may be found in form of tabulations [21].

Alternatively, bearing manufactures also provide constant coefficients of friction
(µb) for different bearing types under operation conditions deemed normal. Rough
estimated of the bearing torque due to friction Mb may then be estimated as follows
(assuming the bearing load to be equal to 10 % of the basic dynamic load rating
Cb,dyn and with db being the bore diameter) [21, 22]

Mb = 5 · 10−2Cb,dyn µb db. (1.9)

Windage losses in electric machines are the result of the frictional forces acting on
the inner air due to the relative movement of the rotor and the stator. The loss mag-
nitude is therefore influenced by the rotational speed of the rotor, the properties of
the surrounding gas (which are generally temperature-dependent) and all surfaces
that are in contact with the air.

A simple equation allowing to estimate the sum of both, the frictional losses in
the bearings and the complex windage losses, is provided in [14]. The presented
equation shows that the combined frictional and windage losses are approximately
proportional to the square of the rotational speed, which is confirmed in [3]. [14] also
lists typical factors for frictional and windage losses for different machine types, in-
cluding factors for machines with hydrogen cooling or with rotor-mounted fans.
The fact that the different exponent in the case of a mounted fan (cubic relation-
ship) is implicitly considered in an adjusted value for the coefficient in the quadratic
equation in [14] indicates that the equation is not generally applicable to all machine
types or non-standard machines.

The windage losses Pwi are frequently computed with the following equation (e.g.
[26])

Pwi = cfr ρ π ω3 rr,o
4 lr, (1.10)

where
cfr friction coefficient,
ρ volumetric mass density (of air),
ω angular velocity,
rr,o outer radius of the rotor,
lr rotor length.

A roughness coefficient krou (ranging between 1 for smooth surfaces and 1.4 [7])
is added to Eq. (1.10) in [27].
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Numerous experimental tests and theoretical studies of rotating concentric cylin-
ders, including the effect of slotting, have been carried out since the early tests by
Taylor [28] and estimates of the friction coefficient cfr in terms of the Reynolds num-
ber Re have been developed.

The Reynolds number for tangential flow in the air gap of an electic machine is
calculated with [7, 29]

Re =
ω rr,o δ

ν
, (1.11)

where

δ length of air gap (in radial direction),
ν kinematic viscosity (of air).

The windage losses may then be calculated with empirically determined functions
that approximate cfr ( [27, 29]).

It should be noted, however, that cfr depends on the angular velocity and the
windage losses are thus not generally proportional to ω3 as Eq. (1.10) might suggest.

1.3.6 Heat flux from or to adjacent components

Additional loss sources, such as integrated power electronics or a gear set which is
directly connected to the electric machine, might influence the temperature of the
electric machine. Therefore, such losses might need to be included in thermal mod-
els by heat injections if they have a significant influence on the thermal behaviour.
Comparably small heat injections into the rotor could, for instance, have a notable
influence on the rotor temperature. Furthermore, the temperature of the coolant
might vary depending on ambient conditions or other components that are cooled
simultaneously. A possibly higher coolant temperature would then lead to an in-
creased temperature level in the machine, possibly requiring consideration when
predicting the temperatures in the machine.

Adjacent components may also act as heat sinks. The contacting surface between
an electric machine and a test bench may, for instance, present an additional heat
flow path to the typically cooler surrounding. This may affect the thermal behaviour
and consequently lead to deviations between the test set-up and standard operating
conditions (e.g. asymmetrical temperature distributions). In such cases, particular
attention is required when verifying thermal models by experimental tests.
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1.4 Heat transfer in electric machines

1.4 Heat transfer in electric machines

The modelling of heat transfer in electric machines is complex as it comprises the
analysis of heat conduction through complex materials in multiple directions with
unevenly distributed internally generated losses (for instance iron losses in the sta-
tor stack), as well as the analysis of convective heat transfer and radiation.

1.4.1 Conductive heat transfer

Heat conduction, which is a complex heat transfer mechanism on a microscopic
scale at an atomic or molecular level, is defined phenomenologically on a macro-
scopic level. The local heat flux density~q, caused by a temperature gradient, is com-
puted with the thermal conductivity λ and the temperature T by Fourier’s law [30]

~q = −λ∇T. (1.12)

The heat equation, derived from the energy balance of a differential control volume
and Eq. (1.12), is in Cartesian coordinates (x,y,z) [30]

∂

∂x

(
λ

∂T
∂x

)
+

∂

∂y

(
λ

∂T
∂y

)
+

∂

∂z

(
λ

∂T
∂z

)
+ q̇ = ρ cp

∂T
∂t

, (1.13)

where
λ thermal conductivity (a tensor in the case of anisotropic materials),
T temperature,
q̇ heat generation rate per unit volume,
ρ volumetric mass density,
cp specific heat at constant pressure,
t time.

The heat equation in cylindrical coordinates (r,ϕ,z) is [30]

1
r

∂

∂r

(
λ r

∂T
∂r

)
+

1
r2

∂

∂ϕ

(
λ

∂T
∂ϕ

)
+

∂

∂z

(
λ

∂T
∂z

)
+ q̇ = ρ cp

∂T
∂t

. (1.14)

Eq. (1.13) and Eq. (1.14) allow the calculation of the temperature distribution in bod-
ies, including the effect of internal heat generation and also transient heat conduc-
tion.

Assuming a constant uniform thermal conductivity λ = const and stationary con-
ditions ∂T

∂t = 0, Eqs. (1.13) and (1.14) reduce to

∇2T +
q̇
λ
= 0. (1.15)
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Integrating the heat equation yields the temperature distribution. To give an exam-
ple, the temperature distribution in a hollow cylinder without internal heat genera-
tion is found by integrating Eq. (1.14), neglecting the partial derivatives with respect
to ϕ and z and with setting q̇ = 0.

With the temperature of the inner surface of the hollow cylinder T(r1) = T1 and
the temperature of the outer surface of the hollow cylinder T(r2) = T2, the temper-
ature at the radial position r in the cylinder is given by

T(r) = T1 +
T1 − T2

ln( r1
r2
)

ln(
r
r1
) = T2 +

T1 − T2

ln( r1
r2
)

ln(
r
r2
). (1.16)

(The temperature profile inside hollow cylinders is illustrated in Fig. 1.2, including
the effect of interface gaps (Sec. 1.4.4).)

The heat flow rate Q̇ across the hollow cylinder with the length lcyl is

Q̇(r) = Q̇ = 2π lcyl r

(
−λ

(T1 − T2)

ln( r1
r2
)

1
r

)
=

2π lcyl λ

ln( r2
r1
)︸ ︷︷ ︸

1/Rth,cond

(T1 − T2). (1.17)

Similarly to an electrical resistance, a thermal resistance (due to conduction) Rth,cond

can be defined in terms of the temperature difference between both terminals of the
thermal resistance ∆T and the heat flow rate Q̇ across it, as indicated in Eq. (1.17).

Rth,cond =
∆T
Q̇

(1.18)

The thermal resistances of other basic geometries, such as plane walls and spheres,
are computed similarly by combining Fourier’s law and the heat equation.

1.4.2 Convective heat transfer

Convective heat transfer is the sum of heat transfer by diffusion (microscopic molec-
ular motion) and advection (bulk motion of fluids). The convective heat transfer is
referred to as forced convection if the movement of the fluid is caused by an external
force (e.g. when a coolant is pumped through cooling channels) and as natural con-
vection if the motion is caused by buoyancy forces due to density gradients (e.g. due
to the induced movement of air in the vicinity of a hot plate) [31].

The concept of boundary layers introduced by Prandtl [32] is illustrated in Fig. 1.1
by a flat heated plate (at temperature Tp) that is immersed in a uniform flow with
a free-stream velocity u∞. The fluid flow is divided into the flow in the boundary
layer where viscous forces act that eventually reduce the velocity of the fluid to
zero at the boundary and the flow beyond the boundary layer where viscous forces
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1.4 Heat transfer in electric machines

are negligible. Similarly to the velocity boundary, a temperature boundary may be
defined with the free-stream temperature T∞ of the fluid and the temperature Tp at
the boundary. The link between the velocity boundary layer and the temperature
boundary layer is given by the dimensionless Prandtl number Pr [30, 31, 33]

Pr =
ν

λ/ρcp
, (1.19)

which is a function of the kinematic viscosity ν, the thermal conductivity λ, the
density ρ, and the specific heat cp.

yFluidy
u

∞

u(y)

T
∞

T(y)

T
p

Velocity

distribution

Temperature

distribution

q

Heated plate

Figure 1.1: Illustration of the velocity and the temperature boundary layer, adapted
from [30, 31].

The heat transfer by convection can be expressed conveniently by a (local) heat
transfer coefficient h that depends on the properties of the fluid (such as its tem-
perature, thermal conductivity and viscosity), the surface geometry and the fluid
motion [33].

q = h
(
Tp − T∞

)
(1.20)

Using the average heat transfer coefficient h for an entire surface of area A [33]

h =
1
A

∫
A

h dA, (1.21)

the overall heat transfer rate Q̇ is calculated with

Q̇ = h A︸︷︷︸
1/Rth,conv

(
Tp − T∞

)
. (1.22)

A thermal resistance due to conduction Rth,conv may be defined similarly to the ther-
mal resistance due to conduction, as indicated in Eq. (1.22).

Functional relationships in terms of dimensionless numbers are commonly used
to determine the (average) convective heat transfer coefficient of flow problems.
Such typically empirical relations for common problems are available in the liter-
ature, e.g. in [31, 34].
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Correlations for the heat transfer coefficients for forced convection (present in
cooling jackets and the inner air volume due to the movement of the rotor) are typ-
ically given by correlations between the Nusselt number (Nu), the Prandtl number
(Pr) (Eq. (1.19)) and the Reynolds number (Re): Nu = f (Pr, Re) [34, 35].

The Reynolds number is a measure of the ratio between inertia forces and viscous
forces and is given by (L: characteristic length) [30, 31, 33, 35]

Re =
v L
ν

. (1.23)

The Nusselt number, which is the ratio between convective heat transfer to (as-
sumed merely) conductive heat transfer, is [30, 31, 33, 35]

Nu =
h L
λ

. (1.24)

Consequently, if a value for Nu is obtained from a correlation, the corresponding
(average) heat transfer coefficient and thus the equivalent thermal resistance can be
computed with Eq. (1.24).

1.4.3 Radiative heat transfer

Matter above absolute zero emits energy by radiation and, in contrast to conduction
and convection, the transfer of heat by radiation does not require a medium. The
Stefan-Boltzmann law gives the rate of energy radiation per unit surface area Erad

in terms of the emissivity ε of a body, its temperature T and the Stefan-Boltzmann
constant σ [30, 31, 33]

Erad = ε σ T4. (1.25)

Generally, mater not only emits energy by radiation but may also absorb, reflect or
transmit radiation. Calculating the effective heat transfer between the different parts
of an assembly is therefore a complex task. Yet, in many cases, this task may be ap-
proximated by the simplified case of radiation heat exchange between two surfaces
that are separated by a non-participating medium (this assumption is typically valid
for gases [30]). The heat transfer rate by radiation Q̇ then depends on the tempera-
tures T1 and T2 of surfaces 1 and 2, their emissivities ε1 and ε2, their surface areas
A1 and A2 and the shape factor F12, which is obtained from the geometric analysis
of the position and the orientation of the parts of the assembly [30, 33]

Q̇ =
σ
(

T1
4 − T2

4
)

1− ε1

ε1A1
+

1
A1F12

+
1− ε2

ε2A2

. (1.26)
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A thermal resistance due to radiation Rth,rad may be defined similarly to Rth,conv in
Eq. (1.22). For example, the heat transferred by radiation from a small object with
the surface area A1 at the temperature T1 to a much larger surrounding body (such
that A1/A2 ≈ 0) at T2 is (using Eq. (1.26))

Q̇ = σ ε1
(T1

4 − T2
4)

(T1 − T2)
A1︸ ︷︷ ︸

h A1=1/Rth,rad

(T1 − T2). (1.27)

It follows from Eq. (1.27) that h and Rth,rad are by no means constant but highly
depend on the temperature and it is therefore essential to pay particular attention to
the temperature dependency of Rth,rad when integrating it into a lumped parameter
model.

1.4.4 Interface gaps

Asperity contacts between (rough) surfaces lead to a temperature drop at the inter-
face due to microscopic gaps that increase the effective thermal resistance (Fig. 1.2).
The extent of the temperature drop depends on the material properties of both sur-
faces, in particular the surface roughness, the interfacial medium and the pressure
in the contact region.

Figure 1.2: Illustration of the temperature profile inside two contacting hollow cylin-
ders with a rough interface.

Typical ranges of thermal interface conductances can be found in the literature
for various materials, contact pressures, surface roughnesses and interfacial fluids
[30, 31, 35]. The thermal contact resistance Rth,cont is given in terms of the thermal
interface conductance hintf and the contact area A

Rth,cont =
1

hintf A
. (1.28)

It may be noted that the thermal interface conductance hintf in Eq. (1.28) ([hintf] =
W

m2 K
) is, strictly speaking, not a thermal conductance (i.e. the property of a body
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or cavity to conduct heat or the inverse of the thermal resistance) but it may be
regarded as a thermal contact conductance coefficient (a measure of the thermal
conductance between the contacting bodies per contact area) or as the ratio between
the thermal conductivity and the layer thickness of a homogeneous material in the
interface gap.

1.5 Modelling of heat transfer in electric machines

Heat transfer in the context of electric machinery may be modelled by analytic or
numerical methods. In analytic approaches, simplifications are employed to reduce
the complexity of heat transfer to a problem or sub-problems that can be solved
analytically. In numerical approaches, the governing heat transfer equation is solved
numerically for a discrete representation of the geometry.

1.5.1 Stationary lumped parameter modelling

Lumped thermal resistances offer a simple, yet (ideally) exactly equivalent, descrip-
tion of the thermal behaviour of the modelled components with respect to their
boundaries. To give an example, Fig. 1.3 shows the equivalent thermal lumped pa-
rameter model of the contacting hollow cylinders in Fig. 1.2. Rth,1 and Rth,3 denote
the thermal resistances of the inner and of the outer cylinder respectively, Rth,2 mod-
els the contact resistance between both cylinders.

The thermal behaviour of the assembly between the inner surface of the inner hol-
low cylinder and the outer surface of the outer hollow cylinder in Fig. 1.2 (nodes 1
and 3 in Fig. 1.3) may be modelled equivalently by one combined thermal resistance,
which is, in this case, simply the sum of Rth,1, Rth,2 and Rth,3.

1 3

T1

2a 2b

T21 T22 T3

Q
. Rth,1 Rth,2 Rth,3

Figure 1.3: Equivalent thermal lumped parameter network of the contacting hollow
cylinders in Fig. 1.2.

It is apparent that the overall lumped parameter model of both hollow cylinders
and the contact resistance at the interface does not give the spatial temperature dis-
tribution within the elements (as provided in Fig. 1.2) but it provides an equivalent
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1.5 Modelling of heat transfer in electric machines

model that correctly calculates the temperatures at the connectors corresponding
to a heat flow rate Q̇ across the assembly. (The thermal resistances in Fig. 1.3 are
calculated with Eqs. (1.17) and (1.28).)

By combining the thermal resistances of different machine parts, thermal lumped
parameter models of parts of electric machines or the complete assembly may be
built. A frequently cited thermal lumped parameter model of an induction machine
is given in Fig. 1.4.
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Figure 1.4: Thermal lumped parameter network of an induction machine [36].

1.5.2 Transient lumped parameter modelling

The transient thermal lumped parameter modelling requires the consideration of
the heat capacity of the machine components (amongst other effects such as tem-
perature-dependent material properties), e.g. the term ρ cp

∂T
∂t in Eq. (1.13).

In the frame of lumped parameter studies, lumped capacitances are used to ap-
proximate the transient behaviour of the components in the electric machine. De-
pending on the number of nodes in the lumped parameter model, the stator stack,
for instance, may be modelled by two lumped capacitances, one for the yoke and
one the teeth, or one combined lumped capacitance.

The underlying assumption of the lumped capacitance concept is a spatially uni-
form temperature in the corresponding solid. This assumption, in turn, is identical
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Chapter 1 Introduction

with the assumption that there is no heat transfer in the solid (Eq. (1.12)). As soon as
heat is transferred, this assumption does not hold and temperature gradients occur
that, for example, lead to a temperature profile such as the one given in Fig. 1.2 for
cylindrical systems.

A measure for the accuracy of the assumption of an approximately uniform inter-
nal temperature in a body is provided by the dimensionless Biot number Bi, which
is defined as [30, 37]

Bi =
L h
λ

, (1.29)

where
L characteristic length (e.g. ratio volume of body / surface area of body),
h (average) heat transfer coefficient at the surface of the body,
λ thermal conductivity of the body.

Bi may consequently be regarded as the ratio between the thermal resistance in-
side the body and the resistance at the surface (interface) to the environment. At
Biot numbers well below 1 (according to [33], results are expected to lie within
around 5 % if Bi = 0.1), the temperature distribution inside the body is expected
to be approximately uniform as the internal resistance is negligible compared with
the resistance to the environment.

Given the temperature distribution is uniform (Bi � 1), the body’s transient
thermal behaviour may consequently be modelled by one thermal capacitance Cth,
which is given by

Cth = ρ V cp, (1.30)

where
Cth thermal capacitance of the body,
ρ volumetric mass density of the body,
V volume of the body,
cp specific heat of the body.

The fact that Cth may actually be modelled in a thermal lumped parameter sim-
ilarly to a capacitance in an electric lumped parameter model is illustrated by the
cooling down of the body, which is at the initial temperature T0 at t = 0 (T(0) = T0).
h is the heat transfer coefficient at the interface (surface area A) of the body to the
ambient at the temperature T∞.

The following is then valid for the temperature of the body T(t) [33, 37]

−h A [T(t)− T∞] = Cth
dT(t)

dt
. (1.31)
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1.5 Modelling of heat transfer in electric machines

The solution for T(t) is [33, 37]

T(t) = T∞ + (T0 − T∞) e−
h A
Cth

t. (1.32)

Eq. (1.32) describes an exponential cooling down, which is equivalent to the dis-
charging of an electric capacitance.

As certain temperature differences exist in each body, the required single compo-
nent temperature in the lumped capacitance approach is modelled by the average
component temperature. The lumped resistance approach and the lumped capaci-
tance approach are then simply combined by connecting the lumped capacitance to
the node that gives the average temperature of the modelled component. Examples
of transient lumped parameter models may, for instance, be found in [3, 36, 38].

A simple example is provided in Fig. 1.5, which shows the transient lumped pa-
rameter model of a single component with the thermal resistance Rth = Rth,1 + Rth,2.

T1

Rth,1 Rth,2
·

Q1

Cth T2Tav

Figure 1.5: Simple transient lumped parameter model.

In the steady state, the average temperature is

Tav = T1 −
Rth,1

Rth,1 + Rth,2
(T1 − T2) = T1 −

Rth,1

Rth
(T1 − T2) . (1.33)

The thermal capacitance Cth of the component is connected to the node which gives
the average temperature. Rth is, however, not generally split into two identical sub-
resistances Rth,1 and Rth,2.

The elements of the lumped parameter model may be derived from the analytic
solution for the temperature profile inside the component (Sec. 1.4.1). Based on this
temperature profile, the equation for the average temperature may be determined
(integration over the temperature profile) and the elements of the lumped param-
eter model may finally be found by merging the analytic equation for the average
temperature and the corresponding relationship according to the lumped parameter
model.

1.5.3 Modelling of loss sources

In lumped parameter models, losses are modelled by discrete loss injections, the
thermal equivalent of electric current sources. In elements such as the machine
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Chapter 1 Introduction

windings and the ferromagnetic stator stack, losses are generated inside the ele-
ments. This consequently leads to thermal problems of heat conduction with inter-
nal heat generation.

If the geometry is not complex and if the heat generation rate q̇ is spatially uni-
form, an analytic solution to Eq. (1.15) may be found which allows to derive an an-
alytically accurate equivalent lumped parameter model (Fig. 1.6(a)).

T1

Rth,1 Rth,2

T2

·Q1
·Q2

CthPv T3

(b)(a)

T1

Rth,1 Rth,2

T2

·
Q1

·
Q2

CthPv T3

Rth,3

Figure 1.6: Equivalent transient lumped parameter model (typically derived for
non-complex geometries with spatially uniform internal heat generation)
(a) and simplified transient lumped parameter model with internal loss
injection (b).

The computation of the temperature profiles in one-dimensional plane wall-like
as well as in radial systems with spatially uniform internal heat generation is ex-
plained in [30, 33, 35], which is the first step to derive the parameters of the equiva-
lent lumped parameter model.

The calculation of the average temperature and the determination of Rth,1, Rth,2

and Rth,3 by solving Eq. (1.15) (including the spatially uniform internal heat genera-
tion) and by comparing the results with the lumped parameter model in Fig. 1.6(a))
is carried out in the appendix of [38] for axial and radial heat flow though cylindri-
cal elements. The results for straight heat flow problems may be derived from the
axial flow in cylindrical systems or the resulting equations may be taken directly
from [3, 7].

Rth,3 in Fig. 1.6 has a negative value, which can be verified by deriving the average
temperature for a simple plane wall with spatially uniform internal heat generation,
yielding that in this case: Rth,3 = −1

3 Rth,1 = −1
3 Rth,2. The result is confirmed in [38],

where cylindrical problems are analysed.
The negative resistances may be regarded as mathematical corrections that com-

pensate the error which is introduced by modelling the internal losses by a concen-
trated loss source.
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1.5 Modelling of heat transfer in electric machines

It may be noted that the model in Fig. 1.6(a) is an accurate equivalent lumped pa-
rameter description only if an analytic solution for the average component tempera-
ture can be found and incorporated into the lumped parameter model (only possible
for non-complex geometries and non-complex internal loss generation). If the heat
generation is not spatially uniform or if the geometry of the body is more complex,
analytic solutions may generally not be found and exactly equivalent lumped pa-
rameter models may therefore not be built. In such cases, the simpler (generally
approximate) model given in Fig. 1.6(b) may as well be used, in which the over-
all thermal resistance is simply split into two sub-resistances without an additional
third sub-resistance.

1.5.4 Multi-dimensional analytic modelling

Heat transfer has been treated as being confined to one dimension so far. Multi-
dimensional heat transfer problems generally require solving Eq. (1.13). Exact ana-
lytic solutions of heat transfer problems between simple geometries with two dis-
tinct temperatures (at the boundaries) have already been derived in the literature
and are given in terms of a shape factor S ([S] = m). The heat Q̇ transferred be-
tween the two temperatures T1 and T2 in the assembly is [30, 31, 33, 35]

Q̇ = λS (T1 − T2) . (1.34)

It is evident from Fig. 1.4 that the concept of shape factors cannot simply be em-
ployed to model multi-dimensional heat transfer in the frame of lumped parameter
studies of electric machines. Mathematically, the temperatures of most nodes de-
pend on the temperatures of more than one neighbouring node. The shape factor
concept reduces multi-dimensional problems to a heat transfer problem between
two distinct temperatures. Consequently, heat transfer in axial and radial direction
in a hollow cylinder, which is as a function of the temperatures of all four surfaces,
cannot be modelled with a shape factor but would actually require solving Eq. (1.13)
with the corresponding boundary conditions.

As analytic solutions of multi-dimensional problems for assemblies consisting
of complex shapes and components are difficult (if not impossible) to determine,
multi-dimensional heat transfer is almost always treated as the superposition of one-
dimensional heat transfer in lumped parameter studies of electric machines. The su-
perposition of the transient one-dimensional lumped parameter model of Fig. 1.6(a)
is given in Fig. 1.7(a). Ta and Tb denote the temperatures in the first dimension , Tα

and Tβ denote the temperatures in the second dimension. In the case of a hollow
cylinder, Ta and Tb may be defined as the temperatures at both ends of the cylinder
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(axial direction) and Tα and Tβ as the temperatures of the inner and the outer surface
of the hollow cylinder (radial direction).

The model in Fig. 1.7(a) is the combination of the model in Fig. 1.6(a) to model heat
flow in two, ideally independent, directions. It may, at the same time, be regarded
as only an approximate model because it is based on the assumptions of uniform
internally generated losses, independent heat flow in both directions and the model
implies that the single mean temperature defines the heat flow in both directions.

Particularly if one or more of the above stated assumptions are apparently not
fulfilled and e.g. analytical solutions cannot be found for the one-dimensional heat
paths (which are treated independently), the even simpler model in Fig. 1.7(b) may
be used in the frame of generally approximate lumped parameter studies. In such
cases, a straightforward choice for the model parameters, which does not require
significant computational effort, may be splitting the thermal resistance in each di-
rection into equal sub-resistances (Rth,7 = Rth,8 and Rth,9 = Rth,10) and modelling
the losses as a point loss source and connecting the loss source and the thermal ca-
pacitance to the mid-point. However, the validity of such the simplification may
need to be verified.

Cth

a Rth,1 Rth,2 b

Rth,3
Pv

av

Rth,6Rth,4 Rth,5

Cth

a Rth,7 Rth,8 b

Pv

av

Rth,9 Rth,10

(a) (b)

Figure 1.7: Two-dimensional lumped parameter models based on the one-
dimensional models in Fig. 1.6.

The difference between the analytic solution of a two-dimensional heat transfer
problem and its simplified lumped modelling is analysed for a flat plate (rectangle)
in [1] and a sufficient accuracy for practical purposes is confirmed. However, the
exact quantification of the error introduced by superposing heat transfer is difficult
to determine as it would require knowing the exact solution. In simple cases, exper-
imental set-ups or the comparison with numerical simulations might be an option.

The exact solution of a straight two-dimensional heat transfer problem and the
equivalent two-dimensional lumped parameter model (not only a superposed one-
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1.5 Modelling of heat transfer in electric machines

dimensional model) is derived in [7].

1.5.5 Numerical modelling of heat transfer

In numerical approaches, the heat transfer equations are not solved analytically but
the component or the assembly is converted into a discrete (meshed) representation
and the equations are subsequently solved numerically.

In this work the CFD software package STAR-CCM+ [39] is used to simulate heat
transfer. The software uses the finite volume method (FVM), which is typically
used in computational fluid dynamics. In the finite volume method, the governing
continuous conservation equations (conservation of momentum, mass and energy)
are applied to small discrete volumes (control volumes). Therefore, the continuous
space (the three-dimensional model) is discretised and the conservation equations
are solved for each control volume [39–41]. STAR-CCM+ offers several different
meshing modules which, amongst others, allow to automatically generate tetrahe-
dral and polyhedral grids or to manually discretise surfaces and extrude the 2D grid
to generate a 3D grid. Different solver modules in STAR-CCM+ allow to simulate
the motion of fluids (liquids and gases) and to couple mass transfer and heat trans-
fer [39].

To exemplify the required steps for simulating heat transfer numerically, the con-
ductive heat transfer problem in Fig. 1.8 is solved numerically. First, a CAD model
of the contacting cylinders is created with r1 = 0.05 m, r2 = 0.08 m, r3 = 0.12 m,
lcyl = 0.5 m. The parameters λ = 130 W

m K and hintf = 2 · 104 W
m2 K

are set and the fol-
lowing boundary conditions are assigned to the inner surface of the inner cylinder
and the outer surface of the outer cylinder (all other surfaces are adiabatic bound-
aries): Q̇ = 8540 W and ϑ(r3) = ϑ3 = 20 ◦C (Fig. 1.8(a)).

The geometry is converted into a meshed representation that is shown in the close-
up in Fig. 1.8(d) and the heat equation is solved for these discrete elements. Follow-
ing Eq. (1.17), (1.18) and (1.28), the temperature of the inner surface of the inner
cylinder ϑ(r1) is (for reference)

ϑ(r1) = ϑ3 +
Q̇

2π lcyl

(
ln( r3

r1
)

λ
+

1
hintf r2

)
= 40 ◦C. (1.35)

The results of the numerical simulation are shown in Fig. 1.8(c) and the temperature
profile in radial direction is given in Fig. 1.8(b). The fact that the temperature is
calculated for each discrete element may be seen in Fig. 1.8(b), where every square
corresponds to the result of one of the elements along the x-axis (indicated by a thin
white line) in Fig. 1.8(d).
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(a) CAD model
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Figure 1.8: Numerical simulation of the temperature in the assembly in Fig. 1.2.

The simulation of convection requires the simulation of the motion of fluids,
which is illustrated in Fig. 1.9 by the simulation of the flow of water through a pipe
with an inner radius of r1 = 0.0127 m and the length lcyl = 3 m at two different
velocities v = 0.02 m

s and 1 m
s . Using Eq. (1.23) with L = 2r1 [33], the Reynolds

numbers for both cases are Re = 2r1 v
ν = 1060 and 53 100.

The Reynolds number, which describes the ratio between inertia forces and vis-
cous forces (Sec. 1.4.2), is used to distinguish between the different flow regimes. At
low Reynolds numbers viscous forces dominate and the flow is laminar, whereas in-
ertia forces (momentum of fluid) dominate at high Reynolds numbers and the flow
is turbulent. According to [8,33], flow in a pipe is usually turbulent if Re > 2300 and
usually laminar if Re < 2000. Therefore, laminar flow is expected in the first case
and turbulent flow in the second. The simulated velocities of the fully-developed
flow on cross-sections perpendicular to the direction of flow are given in Fig. 1.9(a)
and 1.9(b).

The approximately parabolic laminar profile and the comparably flat profile in
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1.5 Modelling of heat transfer in electric machines

the turbulent case are confirmed in [30, 33]. In the simulation, the temperature of
the fluid is set to ϑ = 60 ◦C, the outer surface of the pipe is held constant at ϑ =

80 ◦C. Cross-sectional plots near the inlet (Fig. 1.9(c)) and near the outlet (Fig. 1.9(d))
illustrate the gradual heating of the fluid in the laminar case. An analytic calculation
of the laminar flow in [33] yields a value of 72 ◦C for the average water temperature
at the outlet.

It may be noted that constant material properties are used in the simulation. If
large temperature changes occur, material properties such as the kinematic viscos-
ity might change significantly. In such cases, temperature-dependent material prop-
erties should be used instead or, if this is not supported by the used software, the
material properties should be adjusted iteratively.

(a) Laminar flow (b) Turbulent flow

(c) Temperature in the inlet region (first 10 cm, inlet
on the right), laminar case.

(d) Temperature in the outlet region (last 20 cm, out-
let on the left), laminar case.

Figure 1.9: Numerical simulation of water flow through a pipe.

Radiative heat transfer may be simulated with a formulation of Eq. (1.26) for
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discrete elements. Commercial software such as STAR-CCM+ typically includes
a solver for radiation which can be combined with solvers for conduction and con-
vection [39].

1.5.6 Conclusions

Analytic thermal models of components or even a complete machine assembly may
be built by combining lumped parameter models (presented in Sec. 1.5.1), consist-
ing of thermal resistances (due to conduction, convection or radiation) and includ-
ing losses as lumped loss injections. The losses need to be estimated according to
Sec. 1.3. If the transient behaviour shall be modelled, the relevant thermal capaci-
tances are to be calculated and to be connected to the corresponding nodes.

Depending on the desired output temperatures, the general level of detail as well
as on the available data and the study context, the resulting thermal networks may
differ significantly from study to study. In [42] 6 nodes are used to model the ther-
mal behaviour of a PM synchronous machine, whereas 38 nodes are used in [43] to
model an induction machine.

Numerical modelling of heat transfer may be achieved by software packages that
allow to solve the equations for conduction, convection and radiation numerically
(jointly). Losses in numerical models may be included as conditions, e.g. lumped
loss values may be assigned to certain bodies. The loss values or the loss distribution
might as well be the result of analytic calculations or come from other numerical
tools, such as electromagnetic FEM software. Depending on the available solvers,
transient simulations are generally possible (at the expense of calculation time).

The implementations of the heat transfer equations depend on the used software
and information on the actual implementations may be found in the corresponding
user guides and solver manuals. In this work, STAR-CCM+ v.8–v.10 [39] and JMAG
v.13 and v.14 [44] are used for the numerical simulation. MATLAB R2011b [45] is
used for the analytic modelling (numerical solution of the analytic models), Motor-
CAD v.7.1.6 [46] is used for verification purposes and several CAD models are cre-
ated or assembled in CREO Parametric 2.0 [47].
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Chapter 2

Analysis of modelling approaches

In this chapter, the thermal modelling of the different machine components is anal-
ysed in detail. Exemplary models are developed for key components and used to
illustrate the model development, the analytic and the numerical analysis as well as
to compare both approaches directly.

More specifically, the discussion of thermal contact resistances is followed by de-
tailed studies of the analytic and the numerical modelling of water jacket housings
and the slot region (including convective heat transfer in the air gap). Furthermore,
the modelling of the rotor, the end winding region, the bearings, and axial heat
flow is analysed. Additionally, actual measurements exemplify the effect of adja-
cent components on the temperatures in the electric machine.

2.1 Thermal contact resistance

As illustrated in Sec. 1.4.4, asperity contacts cause thermal contact resistances be-
tween contacting bodies. Values for combinations of contacting materials may be
found in the literature, yet only limited data is available on the materials used in
electric machines. Since certain contact resistances in electric machinery can sig-
nificantly influence the thermal behaviour, the identification of relevant contact re-
sistances and the estimation of their magnitudes is an important step in thermal
analyses. Potentially important thermal contact resistances may be found between
the following components:

stator stack & stator housing,
stator stack & stator winding,
rotor stack & rotor cage winding or buried magnets, and
rotor stack & shaft.

Values of thermal interface conductances hintf (partly converted from equivalent air
gap lengths, Sec. 2.6.1) are summarised in Table 2.1. As the stator windings of elec-
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tric machines are typically impregnated, the contact resistance between the stator
stack and the stator winding may be regarded as a function of the remaining voids
in the impregnation. An experimental analysis of this effect can be found in [48].

Table 2.1: Thermal interface conductances hintf.

Interface hintf / ( W
m2 K

) Source

Machine housing and stator stack

350 – 870 [7]
338 – 2 600 [49]
420 – 2 630 [38]
325 – 2 600 [50]

5 100 – 11 100∗ [51]

Rotor stack and rotor bars 430 – 2 600 [7]

Rotor stack and shaft 325 – 2 600 [46]
*Shrink-fit, machined surfaces & thermal interface material employed.

It should be noted that the range given in [38] for the contact resistance between
the housing and the stator stack reflects the variation of the thermal interface con-
ductance with contact pressure.

The comparably high values in [51] result from the comparison of nine similar
prototypes assembled with, amongst others, different contact pressures, surface fin-
ishes as well as with and without thermal interface materials (thermal compound
and phase change material). By using a similar set-up and comparing well-defined
manufacturing steps, the comparative study clearly shows how the pressure in the
contact region influences the contact resistance (decreasing resistance with increas-
ing pressure). Further, it is shown that machining (smoothing) the surfaces reduces
the thermal contact resistance. However, the study is limited to one prototype de-
sign (with a comparably high thermal interface conductance of hintf = 5 100 W

m2 K
even in the case of rough surfaces) which therefore forbids to simply apply the val-
ues to other machine types. Additionally, the high value of hintf (hintf = 11 100 W

m2 K
),

when thermal interface material is used, does not allow for a direct comparison
with the other values in Table 2.1. It may nonetheless generally illustrate the effect
of thermal interface material.

The results in [49, 50] for various machine types with differing power ratings do
not give any clear correlations which would allow to estimate a value for a given
machine type. It may also be noted that the contact resistances of the machines with
aluminium frames in [49] are comparably small but, as the authors state, the change
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of the thermal contact resistance with temperature due to different coefficients of
thermal expansion should be accounted for.

In both, analytic and numerical thermal models, the thermal contact resistances
are modelled by using values for hintf. If experimental tests are not possible, the
ranges given in Table 2.1 may serve as initial values and, if required, values from
the literature for typical contacts in engineering problems may be used in addition,
e.g. provided in [30, 31, 35].

2.2 Water jacket housing

The heat dissipation in water jacket cooled, totally enclosed electric machines is
achieved by the forced flow of a coolant through cooling channels in the cooling
jacket, which also serves as the machine housing.

Typical ranges of the heat transfer coefficient h for free and forced convection are
compiled in Table 2.2. The comparably high values for forced convection in liquids
illustrate why water jackets, which cool the outer surface of the stator stack by forced
flow through channels in the cooling jacket, are a comparably simple and effective
cooling method, in particular if the cooling circuit may be used to cool the inverter or
other components in a vehicle environment as well. The cooling medium is typically
a water glycol solution, the frame is typically made of aluminium.

Table 2.2: Typical ranges of h [34].

Convection regime h / ( W
m2 K

)

Free convection in gases 2 – 25
Free convection in liquids 10 – 1 000
Forced convection in gases 25 – 250
Forced convection in liquids 50 – 20 000

The heat transfer in the water jacket in Fig. 2.2 is modelled analytically and numer-
ically in order to illustrate the required steps for analysing the heat transfer problem
and to allow for a comparison of both modelling approaches.

The input parameters, which are used in the following analyses, are tabulated in
Table 2.3. The values have been chosen in order to allow for a comparative analysis
with significant temperature gradients in the housing and to ensure turbulent flow
in the cooling channels. Typically, the coolant flow rates for the presented cooling
jacket (with a non-standard cooling channel design) are lower than the chosen flow
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rate in this example. The resulting heat transfer coefficients are consequently also
lower than the obtained value in this example. A higher flow rate is chosen to ensure
comparability between the numerical and the analytic analysis since the typically
existing partly laminar flow would not permit to carry out a sufficiently accurate
analytic analysis (suitable for a comparison with the numerical results) considering
the cooling jacket design (Sec. 2.2.1, [30]).

In order to allow for a comparison of solely the convective heat transfer in the
cooling jacket by analytic and numerical means, the surfaces of the cooling jacket are
defined as adiabatic boundaries, i.e. radiation and free convection to the machine
surrounding are neglected in the comparative analysis.

Nonetheless, a brief evaluation of radiative and convective heat transfer is given
in the following, using the method presented in Sec. 1.4.3 for the modelling of radia-
tion and using an empirical correlation for free convection. Moreover, radiation and
free convection between the housing and the ambient are discussed in the frame of
both the numerical and the analytic modelling.

The approaches for calculating the radiative and the convective heat transfer be-
tween the housing and the surrounding are, strictly speaking, valid for long hori-
zontal cylindrical bodies and the results may therefore be regarded as rather rough
approximations, intending to give an overview of the relevance of both heat transfer
phenomena.

Radiative heat transfer between the cooling jacket and the surrounding

The estimation of the heat transfer due to radiation from the outer surface of the
cooling jacket (treated as a cylinder with r1) at ϑ1 = 60 ◦C

(i) to a surrounding concentric cylinder with the inner radius r2 at ϑ2 = 20 ◦C
with a gap of just 4 mm between both cylinders (ε1 = 0.04, ε2 = 0.2) and

(ii) between the cooling jacket and a much larger surrounding body (Eq. (1.27)) at
ϑ2 = 20 ◦C (ε1 = 0.04)

is based on the principles introduced in Sec. 1.26. Rearranging Eq. (1.26) with

(i) F12 = 1 &
A1

A2
=

r1
2

r22 and (2.1)

(ii) F12 = 1 &
A1

A2
≈ 0 (2.2)
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Table 2.3: Key input parameters for the simulation of the cooling jacket.

Parameter

Symbol Name Value Unit

ν kinematic viscosity of the coolant 1.50 · 10−6 m2

s

ρ volumetric mass density of the coolant 1060 kg
m3

cp specific heat of the coolant 3410 J
kg K

λfl thermal conductivity of the coolant 0.394 W
m K

λalu thermal conductivity of the cooling jacket 160 W
m K

Q̇ heat injection at inner surface 2000 W
ϑin coolant inlet temperature 60 ◦C
ṁ mass flow rate 1.90 kg

s

yields (Eq. (1.27) and [30])

(i) h =
σ(T1

4 − T2
4)[

1
ε1
+ 1−ε2

ε2

(
r1
r2

)]
(T1 − T2)

= 0.24
W

m2 K
and (2.3)

(ii) h =
σε1(T1

4 − T2
4)

(T1 − T2)
= 0.28

W
m2 K

. (2.4)

As shown in Eq. (1.27), h and the heat transfer due to radiation highly depend on
the temperature difference between both surfaces. Nonetheless, the comparably low
values for a temperature difference of 40 ◦C in the exemplary cases illustrate that
radiation only has a minor effect compared with the typically significantly higher
values of h for forced fluid flow (Table 2.2) in water jacket cooled electric machines.

Convective heat transfer between the cooling jacket and the surrounding

The value of h for convective heat transfer due to free convection between the outer
surface of the cooling jacket (ϑ1 = 60 ◦C) and surrounding air (T∞ = 20 ◦C) is ap-
proximated by a correlation for free convection of a horizontal cylinder [30, 34]

Nu =

{
0.6 +

0.387Ra1/6[
1 +

(
0.559/Pr9/16

)]8/27

}2

=
hL
λ

, (2.5)

where
Nu average Nusselt number,
L characteristic length,
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Pr Prandtl number,
λ thermal conductivity,
Ra Rayleigh number.

The Rayleigh number Ra is determined with [31, 34]

Ra =
gβ (T1 − T∞) L3

να
, (2.6)

where
g gravitational acceleration (g = 9.8 m

s2 ),
β volumetric thermal expansion coefficient,
ν kinematic viscosity,
α thermal diffusivity (α = λ

ρcp
).

With β = 3.3 · 10−3 1
K , ν = 15.9 · 10−6 m2

s , α = 22.5 · 10−6 m2

s , λ = 0.0263 W
m K , and

Pr = 0.707 [30], as well as with Eqs. (2.5) and (2.6)

Ra = 34.5 · 106, (2.7)

Nu = 40.9 , and (2.8)

h = 5.1
W

m2 K
. (2.9)

The heat transfer coefficient for free convection lies within the typical range given
in Table 2.2 and it is just 0.03 %–10 % of the stated values for forced fluid flow.

Conclusions

The relatively low values of the heat transfer coefficients for radiation and free
convection—which result from a temperature difference of 40 ◦C between the sur-
face of the (assumed long cylindrical horizontal) cooling jacket and the surround-
ing—indicate why only the heat transfer path to the coolant by forced convection is
modelled in some studies on water jacket cooled machines, e.g. in [42, 52–54]. The
resulting heat transfer by convection and radiation might indeed be negligible if
heat transfer coefficients similar to the listed typical range in Table 2.2 are achieved
in the cooling jacket.

2.2.1 Analytic modelling

Lumped parameter models of the cooling jacket

Generally, numerous different lumped parameter models may be developed for one
and the same component. Two lumped parameter models of a cooling jacket are
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2.2 Water jacket housing

shown in Fig. 2.1. The models are analytic in that the components are determined
with analytic equations and in that the resulting thermal model or network may be
solved analytically. The equations may, however, be based on empirical correlations
as in the case of convection. Strictly speaking, even analytic models are commonly
solved numerically on computers as well.

The first model in Fig. 2.1(a) is the simplest one for studying the heat transfer prob-
lem between the inner surface of the cooling jacket, where heat is injected, and the
coolant. ϑcj,av, ϑfl,av and ϑ1 denote the average temperatures of the cooling jacket, the
coolant and the inner surface where heat is injected respectively. Cth,cj is the lumped
thermal capacitance of the cooling jacket. Similar models are commonly used to
simulate water-cooled electric machines, e.g. in [42, 52–54], in particular since the
temperature gradients in cooling jacket are typically comparably small.

In the extended model in Fig. 2.1(b), the cooling jacket model is split into three
parts, differentiating between the lateral surface and the side surfaces and includ-
ing terminals to combine the frame model with the model of an electric machine.
Similar extended models—which allow to model discrete different temperatures in
the housing and therefore generally offer a higher modelling flexibility and accu-
racy in the case of significant temperature gradients in the housing—are used in [46].
Since the average temperature node is split into several nodes in the extended model
in Fig. 2.1(b), the thermal capacitance in Fig. 2.1(a) might need to be split into sev-
eral thermal capacitances in a transient model. The validity of treating a body as
a lumped thermal capacitance, thereby assuming a spatially uniform temperature,
may be verified by comparing the body’s thermal conductivity with the heat trans-
fer coefficient(s) to the surrounding as shown in [33] and in Sec. 1.5.2.

Rth,2 Rth,3

Rth,1

1

fl,av ambient

cj,av

Cth,cj

(a) Simple transient model

Rth,2

ambient

fl,av

1
2 3

4 5

Rth,3

Rth,4 Rth,5

Rth,1

Rth,8 Rth,9

Rth,6 Rth,7

Rth,13Rth,12 Rth,11

Rth,10

(b) Extended stationary model

Figure 2.1: Lumped parameter models of the cooling jacket.

The greyed out elements in Fig. 2.1 represent the thermal resistances to include
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Chapter 2 Analysis of modelling approaches

free convection and radiation to the surrounding.
Rth,1 is the thermal resistance from the inner surface to the interface to the coolant.

Rth,2 is the lumped thermal resistance modelling the convective heat transfer be-
tween the housing and the coolant. Rth,3 in Fig. 2.1(a) as well as Rth,3, Rth,4 and Rth,5

in Fig. 2.1(b) model the heat flow path from the cooling jacket to the ambient node,
which consists of heat conduction from within the cooling jacket to the outer surface
of the cooling jacket and heat convection and radiation from the outer surface to the
ambient node. Rth,6–Rth,11 in Fig. 2.1(b) model the conductive heat flow paths from
the bearings to the coolant. Rth,12 and Rth,14 model the heat flow path to the inner
air and therefore include convective heat transfer between the inner surfaces of the
cooling jacket and the inner air.

It should be noted that the connection between the cooling jacket and the model
components in Fig. 2.1 is an illustration and Rth,12, for instance, is not half the axial
thermal resistance. The effective conductive length of the heat flow path is influ-
enced by the spatial distribution of the cooling channels.

Modelling of heat transfer by forced convection

The convective heat transfer between the cooling jacket and the coolant is modelled
by the (lumped) thermal resistance Rth,2. The slight conductive component in Rth,2

(between the virtual average cooling jacket temperature node and the interface) is
neglected. Strictly speaking, the interface node and the average temperature node
are not necessarily identical. The numerical results in Table 2.4 verify the assump-
tion that the nodes are practically identical.

It is apparent from Fig. 2.1(a) that Rth,2 models the heat flow related to the tem-
perature difference between the average cooling jacket temperature ϑcj,av and the
average coolant temperature ϑfl,av, which equals the total injected power Q̇ at the
inner surface in this study.

In contrast to the numerical simulation, in which the inlet temperature is specified
and the temperature at the outlet is the result of the numerical simulation, an aver-
age value of the coolant is used in the analytic calculation. Once the heat flow rate
to the coolant Q̇ is determined, the temperature elevation of the coolant ∆ϑ (and the
inlet and outlet temperatures) is computed with

∆ϑ =
Q̇

ṁ cp
. (2.10)

The average heat transfer coefficient h is determined with correlations for the aver-
age Nusselt number Nu. As a detailed analytic study of the complex cooling chan-
nel shape would exceed the scope of the thesis, an approximation for the convective
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2.2 Water jacket housing

heat transfer in the eight parallel cooling channels is found. The complex inflow
region, consisting of the transition region from the inlets and outlets to the three
parallel branches that branch into the eight parallel cooling channels, would need
to be analysed jointly with special attention to the effects in each entry region. An
identical mass flow rate in each channel (ṁ/8) is assumed.

The cooling channels of the exemplary cooling jacket are not circular, as may be
seen in Figs. 2.2(b) and 2.3. For non-circular ducts, the hydraulic diameter dh is
used as the characteristic length L in Eq. (1.23), instead of the diameter in the case of
circular channels. dh is defined in terms of the cross-sectional area A and the wetted
perimeter of the channel lw as [30, 33]

dh =
4A
lw

. (2.11)

Correlations for the flow through circular tubes, which have been studied exten-
sively, may be used for non-circular tubes, in particular in the case of turbulent
flow [30]. The reduction of the velocity of the fluid near sharp corners may, how-
ever, affect the accuracy of this approach. As the flow in the cooling channels is
turbulent for the given mass flow rate (Re = 1.09 · 104) and Pr = 13.8, the Gnielinski
correlation [55], taken from [30], is used to determine Nu

Nu =
(ς/8) (Re− 1000)Pr

1 + 12.7 (ς/8)1/2 (Pr2/3 − 1)
. (2.12)

(In the case of laminar flow, Nusselt numbers for tubes with different cross sections
may be found in the literature, e.g. in [30].)

Generally, the friction factor ς is determined by the Moody chart (e.g. in [30,31,33])
for rough surfaces. The Petukhov formula is employed to model the smooth interface
in this example [35].

ς = (0.790 ln Re− 1.64)−2 (2.13)

Using the input parameters as well as Eqs. (2.12) and (2.13) yields

ς = 0.0307 and (2.14)

Nu = 111. (2.15)

Nu applies to fully developed flow. In the entry region of the channels, the velocity
and the temperature profile (Sec. 1.4.2) are not yet fully developed. Therefore, the
determined Nusselt number for fully developed flow does not equal the average
Nusselt number that is needed to determine the average heat transfer coefficient.
According to [33], the entry region is shorter in turbulent flows with high Prandtl
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numbers and both requirements are fulfilled in the studied case. Thus, the assump-
tion Nu ≈ Nu is made and the error is estimated to be below 10 % with the chart
provided in [33] for the thermal entry Nusselt number in circular tubes.

Consequently, the approximated average heat transfer coefficient is

h =
λ Nu

L
= 3190

W
m2 K

. (2.16)

With the interface surface area A, the thermal resistance Rth,2 due to forced convec-
tion in the cooling channels is

Rth,2 =
1

h A
= 1.26 · 10−3 K

W
. (2.17)

The determined value of Rth,2 may be regarded as an approximation as correlations
for circular pipes have been used and the Nusselt number for fully developed flow
is applied to the complete interface, including the inlet and the outlet region.

The average coolant temperature ϑfl,av is calculated with Eq. (2.10)

ϑfl,av = ϑin +
∆ϑ

2
= ϑin +

Q̇
2 ṁ cp

= 60 ◦C + 0.154 ◦C = 60.2 ◦C. (2.18)

From the thermal resistance Rth,2, the average fluid temperature ϑfl,av and the heat
transfer to the coolant, which is identical with the injected heat Q̇ in this example,
ϑcj,av may be computed as

ϑcj,av = ϑfl,av + Q̇Rth,2 (2.19)

and ϑ1 with

ϑ1 = ϑfl,av + Q̇ (Rth,1 + Rth,2) . (2.20)

Rth,1 is approximated by a hollow cylinder spanning from the inner surface of the
cooling jacket to the cooling channels and is calculated with Eq. (1.17). Using the
input parameters and the computed values yields

ϑcj,av = 62.7 ◦C and (2.21)

ϑ1 = 64.2 ◦C. (2.22)

2.2.2 Numerical modelling

CAD model

In order to minimise the required number of elements in the meshed representation,
features of CAD models, such as design elements for mounting the electric machine
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2.2 Water jacket housing

that are not required for a numerical analysis, may be removed or simplified to basic
shapes. The simplified CAD model of the cooling jacket is given in Fig. 2.2(a), the
inflow and outflow regions and the eight parallel cooling channels branching from
three parallel inflow paths are illustrated in the transparent scene in Fig. 2.2(b).

(a) Surface view and (mass flow) inlet (b) Transparent scene

Figure 2.2: CAD model of the cooling jacket.

Meshed representation

The CAD model of the cooling jacket and the extracted fluid volume are converted
into meshed representations that are connected by a conformal interface. The result-
ing (comparably fine) mesh consists of polyhedral elements with prismatic layers at
the boundaries, 11.5 · 106 elements in total. Prismatic layers are not only generated
in the fluid domain (in order to resolve the near-wall region) but also in the thin
solid in order to ensure a certain number of element layers, while keeping the ele-
ment count within reasonable boundaries.

Boundary conditions and parameters of the numerical analysis

The material properties used in the numerical analysis may be found in Table 2.3.
The inlet is defined by the mass flow rate at the inlet (ṁ) and the temperature of the
coolant at the inlet (ϑin). The total heat Q̇ is injected as a spatially uniform heat flux
density at the inner surface of the cooling jacket that would be in direct contact with
the outer surface of the stator stack (Fig.2.4). The remaining surfaces of the cooling
jackets are defined as adiabatic boundaries with the exception of the interface to the
fluid, which is defined as an imprinted in-place contact boundary in order to allow
the transfer of heat at the interface between both domains. The surfaces are defined
as smooth faces.
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Figure 2.3: Cut-open view of the mesh.

Figure 2.4: Spatially uniform heat injection (heat flux density) at coloured surface.

A segregated approach is used to model the fluid flow and the corresponding
solver is linked with the solver modules for heat transfer in the fluid and in the
solid domain. A modified k− ε turbulence model is employed [39].

Numerical analysis

The numerical simulation fully converges in around 3 h and 800 steps on a hexa-core
CPU with 3200 MHz and 64 GB RAM, using 11 parallel computational processes and
approximately 10 GB RAM.

The results of the numerical simulation are compiled in Table 2.4 together with
the analytic results from Sec. 2.2.1.

The simulated temperature distribution on the surfaces of the cooling jacket is
shown in Fig. 2.5. Additional streamlines indicate the direction of flow and the tem-
perature of the fluid in the cooling channels. The cut-open view shows the surfaces
on the opposite side of the inlet and the outlet.

The (unsmoothed) temperature distribution in the solids is given in Fig. 2.6 for
each (polyhedral or prismatic) cell in the cutting plane and on the visible surfaces.

As expected, the hotspot are found on the inner surface of the cooling jacket,
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Table 2.4: Numerically determined temperatures together with results from analytic
model.

Symbol Name Temperature / ◦C

Numerical Analytic

ϑif,av average interface temperature 61.7 62.7
ϑcj,av average cooling jacket temperature 61.9 62.7
ϑout average coolant temperature at the outlet 60.3 60.3
ϑfl,av average coolant temperature 60.2 60.2
ϑ1 average temperature of inner surface 66.3 64.2

where the heat is injected (Figs. 2.5 and 2.6). Further, the spatial arrangement of the
cooling channels leads to notable temperature gradients on the inner surfaces and
inside the cooling jacket (Fig. 2.5). The coolant, however, exhibits only minor tem-
perature gradients. This stems from the fact that the high mass flow rate only causes
an overall temperature increase of 0.31 K (Eqs. (2.10) and (2.18)) with the given heat
injection, as may be seen in Figs. 2.5 and 2.6.

The slight temperature difference between the upper side of the cooling jacket, in
particular near the inlet, and the lower side opposing the inlet—which may be seen
clearly in Fig. 2.6—is due to the additional cooling effect of the entrance region. For
the same reason, the cooling jacket is warmer on the opposite end of the inlet in
Fig. 2.5.

As stated in Sec. 1.4.2 (Eq. (1.21)), an average heat transfer coefficient requires in-
tegrating the local heat transfer coefficient over the interface. The local heat transfer
coefficient itself may be determined according to Eq. (1.20) from the heat flux and
the wall (interface) temperature but it also requires the definition of a reference tem-
perature (e.g. the free-stream temperature T∞ in Eq. (1.20)). The local heat transfer
coefficient and thus the average heat transfer coefficient are therefore ambiguous as
they depend on the local reference temperatures.

In order to provide a simple comparison between the heat transfer coefficient of
the analytic approach and the numerical results, an average numerical heat transfer
coefficient may be derived simply from the results in Table 2.4. Assuming h = h and
consequently setting the reference temperature to the average coolant temperature
(T∞ = ϑfl,av = 60.2 ◦C), using Eq. (1.22) (with Tp = ϑif,av = 61.7 ◦C) yields h =

5160 W
m2 K

.
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Figure 2.5: Cut-open view showing the temperature distribution on the surfaces and
in the cooling channels (streamlines).

2.2.3 Conclusions

In the analytic model in Fig. 2.1(a) the assumption has been made that the average
cooling jacket temperature equals the average interface temperature. The numerical
analysis gives a temperature difference of 0.12 K (Table 2.4) between the interfacial
and the average temperature, validating this assumption.

Comparing the analytic and the numerical analysis does not only show differing
results for the average temperatures of the cooling jacket and the inner surface. It
also reveals fundamental differences of both approaches.

Correlations have been used in the analytic analysis to calculate the average heat
transfer coefficient and the corresponding lumped thermal resistance due to forced
convection. Therefore, the complete temperature distribution in the cooling jacket,
which is shown in Figs. 2.5 and 2.6, is modelled by just one average temperature
in the presented simple analytic approach. Consequently, the information about
the maximum local temperature of the inner surface in Fig. 2.5 is also lost and local
effects, such as hot spots, cannot be evaluated.

Modelling temperature differences in the cooling jacket requires a subdivision
of the cooling jacket into several nodes and using several thermal resistances from
these nodes to the coolant. The determination of correct values would, however,
require a difficult, if not impossible, precise analysis of the heat flow paths in the
cooling jacket and to the coolant.
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Figure 2.6: Cut-open view showing the temperature distribution in both domains.

The analysis of convective heat transfer due to the turbulent flow in the non-
circular channels has been reduced to an analysis of circular channels. For the sake
of simplicity, the inlet and the outlet regions leading to the cooling channels have
been modelled by the same average Nusselt number, which is a significant simpli-
fication. The accuracy could be improved by analysing the flow in the inlet regions
separately, paying attention to the effects in each entry region, and by combining
this with the convective heat transfer in the cooling channels.

The numerical simulation, by contrast, allows the direct calculation of the branch-
ing channels in the inlet regions and the study of the flow through the edged chan-
nels and gives the spatial distribution in all domains. The detailed information ob-
tained from CFD simulations comes, however, at the cost of computation time and
more complex model adjustments.

The analytic calculation yields results for the temperature levels practically in-
stantaneously. In the case of changes of the input parameters, such as the inlet
temperature, the mass flow rate or the channel length, the input parameters in the
corresponding equations need to be adjusted and, if the flow regime changes, the
used correlation might need to be modified or changed.

The numerical simulation requires (i) the development of a CAD model, (ii) the
generation of a volume mesh, (iii) the choice of the correct solver modules, (iv)
setting up the input parameters and the boundary conditions, and (vii) the post-
processing the results. The simulation of different scenarios requires separate sim-
ulations, each taking up to a few hours for a stationary simulation. In the case
of changes of the geometry, at least the CAD model needs to be modified and re-
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meshed (steps (i) and (ii)), which may take up to a few hours or even days.

Relevance of thermal resistances

If thermal resistances have a dominant effect in heat flow paths, the remaining re-
sistances may be negligible. The thermal resistance of aluminium is, for instance,
small compared with the thermal resistance due to convection and radiation but
lies within the same range as the thermal resistance modelling the convective heat
transfer to the coolant.

This may be exemplified by determining the thickness d of a rectangular alu-
minium body that would result in a (conductive) thermal resistance that equals
the thermal resistance of free convection of a body with the same surface, with
λalu = 160 W

m K (Table 2.3) and the median value for the average heat transfer co-
efficient for free convection in gases h = 13.5 W

m2 K
(Table 2.2).

1
Rth,conv

= hA =
Aλ

d
=

1
Rth,cond

(2.23)

⇔ h =
λ

d
(2.24)

⇒ d =
λ

h
=

160 W
m K

13.5 W
m2 K

= 11.9 m. (2.25)

The thermal resistance Rth,3 in Fig. 2.1 models the heat flow path from within the
cooling jacket to the ambient node and comprises a conductive component in the
aluminium to the surface and the combination of radiative and convective heat
transfer to the ambient node. Considering the high value of d in Eq. (2.25), which
would lead to the same thermal resistance as free convection, heat conduction in
the aluminium cooling jacket (Rth,cond and the resulting temperature drop) is not
relevant in the flow path to the ambient node. Consequently, the correct identifi-
cation of the resulting thermal resistance due to conduction from near the channels
to the outer surface is of minor relevance and the corresponding resistance may be
neglected.

Similarly, using the computed value h = 3190 W
m2 K

in Eq. (2.16) for the average
heat transfer coefficient that models the convective heat transfer to the coolant yields

d =
λ

h
=

160 W
m K

3190 W
m2 K

= 0.0502 m. (2.26)

Eq. (2.26), by contrast, indicates that the conductive element in the heat flow path
between the inner surface and the coolant Rth,1 in (Rth,1 + Rth,2) is of significant
importance.
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The comparison between the listed ranges of the thermal interface conductance
hintf (ranging between 350 W

m2 K
and 11 100 W

m2 K
in Table 2.1) and the typical ranges

of h for forced convection in fluids (ranging between 50 W
m2 K

and 20 000 W
m2 K

in Ta-
ble 2.2) shows very clearly that, if an electric machine is fitted into a water jacket, the
contact resistance significantly influences the heat flow path to the coolant. More-
over, in water-cooled electric machines most internally generated heat is dissipated
by the cooling jacket and, consequently, the contact resistance of the interface be-
tween the stator stack and the cooling jacket has a considerable influence on most
calculated temperatures in electric machine models.

2.3 Slot modelling

The stator winding of electric machines in the power range considered in this thesis
typically consists of thin enamelled copper wires that are placed (rather randomly)
in the stator slots. The wires and the stator stack are separated by a slot insulation
(slot liner). In the case of two-layer windings, a separator is placed between the coil
sides of the different phases. The slot is closed by a slot wedge and filled with an
impregnation resin during the impregnation of the machine.

The different components are shown in the exemplary slot model in Fig. 2.7, which
is similar to the presented assemblies in [7, 56] with the exception that the slot liner
at the top of the slot is not folded underneath the slot wedge in the CAD model
in Fig. 2.7. In order to simplify the mesh generation and the correct interface def-
inition, no impregnating resin is modelled above the slot wedge, i.e. between the
wedge and stator as well as between the wedge and the slot liner. At the same time,
this assumption allows to study the effect of resulting air-filled cavities at the tooth
top which may occur in the case of a non-ideal impregnation in this region.

The different model components as well as typically used materials and their
properties are provided in the following. This ensures the use of well-founded val-
ues but does not limit the validity of the models in which these values are used.
The choice of a different impregnating resin, e.g. epoxy, just requires an adjustment
of the corresponding input parameters in the analytic equations or the numerical
software.

2.3.1 Copper wires

Enamelled round copper wires are standardised in IEC standard 60317-0-1 [57].
More specifically, enamelled round wires with dual coating (enamelled round cop-
per winding wire with an underlying coating that is based on polyester or polyester-
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Figure 2.7: Detailed CAD model of a stator slot with inserted double-layer winding
(with ideal impregnation).

imide (PEI) and a superimposed polyamide-imide (PAI) coating) are standardised
in IEC standard 60317-13 [58].

The wire copper diameter and the overall wire diameter (including the wire in-
sulation) in the CAD model in Fig. 2.7 have been chosen in accordance with IEC
standard 60317-13; according to [35], the thermal conductivity of (electrolytic tough
pitch, ETP) copper is 386 W

m K .

The wire enamel is typically composed of 60 to 80 % PEI and 20 to 40 % PAI
[59]. According to [60], the thermal conductivity of PEI lies in the range of 0.17 W

m K

to 0.23 W
m K (Sec. 2.3.2), the thermal conductivity of PAI (Torlon 4000T R©) in [59] is

0.24 W
m K .

The large variations of the overall wire diameter—which are permissible accord-
ing to the corresponding IEC standards—and the fact that data sheets typically refer
back to the standards do not allow to determine the thickness of each coating pre-
cisely and, thus, the thermal conductivities separately. Also, the large variations
only allow for an approximate averaged estimate of the overall insulation thickness.
The dual coating wire enamel may therefore be modelled by one wire enamel layer
with an equivalent combined thermal conductivity.

If the wire enamel and the impregnating resign have similar thermal conductiv-
ities, an explicit modelling of the wire enamel might not be required. Instead, it
might be treated as a part of the impregnation, reducing the number of components
in the slot model and thus the complexity of the mesh.

2.3.2 Insulating materials

Ageing-related deterioration of the insulating materials is directly linked with the
temperature the insulation is exposed to during machine operation. Thermal classes
that give the recommended maximum permissible temperature for insulating ma-
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terials, as well as for insulating systems, are defined in IEC standard 60085 [61].
The temperature classes are summarised in Table 2.5 and the commonly used Class
H (180 ◦C) insulation materials are used in the following. It may be noted that the
temperature class of an insulating material may differ from the (potentially higher)
temperature class of the same material when it is used as part of an insulating sys-
tem.

Table 2.5: Thermal classes according to IEC standard 60085 [61].

Thermal class (◦C) Letter designation

90 Y
105 A
120 E
130 B
155 F
180 H
200 N
220 R
250 –

Impregnation

The stators of electric machines may be impregnated by several different methods,
e.g. vacuum pressure impregnation, trickle impregnation, the roll dip as well as the dip
and bake method, and the current UV impregnation method [7, 56].

During the impregnation of the stator, most air gaps between the wires, the stator
and the insulating materials are filled with impregnating resign, reinforcing the me-
chanical strength, improving the protection against environmental influences and
increasing the thermal conductance between the wires and the stator.

In addition to the thermal properties of the impregnation, the impregnation good-
ness, i.e. the number or extent of the remaining voids, may have a significant in-
fluence on the local temperature distribution and, more generally, on the overall
average temperatures.

Local effects may be analysed by explicitly modelling voids in a model similar
to Fig. 2.7. The macroscopic influence on the temperatures may be accounted for
by impregnation goodness factors which are investigated experimentally in [48, 62]
and which are used in the analytic computations in [46].
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Polyester (imide) resins may be used in the covered power range [7, 63] with a
thermal conductivity in the range of 0.17 W

m K to 0.23 W
m K [60].

Slot insulation, separator and wedge

The slot insulation as well as slot separator and slot wedge are typically compos-
ite materials. If the thermal conductivity is not stated in the datasheets, it may be
approximated by combining the thermal conductivities of each component.

To give an example, a Class H (180 ◦C) insulating material consisting of a polyester
(polyethylene terephthalate, PET) layer between two layers of NOMEX R© (aramid
paper).

The thermal conductivity of PET film lies in the range of 0.13 W
m K to 0.15 W

m K

[64, 65], the thermal conductivity of NOMEX R© aramid paper layers vary between
0.094 W

m K (nominal thickness of 0.05 mm) and 1.5 W
m K (nominal thickness of 1.5 mm)

[66,67]. It is apparent from [66,67] that not only the conductance but the conductiv-
ity itself is significantly influenced by the layer thickness.

Neglecting the adhesives and possible contact resistances, the thermal conductiv-
ities in the slot model of the insulating components may be estimated by calculating
the weighted sum of the thermal resistivities, using the thickness of each layer.

2.3.3 Electrical steel

The non-oriented electrical steel, which is used in electric machinery and which is
available in numerous thicknesses and grades according to the specified maximum
permissible specific iron losses at 50 Hz and 1.5 T, is standardised in (DIN) EN stan-
dard 10106 [13]; their insulating coating is classified in IEC standard 60404-1-1 [68].
The thermal conductivity of the electric steel depends on the alloy content and there-
fore on the exact steel type [69]. The values of the thermal conductivity in [69] vary
between 21.5 W

m K (3.45 % combined Si + Al content) and 34.0 W
m K (1.40 % combined Si

+ Al content). [70] states a thermal conductivity of 28 W
m K for an electrical steel with

3 % Si and 0.4 % Al content.
The thermal conductivity of the coating depends on the used coating type with the

coatings differing significantly in their chemical composition. In [70], the thermal
conductivity through the flat steel sheet (perpendicular direction) with a Type C5
coating is 0.37 W

m K , which corresponds to a thermal conductivity of the coating of
around 0.03 W

m K .
Despite the varying thermal conductivities with steel and coating type, the con-

ductivity along the flat steel sheet is generally significantly higher than the ther-
mal conductivity of the coating. The thermal conductivity of stacked electrical steel
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sheets in electric machines is therefore significantly lower in axial direction (through
the coatings) than in radial direction.

The thermal conductivities of copper and aluminium (Tables 2.3 and 2.6) are also
significantly higher than the axial conductivity of stacked electrical steel. Axial heat
flow through the rotor and stator stack is consequently typically neglected in ther-
mal machine models, e.g. in [36, 42, 71–73].

2.3.4 Model overview

The CAD model in Fig. 2.7 is used to analyse the numerical and the analytic slot
modelling. Moreover, it serves to study the effect of simplifying the actual detailed
slot model, to investigate the effect of locally varying losses and to assess the influ-
ence of the air gap on the temperature distribution inside the slot.

The parameters of the slot model are given in Table 2.6. The air gap in Fig. 2.7 is
analysed separately in Sec. 2.5. The air gap and the rotor are therefore not included
in the models in this section.

The thermal conductivity of the slot liner, the slot wedge and the separator are
computed according to Sec. 2.3.2, using the conductivity 0.114 W

m K that is given in
[66] for 80 µm aramid paper. The wire enamel is modelled by a perfectly uniform
film thickness and the value of the thermal conductivity is based on the ratio: 60 %
PEI to 40 % PAI. The mean value of the stated ranges for PEI impregnating resin
in Sec. 2.3.2 is chosen. The resulting slot fill factor, i.e. the ratio of the conductor
(copper) area over the total slot area (85.7 mm2), of 51.5 % may be regarded as a
comparably high value for the used winding type.

The effect of the widening tooth cross-section at the comparably small tooth tip
on the radial heat flow in the tooth is neglected. The tooth is, instead, treated as
having a constant (equivalent) tooth width, the equivalent (average) slot width is
derived from the CAD model, using the slot area and the tooth width. Both values
are provided in Table 2.6.

The outer surface (edge) of the stator back iron is defined as the boundary to
a reference (ambient) temperature to which it is connected by a (convective) heat
transfer coefficient. The value is a typical value for forced convection in liquids
(Table 2.2). A potential heat flow across the air gap to the stator teeth is modelled by
a constant heat flux (heat rate) that enters the tooth.

Both sides of the model (the boundaries of both tooth halves) are adiabatic bound-
aries and no heat is transferred across the boundaries due to symmetry.

The slot model itself is not coupled to a circuit simulation and the winding scheme
is therefore not considered in this model. Instead, an identical averaged current flow
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is assumed in each of the wires. Two simplified loss cases are simulated, namely the
case of identical averaged losses in all wires (identical, uniform loss density; case (i))
and, additionally, a temperature-dependent loss density is modelled in the wires
(case (ii)). The temperature-dependent loss density is modelled by using defined
copper losses at the reference temperature (20 ◦C) and the linear temperature coeffi-
cient of copper (Sec. 1.3.1). For an easier comparison with case (i), the total losses in
the wires in case (ii), i.e. the integral of the loss densities in the wires, are also used
in case (i).

Moreover, the detailed slot model is compared with a simplified numerical model
in which the slot is represented by a single lumped body. This concept is commonly
used in both analytic as well as numerical models since the development and the
analysis of detailed slot models are time-consuming tasks. It is also not possible to
find exact analytic solutions to the complex 2D heat flow problem (strictly speak-
ing even a 3D problem because of axial heat flow) and simplified approaches are
required, as will be shown in Sec. 2.3.6.

It may be noted that the CAD slot model in Fig. 2.7 is actually a 3D model as this
simplifies the meshing and the analysis with the used 3D software. The numbers
of elements in the meshed representations, which are provided in the following sec-
tions, therefore refer to thin 3D models that consist of a few element layers. The 3D
CAD model also allows to verify the presence of predominantly two-dimensional
flow in the air gap.

It may also be noted that the presented analytic and numerical models do not ac-
count for the local effects of voids (caused by imperfect impregnation) on the tem-
perature field. Random voids may be added to the CAD model in order to study
their effect. More general approaches—that might succeed in modelling the aver-
age temperature elevation but fail to model the real local effects—scale the thermal
conductivity in the slot or use an additional contact resistance between the electri-
cal steel and the slot. As such averaging approaches do not improve the accuracy
in predicting the spacial temperature distribution compared with the studied CAD
model, the impregnation goodness is left out of consideration and an ideal impreg-
nation is assumed in the models.

2.3.5 Numerical modelling

Detailed slot model

The meshed representation of the detailed slot model (without air gap and rotor)
consists of 2.15 · 106 elements. A polyhedral mesher is used in order to be able to
build a conformal interface to the air gap in Sec. 2.5. Due to the high mesh density,
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Table 2.6: Parameters of the slot model in Fig. 2.7.

Parameter Value Unit

Geometry

Wire diameter 0.804 mm
Wire copper diameter 0.75 mm
Slot liner thickness 0.25 mm
Slot wedge thickness 0.3 mm
Separator thickness 0.3 mm
Number of wires 100 1
Slot fill factor 51.5 %
Air gap length 0.5 mm
Outer diameter (outer yoke edge) 174 mm
Inner diameter (tooth tip) 105.5 mm
Line contact length between slot liner and teeth 33.1 mm
Line contact length between slot and back iron 8.59 mm
Tooth height 17.24 mm
Tooth width (both halves) 3.70 mm
Equivalent tooth width (both halves) 3.77 mm
Equivalent slot width 4.33 mm
Model angle (corresponds to a full motor with 48 slots) 7.5 ◦mech.

Thermal conductivities

Copper 386 W
m K

Wire insulation 0.22 W
m K

Slot liner 0.12 W
m K

Slot wedge 0.13 W
m K

Separator 0.13 W
m K

Impregnating resin 0.20 W
m K

Electrical steel 28 W
m K

Reference copper losses (per unit length) at 20 ◦C 140 W
m

Linear temperature coefficient (copper losses) at 20 ◦C 0.0039 1
K

Ambient temperature 60 ◦C
Heat transfer coef. between outer stator yoke edge & ambient 1000 W

m2 K
Heat injection from the rotor (per unit length) 20 W

m
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the elements would not be visible in a figure of the complete model. A close-up
view of the mesh is hence provided instead in Fig. 2.8(a). The element size of the
mesh may still be seen in the unsmoothed temperature distributions in Figs. 2.9(a)
and 2.9(b) (jagged isotherms).

The simulated temperature distribution with the temperature-dependent copper
loss density in Fig. 2.9(a) is compared with the simulation using a spatially uniform
loss density in the wires in Fig. 2.9(b). The spatially uniform losses in the wires equal
the total losses in the temperature-dependent case.

As expected, the hot spots in Figs. 2.9(a) and 2.9(b) are found in the vicinity of the
slot wedge since the air gap is not modelled and the slot wedge, which would be in
contact with air, is consequently an adiabatic boundary. Moreover, the temperature
is generally highest along the centre line of the slot.

Generally, both temperature distributions seem rather similar and the difference
between the uniform loss density case and the temperature-dependent loss defi-
nition may be considered negligible. It may nonetheless be seen in Fig. 2.9(a)—
particularly in the slot wedge region and along the centre line—that the hot spots
are prone to elevated temperatures in the temperature-dependent case since higher
temperatures lead to increased heating compared with the uniform case.

The minimum, the maximum and the average temperatures in the slot and in the
stator part are summarised in Table 2.7. The average temperature inside the slot
is in both cases 115 ◦C, the average temperature of the stator part is 89.6 ◦C. The
maximum temperature in the slot is slightly higher (+0.4 K) in the temperature-
dependent case.

The slightly elevated temperature in the hot spot region in the temperature de-
pendent case may also be seen in the temperature plots (along the axis of symmetry
from the wedge to the outer edge of the stator) in Fig. 2.10, the temperature is in turn
lower in the slot region near the back iron.

Simplified slot model

The modelling depth of a detailed slot model may not be appropriate if it is to be
integrated into the model of a complete machine since the number of elements in the
overall mesh might exceed acceptable limits. A feasible alternative to the generally
demanding analysis of a detailed slot model is the modelling of a slot by a single
body with uniform material properties. This simplification targets at achieving a
similar accuracy with a significantly decreased model complexity.

The possible loss of information and accuracy is studied by using the detailed slot
model, merging the bodies inside the slot and using the parameters from the previ-
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ous analyses, in particular the same resulting total losses (193 W
m ). In the simplified

model, the losses are defined as a spatially uniform loss density in the complete slot
area, exclusive of the slot liner.

With the data in Table 2.6 the average thermal conductivity (λav = 0.466 W
m K) is

determined by combining the specific thermal resistivities on the basis of the volume
of each component in the slot.

The single body representation of the slot significantly reduces the number of
elements, in this case down to 41 200 elements (less than 2 % of the detailed model)
with similar meshing parameter. The mesh of the simplified slot model and the
resulting temperature distribution are shown in Figs. 2.8(b) and 2.9(c) respectively.
The values of the minimum, the maximum and the average temperature may be
compared with the results of the detailed slot study in Table 2.7.

(a) Close-up view of the mesh of the detailed slot model.

(b) Close-up view of the mesh of the simplified model.

Figure 2.8: Meshed representations of the slot models.

The average temperatures in the slot and in the stator part are 116.6 ◦C and 89.7 ◦C,
respectively. The average temperatures therefore match the values of the detailed
model remarkably well, especially when considering the substantial reduction in
the modelling depth.

A certain loss of accuracy is related to the structures of the bodies. The loss of
information concerning the copper cross-sections with their comparably high ther-
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(a) Detailed slot model with temperature-dependent copper loss density (unsmoothed).

(b) Detailed slot model with spatially uniform copper losses (unsmoothed).

(c) Simplified slot model with spatially uniform slot losses.

Figure 2.9: Temperature distributions (with identical total slot losses).
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2.3 Slot modelling

Table 2.7: Computed temperatures corresponding to Fig. 2.9.

Model Temperature / ◦C

Slot Stator

Detailed slot model, temp.-dep. losses (Fig. 2.9(a))
min.
max.
av.

88.2
123.8
114.8

78.7
108.5
89.6

Detailed slot model, uniform losses (Fig. 2.9(b))
min.
max.
av.

88.2
123.4
114.7

78.7
108.4
89.6

Simplified slot model, uniform losses (Fig. 2.9(c))
min.
max.
av.

88.1
127.7
116.6

78.7
108.9
89.7
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Figure 2.10: Temperatures along the axis of symmetry (mid-line) in radial direction
for the three cases shown in Fig. 2.9.

mal conductivity, in particular, leads to noticeable deviations in the simulated tem-
perature distribution. The difference between the detailed model (with a constant
temperature in each copper cross section and distinct temperature steps to the next
wire) and the simplified model (with a smooth temperature profile) may be seen
very clearly in Fig. 2.10.
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(a) Detailed slot model with uniform losses (Fig. 2.9(b))

(b) Simplified model (Fig. 2.9(c))

Figure 2.11: Heat flux distributions at extruded interfaces between slot liner and sta-
tor stack.

The simplified slot model with uniform properties leads to a slight overestima-
tion of the maximum temperature at the top of the slot (+4.3 K). The average slot
temperature is 1.9 K higher than in the corresponding detailed model with uniform
losses. The temperature in the tooth and particularly in the back iron region is, how-
ever, hardly affected by the slot modelling. It is apparent from in Fig. 2.10 that the
temperatures of all three models are practically identical in the back iron region and
very similar in the tooth region.

The positive values of the boundary heat fluxes between the liners and the stators
at the tooth tops in Fig. 2.11, which are equivalent to minor heat transfers into the
slot liners, are due to the injected heat at the tooth tops. Furthermore, the resulting
heat flux distribution at the interface to the stator reflects the placement of the wires,
the separator and the wedge on the other side of the slot liner, leading to a non-
uniform heat flux distribution (Fig 2.11(a)). Even in the simplified case, the heat flux
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2.3 Slot modelling

is not entirely uniform but reaches the maximum just before the tooth region leads
into the back iron region (Fig 2.11(b)).

Based on the comparison of the temperature plots in Figs. 2.9 and 2.10 and with
the values given in Table 2.7, it may be argued that the simplified numerical model
succeeds in approximately determining the position of the hotspots and gives ap-
proximately the correct average temperature.

Summary

In conclusion, the significant reduction in the model complexity (by not modelling
the wires and the slot insulation explicitly) should in most study contexts outweigh
the loss of accuracy in the local temperature distribution, particularly since the av-
erage temperatures and the location of the hotspots may nonetheless be determined
with a sufficient level of accuracy.

2.3.6 Analytic modelling

In [74], the unidirectional heat flow through windings consisting of round enam-
elled wires is analysed analytically and simplified equations are derived in order to
model the heat flow across such windings. The provided simplified equations for
the equivalent thermal conductivity through regular (Fig. 2.12(a)) and shifted layers
(Fig. 2.12(b)) are given in terms of the wire copper diameter dco, the overall wire di-
ameter dwire and the thermal conductivity of the impregnating resign λimp (which is
assumed to be identical with the thermal conductivity of the wire insulation).

Q
.

Q
.

(a) Regular layers (b) Shifted layers

Figure 2.12: Wire arrangements used in [74] to determine the equivalent thermal
conductivity.

With the given model properties (Table 2.6), the equivalent average thermal con-
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ductivities λav for the regular (a) and the shifted (b) layers are [74]

(a) λav ≈ λimp

(
dco

dwire − dco

)2/3

= 1.16
W

m K
and (2.27)

(b) λav ≈ 1.45 λimp

(
dco

dwire − dco

)3/4

= 1.94
W

m K
. (2.28)

The numerical simulation of the slot model with both parameters yields average
slot temperatures of 112 ◦C (a) and 110 ◦C (b). The simulation with the simple volu-
metric average thermal resistance therefore matches the average temperature of the
detailed model better than the simulation with the values calculated with Eq. (2.27)
and (2.28), possibly due to the random wire placement and the the two-dimensional
flow.

In [7], the following (different) equation is provided to approximate the average
thermal conductivity of the assembly in Fig. 2.12(a)

λav ≈ λimp

(
dco

dwire − dco
+

dwire − dco

dwire

)
= 2.79

W
m K

. (2.29)

The computed value slightly exceeds the values in Eqs. (2.27) and (2.28) and results
in an average slot temperature of 110 ◦C with the simplified numerical slot model.

The comparison between the results from the detailed numerical slot model and
the simplified numerical slot model allows to iteratively determine the optimum
(calibrated) value for the average thermal conductivity (by subsequent simulations
with the simplified numerical slot model). Telling from the previous results, the
optimum value of λav, which would lead to the same average slot temperature in
the detailed and in the simplified numerical model, lies between the volumetric
average value (0.466 W

m K) and the value computed with Eq. (2.27).
The validity of the equations for the average thermal conductivity has been veri-

fied or compared with the actual detailed and simplified numerical model of the
slot. In the frame of thermal lumped parameter modelling, the task of finding an
equivalent lumped thermal conductivity is linked to the task of adequately mod-
elling the conductive heat flow path or paths between the wires and the (interface
to the) stator. Typically, the complex slot shape and also the teeth are approximated
by standard geometric shapes such as rectangles.

In [72], the slot shape is approximated by a rectangular shape and analytic results
published in [1] are used to derive the corresponding thermal resistance between the
coil sides node and the stator teeth node. The transfer of heat between the slot and
the yoke is neglected. The thermal resistance of the teeth is calculated by integrat-
ing the thermal resistance per unit length in radial direction along the tooth from the
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tooth root to the tooth top. The same modelling approach is used in [42] and conse-
quently in [53]. [3], by contrast, uses a simplified rectangular tooth shape, arguing
that an accurate analytic integration does not significantly improve the accuracy.

In [7], the direct transfer of heat between the stator slot to the teeth is also ne-
glected and a rectangular slot shape is used to derive the analytic solution of heat
transfer through the assumed rectangular slot with uniform internal heat genera-
tion. The resulting model is similar to the approach mentioned in Sec. 1.5.3, using a
slight negative thermal resistance in order to correct the otherwise elevated average
temperature.

In [71] the slot is modelled by an equivalent quadratic slot containing an inner
quadratic copper body, which is surrounded by an outer quadratic body with av-
erage properties of the insulation and the voids in the impregnation. Heat transfer
from the copper body to the surrounding insulation body is assumed through all
four sides and the calculated thermal resistance is scaled by a factor to presumably
account for the distributed heat generation. Heat conduction from the surround-
ing body to the stator tooth node is modelled through three surfaces (slot sides and
bottom to the back iron).

The above mentioned approaches, which aim at modelling the transfer of heat
between the average slot temperature and the average tooth temperature, may all
be represented by the thermal lumped parameter model in Fig. 2.13(a). The average
temperatures ϑ2 and ϑ4 permit to connect the model to resistances in axial direc-
tion and to connect lumped thermal capacitances to model the transient behaviour
(Sec. 1.5.2).

1

Rth,st1

Rth,st2

2

3

Rth,sl

4

Prot

Psl

(a) Simple model

1

Rth,st2

21

3

4

Prot

Psl

Rth,st1
Rth,sl1

Rth,sl2

22

Rth,st3

(b) Extended model

Figure 2.13: Lumped parameter models of slot and stator stack.

For the sake of consistency and with regard to the numerical analysis in Sec. 2.3.5,
a loss source (Prot) is connected to the tooth top, modelling the heat flux from the
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rotor. Psl denotes the copper losses in the slot, Rth,sl the equivalent thermal resistance
between the node of average slot temperature and the tooth node. Rth,sl may be
determined with one of the above mentioned approaches and comprises several
thermal resistances to the stator teeth, including the copper coil sides, the wire and
the slot insulation, the impregnating resin and possibly voids in the impregnation.
Rth,st1 is the thermal resistance from the outer yoke surface to the tooth node, Rth,st2

is the thermal resistance from the tooth node to the air gap.
Furthermore, an extended thermal model may be derived from [3, 75]. In [3] the

iron losses in the stack are not assigned to one stator stack node but are injected into
separate nodes for the teeth and the back iron. In [75] the direct heat flow path be-
tween the slot and the back iron is included in these considerations. Consequently
the extended slot model in Fig. 2.13(b) may also be used to model the slot analyti-
cally. Rth,sl1 and Rth,sl2 denote the thermal resistances between the slot and the yoke
and between the slot and the tooth, respectively. Rth,st1, Rth,st2 and Rth,st3 are the
thermal resistances from the outer yoke surface to the yoke node, from the yoke
node to the tooth node and from the tooth node to the interface to the air gap.

All above mentioned analytic approaches are approximations since exact analytic
solutions are difficult to obtain for the complex two-dimensional flow and do gen-
erally not allow for a direct inclusion in lumped parameter models.

Typically, the analytic models are not compared with numerical simulations, that
may serve to verify the analytic approaches. Therefore, two lumped parameter
models similar to the models in Fig. 2.13 are developed and compared with the nu-
merical model in Sec. 2.3.5, using the parameters given in Table 2.6. The same slot
losses (193 W

m ) and the same uncalibrated average thermal conductivity (0.466 W
m K)

as in the simplified numerical model are used in the analytic slot models to permit
an easy comparison between the analytic and the numerical results.

Simple slot model

The thermal resistance of the tooth (both tooth halves) in radial direction Rth,st10 is
calculated with the average tooth width according to [3] and Sec. 1.4.1

Rth,st10 l =
1

28 W
m K
· 17.24 mm

3.77 mm
= 0.163

m K
W

. (2.30)

The thermal resistance of the back iron Rth,st11 is approximated by a segment of a
hollow cylinder (Eq. 1.17)

Rth,st11 l =
ln
(

174 mm
105.5 mm+2·17.24 mm

)
2π · 28 W

m K
· 360◦

7.5◦
= 0.0594

m K
W

. (2.31)
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The thermal resistance of the slot liner Rth,st12 is approximated by a plane wall, the
thickness is the thickness of the slot liner, the length of the contact between the slot
liner and the stack is the line contact in the 2D heat conduction problem

Rth,st12 l =
1

0.12 W
m K
· 0.25 mm

33.1 mm + 8.59 mm
= 0.0500

m K
W

. (2.32)

The thermal resistance Rth,st13 between the outer yoke edge and the ambient tem-
perature ϑ1 in Fig. 2.13(a) is calculated with Eq. (1.22)

Rth,st13 l =
1

1000 W
m2 K
· π · 7.5◦

360◦ · 174 mm
= 0.0878

m K
W

. (2.33)

The slot is modelled similarly to [7] in that the assumed uniform internal heat gen-
eration is modelled with the approach mentioned in Sec. 1.5.3. In the simple slot
model approach heat is only transferred to the tooth node. In contrast to [7], the
heat transfer is, nonetheless, assumed across the complete contact length between
the stack and the slot liner and not only at the interface between slot liner and teeth.
The thermal resistance between the slot node and the slot liner Rth,st14 may then be
estimated roughly with

Rth,st14 l =
1

0.466 W
m K
·

2
3 ·

4.33 mm
4

41.69 mm
= 0.0371

m K
W

. (2.34)

1
4 of the equivalent slot width is used to determine the resistance to the node of
average slot temperature due to symmetry [7] and the factor 2

3 is due to the men-
tioned correction of heat conduction with assumed uniform internal heat generation
(Sec. 1.5.3).

If the slot node is connected to the mid-point of the teeth resistance, i.e. between
1
2 Rth,st10, the thermal resistances in Fig. 2.13(a) are

Rth,st1 l = Rth,st13 l + Rth,st11 l +
1
2

Rth,st10 l = 0.229
m K
W

, (2.35)

Rth,st2 l =
1
2

Rth,st10 l = 0.0817
m K
W

, and (2.36)

Rth,sl l = Rth,st12 l + Rth,st14 l = 0.0871
m K
W

. (2.37)

Solving the lumped parameter network with the specified loss sources and the ref-
erence temperature ϑ1 = 60 ◦C yields

ϑ2 = 109 ◦C, (2.38)

ϑ3 = 110 ◦C, and (2.39)

ϑ4 = 126 ◦C. (2.40)
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The temperature at the tooth root is in this case 91.4 ◦C.

By contrast, if the slot is connected to the tooth root, the thermal resistances are

Rth,st1 l = Rth,st11 l + Rth,st13 l = 0.147
m K
W

, (2.41)

Rth,st2 l = Rth,st10 l = 0.163
m K
W

, and (2.42)

Rth,sl l = Rth,st12 l + Rth,st14 l = 0.0871
m K
W

. (2.43)

The corresponding temperatures are (ϑ1 = 60 ◦C)

ϑ2 = 91.3 ◦C, (2.44)

ϑ3 = 94.6 ◦C, and (2.45)

ϑ4 = 108 ◦C. (2.46)

It is apparent from the two different cases, that the position where the heat source is
connected to the stator part highly affects the temperatures of all model components.

In the first case, the total slot losses are connected to the mid-point of the tooth
and therefore flow through 1

2 Rth,st10. ϑ3 matches the numerical results fairly well
(1 K difference), whereas the average slot temperature exceeds the numerical value
significantly by 9 K.

In the second case, the slot losses are connected to the tooth root, which leads
to a significant underestimation of the slot temperature (−9 K) compared with the
numerical analysis). ϑ3 differs even more (−14 K) due to the fact that hardly any heat
flows through the comparably high thermal tooth resistance because of the position
of the heat injection from the slot.

Extended slot model

The parameters of the extended lumped parameter in Fig. 2.13(b) model may be
derived similarly. The same models are used for Rth,st10, Rth,st11 and Rth,st13. Rth,st12

and Rth,st14 are split into separate thermal resistances to the back iron and the tooth
according to the line contact lengths in Table 2.6.

With this choice, the combined thermal resistance Rth,sl1 between the slot node
and the yoke is

Rth,sl1 l =
41.69 mm
8.59 mm

· (Rth,st12 + Rth,st14) = 0.423
m K
W

. (2.47)
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The combined thermal resistance Rth,sl2 between the slot node and the tooth is

Rth,sl2 l =
41.69 mm
33.1 mm

· (Rth,st12 + Rth,st14) = 0.110
m K
W

. (2.48)

The stator resistances are

Rth,st1 l = Rth,st11 l + Rth,st13 l = 0.147
m K
W

and (2.49)

Rth,st2 l = Rth,st3 =
1
2

Rth,st10 l = 0.0817
m K
W

. (2.50)

Solving the lumped parameter network with the specified loss sources and the ref-
erence temperature ϑ1 = 60 ◦C yields

ϑ21 = 91.3 ◦C, (2.51)

ϑ22 = 104 ◦C, (2.52)

ϑ3 = 105 ◦C, and (2.53)

ϑ4 = 118 ◦C. (2.54)

The approach to model two separate heat flow paths from the slot to the tooth and
directly to the yoke leads to results that better match the (accurate) numerical re-
sults. This is due to the fact that it accounts for the direct transfer of some heat to the
cooler back iron, as may be seen in Fig. 2.11. The average slot temperature is 118 ◦C
compared with 117 ◦C in the numerical analysis, the temperature at the tooth tip is
105 ◦C compared with 109 ◦C.

Layered slot model

The presented winding models aim at modelling the average component tempera-
tures for direct inclusion in a lumped parameter model of an electric machine. In
order to allow for the modelling of the maximum slot temperature—which is, for
instance, relevant for the ageing of the insulating materials—the slot models may be
extended as presented in [46,62,76,77]. In these publications, the slot is modelled by
several (virtual) layers of copper and insulating material. These layers correspond
to thermal resistances (connected in series) between the interface to the stator and
the hot spot in the winding.

The basic concept of the layered model approach is illustrated in Fig. 2.14. The
actual slot assembly (Fig. 2.14(a)) is not treated as one uniform body but instead as
several equivalent layers (Fig. 2.14(b)).

Rth,1 in Fig. 2.14(b) in this simple model comprises the thermal resistance between
the interface to the stator stack and the slot insulation (i.e. slot liner and air pockets
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due to a non-ideal impregnation) as well as thermal resistances corresponding to
the first insulation layer and one half of the first copper layer. Rth,2 comprises one
half of the first copper layer, the second insulation layer and one half of the second
copper layer. ϑ1 is consequently the temperature at the interface to the stator stack
(The heat flow from the slot to the teeth and the back iron region is not separated
in this exemplary model.), ϑ2 is the copper temperature of the first copper layer and
ϑ3 is the copper temperature of the second copper layer and the expected hot spot
temperature in this example.

P1

Rth,1 Rth,2

P2

(a) Slot assembly (b) Layer model

31 2

Figure 2.14: Schematic illustration of the layered slot modelling approach.

The layered approach is more complex compared with the single body approach
as it requires correct definitions of the number of layers, the layer thicknesses and
the corresponding loss injections, which also need to be validated and might also
vary for different slot shapes.

Moreover, it should be noted that the maximum slot temperature node from a
layered model (ϑ3 in this example) should not be used as the average slot node
which is then connected to the end windings. In [46, 76] the average temperature
node, which is calculated from the layered model, is consequently connected to the
overall machine model. The authors in [62, 77] propose to use the different copper
layers also for the modelling of parallel axial heat transfer to the end windings. This
approach is, however, combined with a simplified end winding modelling. Further
research is required in that field in order to evaluate potential benefits of this more
complex approach.

Additionally, it may also be noted that the single body representation also gener-
ally allows to approximate a maximum slot temperature in addition to the average
temperature by, in simple terms, considering the heat flow path in the average slot
material from the average temperature region to the hot spot region in the centre of
the slot.
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Summary

Different models may be derived to model heat transfer between the slot and the sta-
tor stack. Since even simplified analytic expressions of the complex 2D heat transfer
are difficult to derive [1,75] (in reality the heat flow problem is of three-dimensional
nature due to possible axial heat flow), simplified approaches are used to model
the different components in the slot and the heat flow paths. The validity of such
lumped parameter models may be verified by numerical simulations.

The iron losses may be modelled by concentrated losses that are connected to the
corresponding node of the lumped parameter model. Separate loss sources for the
iron losses in the tooth region and in the yoke region seem advisable.

Coupled electromagnetic and thermal FEM simulations may be used to study the
heat transfer problem in greater detail and to validate derived analytic models. In
particular if the effects of iron losses (e.g. their spatial distribution) and for instance
proximity losses are to be investigated, detailed numerical analyses are required.

Thermal capacitances may be connected to the nodes that (approximately) give
the average component temperature in order to model the thermal behaviour. Due
to the expected difference between the average tooth temperature and the average
temperature of the back iron (Fig. 2.9), it may be advisable to use separate thermal
capacitances as the lumped capacitances approach is based on the assumption of a
constant uniform temperature in the corresponding component (Sec. 1.5.2).

2.4 Rotor

Generally, the thermal analysis of the rotor does not differ significantly from the
analysis of the stator. Depending on the motor type, the rotor is made of just the
same stacked electric steel sheets (as in the case of switched reluctance or syn-
chronous reluctance motors) or it may also comprise magnets or a rotor winding.

Induction machines—whose modelling is discussed and verified by a case study
in Chapter 3—typically have a (copper or aluminium) rotor cage winding, where
just one solid conductor is placed in each slot instead of multiple insulated wires
and various insulating components. Additionally, solid end rings are used instead
of the impregnated winding overhang in the end cap regions.

Consequently, the rotor cage winding may be treated similarly to the stator wind-
ing. Since the bars and the end rings are already bodies with uniform material prop-
erties, it is not required to model the slots and the end rings as simplified single
bodies with average material properties.

Surface-mounted permanent magnet motors, to give another example, may be re-
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garded as a serial connection of the thermal resistance of the rotor stack and the mag-
net to the air gap. Buried magnets, by contrast, need to be treated as heat flow paths
parallel to heat transfer in the rotor stack. Analytic approaches for certain magnet
arrangements, such as a layered cylindrical approach in [53]—which is based on the
assumption of solely radial heat flow—may be validated by numerical models as
shown in the preceding sections.

Special care needs to be taken, however, when comparing analytic and numeri-
cal models since numerical models typically also incorporate simplifications. One
example being the detailed slot modelling which still uses perfect wire and wire
insulation geometries (which vary in reality) and which does not explicitly model
the imperfections in the impregnation. The resulting spatial temperature distribu-
tion may therefore also be regarded as an approximation similar to the analytically
determined results.

In summary, the same or even simplified analytic approaches as well as generally
the same numerical software tools, which are used for the thermal modelling of the
stator (Sec. 2.3), may be used for the analysis of the rotor.

The calculation of the losses is more specific to the exact motor type than the ther-
mal simulation. An analytic loss model is developed for the induction machine and
compared with the losses calculated numerically in Chapter 3. Similar approaches
may be followed for other machine types.

2.5 Air gap

The modelling of the air gap is analysed with the slot model provided in Fig. 2.7 in
Sec. 2.3. The additional parameters, which are specific to the air gap, are given in Ta-
ble 2.8. Constant and identical thermal properties are used in all simulations and in
all analytic calculations in order to ensure comparability. The effect of temperature-
dependent material properties on both models, which e.g. requires iterative analytic
calculations, may be investigated in a follow-up study based on the results of this
first analysis.

The rotor—which is only partly shown in the figure—serves as the boundary to
the air gap, specifying the boundary conditions, i.e. the rotational speed and the
heat flux to the air gap at the interface. The actual rotor geometry and its thermal
properties are therefore not required.
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Table 2.8: Additional air gap specific parameters at 115 ◦C and 1 atm [37].

Parameter Value Unit

Thermal conductivity 3.29 · 10−2 W
m K

Kinematic viscosity 2.51 · 10−5 m2

s

Prandtl number 0.693 1
Specific heat 1 013 J

kg K

Rotational speed
1 500
9 000

15 000

1
min

2.5.1 Numerical air gap modelling

In contrast to the adiabatic boundaries at the sides of the stator, the boundaries of
the air gap are defined as internal periodic boundaries in order to allow mass flow
and heat transfer across the boundaries and to account for symmetry.

Polyhedral elements are used in both the solid and the fluid domain with addi-
tional prismatic layers in the fluid domain at the boundaries to the contacting solids.

The surfaces are defined as smooth surfaces and radiation is neglected as the typ-
ical temperature differences between the stator and the rotor surfaces likely cause
limited radiative heat exchange.

Comparison with slot model without air gap

The first of two air gap studies is based on the numerical analysis of the detailed slot
model and of the simplified slot model with constant loss densities (Figs. 2.9(b) and
2.9(c)).

By using similar conditions as in the previous slot models, it is intended to allow
for an evaluation of the effect of the air gap on the temperature distribution inside
the slot. When using FEM software without CFD capabilities in thermal studies, for
instance, a simulation of the convective heat transfer between the slot and the teeth
to the air gap is not possible. Since the velocity of the air near the slot wedge is
expected to be nearly zero (Fig. 2.17) and due to the comparably low thermal con-
ductivity of air (Table 2.8), the simplest approach may be to model the convective
heat transfer from the teeth to the air gap (by using an averaged heat transfer coef-
ficient or a lumped thermal resistance to the rotor) and to neglect a potential heat
transfer from the slot to the air gap. This approach is similar to the study without
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the air gap, where heat is injected into the stator teeth.

The same loss inputs and the same reference temperature are used with the dif-
ference that the heat injection from the rotor side (20 W

m ) is no longer injected at the
tooth surfaces but at the interface from the rotor to the air gap. Additionally, the
velocity of the air at the boundary to the rotor is defined by the rotational speed
n = 9000 1

min .

The coupled thermal and fluid dynamics problem is solved for the detailed and
the simplified slot model and it is compared with the simplified slot model without
modelled air gap in Fig. 2.15. The minimum, maximum and average temperatures
are compared in Table 2.9.

Similar to the case without air gap, the average and the maximum slot temper-
ature are slightly higher in the lumped model (+1.7 K and +3.9 K). This also leads
to marginally elevated average and maximum air temperatures compared with the
detailed model (+0.8 K and +0.5 K respectively).

More importantly, a hot spot is located in the vicinity of the slot wedge in the
slot models without the air gap (Fig. 2.15(c)). Despite the comparably low thermal
conductivity of air and the expected low velocities near the slot wedge, the hotspots
are removed in the models including the air gap, which allows the transfer of heat
between the slot and the air. The heat transfer from the top of the slot to the inner
air is apparent from the negative values in the corresponding region in Fig. 2.16.

Therefore, the aforementioned approach to solely model heat transfer between
the rotor and the stator teeth and to neglect heat transfer from the slot to the air gap
influences the temperature distribution inside the slot, in particular the hot spots.
The average temperature is, however, hardly affected.

Air gap without heat generation in the slots

In order to study the air gap and the effect of different rotational speeds on the tem-
perature drop across the air gap in greater detail without the presence of secondary
effects, the additional heat source in the slot is set to zero.

Vector plots of the velocity and scalar scenes of the temperature inside the air gap
are shown for the three different rotational speeds in Fig. 2.17. The absolute values
of the velocities and the temperatures across the air gap along the axis of symmetry
of the air gap are illustrated in Fig. 2.18.

The simulated average temperatures at both interfaces (ϑ1: average interface tem-
perature to rotor, ϑ2: average interface temperature to stator, slot liner and slot), the
overall average temperature differences ∆ϑ and the equivalent thermal resistance
Rthl are tabulated in Table 2.10.
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2.5 Air gap

(a) Detailed slot model with air gap (n = 9000 1
min )

(b) Simplified slot model with air gap (n = 9000 1
min )

(c) Simplified model without air gap

Figure 2.15: Simulation of the slot model with air gap (with identical total slot
losses).

67



Chapter 2 Analysis of modelling approaches

Figure 2.16: Boundary heat flux at extruded interfaces to stator, wedge, and slot liner
(corresponding to Fig. 2.15(a)).

Table 2.9: Computed temperatures corresponding to Fig. 2.15.

Model Temperature / ◦C

Slot Air gap Stator

Detailed slot model (Fig. 2.15(a))
min.
max.
av.

88.4
121.4
114.8

108.3
136.2
120.8

78.8
109.7
89.9

Simplified slot model (Fig. 2.15(b))
min.
max.
av.

88.3
125.3
116.5

108.9
136.7
121.6

78.8
110.4
90.0

Simplified slot model, no air gap (Fig. 2.15(c))
min.
max.
av.

88.1
127.7
116.6

—
—
—

78.7
108.9
89.7
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Table 2.10: Average rotor-to-air gap (ϑ1) and air gap-to-stator (ϑ2) interface tempera-
tures, equivalent thermal resistances and generated losses in the air gap.

n / min−1 ϑ1 / ◦C ϑ2 / ◦C ∆ϑ / K Rthl / (K m
W ) P′airGap / W

m

1 500 111.5 66.6 44.9 2.25 0.02
9 000 92.1 67.2 24.9 1.25 1.61

15 000 89.7 68.8 20.9 1.05 6.14

It may be seen in Table 2.10 that the average temperature at the interface to the
rotor decreases from 112 ◦C to 90 ◦C with increasing rotational speed. The aver-
age temperature difference between the interfaces consequently also decreases from
45 ◦C to 21 ◦C. The corresponding thermal resistances Rthl decrease accordingly.

It may be noted, however, that ϑ2 increases despite the decrease of both, the
thermal resistance and ϑ2. This may be explained by additional frictional losses
that are generated in the air gap. In the simulations the additional losses are 0.1 %
(n = 1 500 1

min ), 8 % (n = 9 000 1
min ) and 30 % (n = 15 000 1

min ) of the injected heat
from the rotor. It is obvious from the frictional losses, which are also provided in
Table 2.10, that the frictional losses may become a significant loss source at higher
rotational speeds.

It may also be noted that the calculation of the thermal resistance (the tempera-
ture drop across the air gap divided by the heat injected from the rotor) is, strictly
speaking, not correct because of the additional internally generated losses, particu-
larly at 15 000 1

min with an additional 30 % of the injected losses being generated. The
calculated thermal resistances are still provided in order to allow for a comparison
with the analytically calculated values in Sec. 2.5.2.

Furthermore, eddies may be seen clearly in the tooth tip regions in the detailed
velocity vector plots in Figs. 2.17(a), 2.17(c), and 2.17(e), even in the laminar case.
The eddies have a noticeable effect on the corresponding temperature distributions
(Figs. 2.17(b), 2.17(d), and 2.17(f)).

The effect of the eddies on the velocity, and the reverse current in particular,
may be seen clearly in Figs. 2.18(a), 2.18(c), and 2.18(e) by the increasing velocity
(in reverse direction) above the radial position at 0.0529 m. Similarly, the effect of
the counter-clockwise swirling of the comparably hotter air in this region leads to
an approximately nearly constant temperature over a certain radial distance. This
may be seen particularly in Figs. 2.18(d), and 2.18(f). However, the air movement,
which seemed comparable in Figs. 2.18(a), 2.18(c), and 2.18(e), leads to a rather lin-
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ear temperature profile in Fig. 2.18(b) compared with the profiles at n = 9 000 1
min

and n = 15 000 1
min .

2.5.2 Analytic air gap modelling

Numerous experimental test have been carried out by several authors to study the
transfer of heat in the annular flow between concentric cylinders, which are in rela-
tive motion to each other, and several correlations have been developed to describe
the heat transfer analytically. A review of the heat transfer in a fluid between con-
centric rotating cylinders may be found in [78]; a more recent review of convection
in the air gap of electric machines is provided in [79].

The thermal modelling of the air gap in [36, 49, 72] is based on the sources men-
tioned in [78, 79]. The results published in [80] are, amongst other sources, used
in [71, 81]. The authors in [82–85] determine the thermal resistance with the cor-
relation developed in [86]. Most likely, the different factors in [82, 83] (compared
with [84–86]) are due to a chosen value for the thermal conductivity of air (pre-
sumably 0.0275 W

m K) in order to convert the local equivalent thermal conductivity
(ratio of the heat transfer by convection to by conduction only), given in [86], into
an equivalent thermal conductivity.

The thermal resistance of the air gap in the slot model (specified in Tables 2.6 and
2.8) is computed with the equations provided in [36,49,71,72,82–85]. The computa-
tion of the thermal resistance of the same air gap with the different correlations and
equations allows for a comparison of the modelling approaches which is typically
not carried out in the frame of thermal studies of electric machines. Furthermore, the
computed values are compared with the simulated values (Table 2.10) in Sec. 2.5.3
by comparing the temperature drop resulting from the injected heat at the interface
to the rotor. The calculated values are summarised in Table 2.11.

The difference between the computed values according to [84, 85] and [82, 83] is
related to the different thermal conductivities that are used.

Using the criterion stated in [49], the flow in may be assumed to be laminar for
n = 1 500 min−1, turbulent for n = 15 000 min−1 and in the transition regime for
n = 9 000 min−1.

In the laminar case (n = 1 500 1
min ), the calculated thermal resistances are fairly

similar. [36] gives a slightly lower value, while using the thermal conductivity of air
at 25 ◦C results in a higher value with [84, 85].

A notable difference may be seen between [82–85] and the other sources at higher
rotational speeds: The thermal resistances determined with [82–85] are significantly
lower than the thermal resistances according to [36, 49, 71, 72].
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Table 2.11: Computed air gap resistances and temperature drops across the air gap.

Source Rthl / (K m
W ) ∆ϑ / K

n
min−1 : 1 500 9 000 15 000 1 500 9 000 15 000

[49] 2.22 1.30 0.95 44.5 26.1 18.9
[72] 2.22 1.25 0.95 44.5 25.0 19.1
[36] 2.02 1.20 — 40.4 24.1 —

[84, 85] 2.36 0.88 0.66 47.2 17.6 13.2
[82, 83] 2.24 0.83 0.63 44.8 16.7 12.6

[71] 2.20 1.38 — 44.0 27.5 —

2.5.3 Summary

It has been shown that the explicit modelling of the air gap—in contrast to modelling
heat flow between the rotor surface and the tooth surfaces to the air gap and implic-
itly defining an adiabatic boundary at the slot (wedge)—has a noticeable effect on
the temperature distribution. Despite the comparably low thermal conductivity of
air and the comparably slow air movement near the slot-to-air contact, the existence
of the hot spot could not be verified in the model with air gap.

Nonetheless, from the comparison of the average temperatures in Table 2.9 and
from Fig. 2.15 it may be concluded that the slight differences in the average slot and
stator temperatures may be acceptable depending on the study context, particularly
when considering the significant reduction of complexity by reducing the physical
problem to an analysis of solely heat conduction in solids.

The numerically determined thermal resistances of the air gap and the analytic
calculations according to [36, 49, 71, 72], which are based on experimentally deter-
mined correlations, match fairly well, with a maximum relative deviation of ±10 %.

The determined thermal resistances of the studied air gap, which are calculated
with [82–85], differ significantly from the numerical results. As [82–85] all use the
same underlying correlation published in [86], the developed correlation for transfer
in a vertical annulus may not be applicable to the model studied in this work.

The internally generated frictional losses may be calculated directly with CFD
software. In analytic models or numerical models, which model only heat conduc-
tion, the frictional losses need to be estimated (Sec. 1.3.5) and combined with the
thermal resistance of the air gap. In [46] half the windage losses are fed into each
terminal of the thermal resistance of the air gap, an alternative might be to break
the thermal resistance into sub-resistances and assign the total windage losses to
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the new node between the stator and the rotor surface. As illustrated in Sec. 2.5.1,
the windage losses may become a significant loss source at higher rotational speeds.
It may therefore be advisable to verify the applicability of empirical correlations in
conjunction with concentrated loss injections particularly at higher rotational speeds
as the relevance of the windage losses and the air gap resistance increases.

2.6 Bearings

2.6.1 Experimental determination of the thermal bearing resistance

The machine bearings link the stator housing and the rotor thermally in that they
provide a heat flow path from the rotor stack and the shaft to the machine hous-
ing. Attempts to determine the thermal resistance of bearings (installed in electric
machines) experimentally may be found in [50, 71].

If the internal heat generation is neglected, the thermal resistance of a bearing
Rth,be may generally be calculated in terms of the temperature drop across the bear-
ing ∆ϑ and the heat flow across the bearing Q̇ with

Rth,be =
∆ϑ

Q̇
. (2.55)

In practice, an accurate experimental determination of the thermal resistance is not
trivial as the exact value of Q̇, which corresponds to the temperature drop ∆ϑ, is
difficult to identify precisely in a machine assembly.

Not only are also losses generated inside the bearings and detailed information of
the specific bearings would be required to estimate the losses with higher accuracy
(Sec. 1.3.5). The fact that heat is not solely transferred from the rotor across the shaft
and the bearings but also from the rotor (i) across the air gap, (ii) to the inner air
by convection and (iii) maybe even to a load machine that may be connected to the
shaft complicates matters further. Furthermore, the thermal resistance itself varies
with speed and load, as shown in [87].

In [50] analytic thermal machine models are calibrated by DC tests at standstill
and the thermal resistances are evaluated by subsequent locked-rotor tests. The
presented results for three different bearing types are given as equivalent, air-filled
interface gaps that range from 0.23 mm to 0.40 mm, which may be expressed as inter-
face conductances hintf (Sec. 1.4.4) between 65 W

m2 K
and 113 W

m2 K
. The resulting ther-

mal resistances would be calculated with the interface area A according to Eq. (1.28).

In [71] the thermal resistances of bearings of two different machines are deter-
mined by matching the measured temperatures with the calculated temperatures
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by adjusting the thermal resistances of the bearings. Values are presented for differ-
ent load points, namely for the no-load point as well as for 50 %, 100 %, and 150 % of
the rated machine power. The matched values for Rth,be range between 0.71 K

W and
2.34 K

W .

2.6.2 Calculation of the thermal bearing resistance

As an alternative to an experimental determination, the thermal resistances of the
bearings may be calculated. In [81] the thermal resistance is modelled as the sum
of the thermal resistances of both bearing races, the rolling elements and the lubri-
cating film. The thermal resistance of the film is calculated by the film thickness
divided by the product of lubricant thermal conductivity and the area of the con-
tact zone. The film thickness in this simplified approach would, however, need to
be determined with the theory of elastohydrodynamic lubrication. The accurate
calculation, which is not shown explicitly in [81], requires detailed information, in-
cluding details about the lubricant, the surface velocity and pressure in the contact
region [88]. It may even be argued that the film thickness itself is not even constant
as assumed in this approach.

In [72] a simple equation for the thermal resistance of bearings in TEFC machines
is derived from measurements and the same equation is used in [42]:

Rth,be = k1

(
0.12− k2 db

) (
33− k3 ω db

)
, (2.56)

where
k1 = 0.45 K

W , k2 = 1 1
m , k3 = 1 s

m ,
valid if
46 mm ≤ db ≤ 77.5 mm and ω db ≤ 14.5 m

s .

In Eq. (2.56) linear correlations between the thermal bearing resistance and the
rotational speed and the mean bearing diameter db are assumed. This equation is
said to be only applicable to a limited range of bearing diameters and a maximum
rotational speed of 3000 1

min . Furthermore, the fact that only the diameter of the
bearing and not the bearing width is used and that the equation includes a simple
linear speed dependency—without, for instance, considering the effect of the bear-
ing load—indicates that this equation may be used to give rough approximations
of the thermal bearing resistance. The determined bearing resistances in [72] range
between 0.48 K

W and 0.88 K
W .

An approach that does not rely on detailed information about the lubrication
regime and which is yet applicable to a wide range of different bearings is based
on typical values of the heat flow density at the bearing seating surfaces A (or the
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heat transfer coefficient kq) for radial and axial roller bearings. Such values have
been published by bearing manufactures and may even be extracted from ISO stan-
dard 15312 [21, 22, 24] (Fig. 2.19).
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Figure 2.19: Ranges for the heat transfer coefficient and the reference values accord-
ing to ISO standard 15312, adapted from [21, 22, 24, 25].

The standard specifies the calculation of the thermal speed rating of bearings un-
der defined reference load, temperature, and lubrication conditions. The thermal
speed rating is calculated using the heat balance between the internally generated
losses and specified reference heat flow densities.

Fig. 2.19 differs from the figures provided in [21,24,25] in that the heat flow densi-
ties are related to the temperature difference of 50 ◦C, which is defined in ISO 15312,
thereby converting the heat flow densities into equivalent heat transfer coefficients.
The two functions in Fig. 2.19 are the equivalent reference heat transfer coefficients
for radial and thrust bearing, as defined in ISO 15312. The shaded area illustrates
typical ranges of kq that are identical with the equivalent heat flow densities pro-
vided in [21].

The heat flow rate Q̇ across the bearing seating surface A is connected with the
temperature difference between the mean bearing temperature and the ambient
temperature ∆ϑ and the heat transfer coefficient kq as follows [22]

Q̇ = kq A ∆ϑ. (2.57)

The bearing seating surface of radial bearings is [22]

A = π bb db + π bb D, (2.58)
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where
db bore diameter,
bb bearing width,
D bearing outer diameter.

Combining Eqs. (2.57) and (2.58) yields

∆ϑ

Q̇
=

1
kq A

=
1

kq (π bb db + π bb D)
= Rth,be and (2.59)

Rth,be =
1

1
1/
(
kqπ bb db

) + 1
1/
(
kqπ bb D

) =
1

1
Rth,beIn

+
1

Rth,beOut

. (2.60)

The heat transfer coefficients kq in Fig. 2.19 therefore allow to calculate thermal re-
sistances Rth,be of bearings that correspond to the ISO standard (values deemed typ-
ical) as well as minimum and maximum values. Eq. (2.60) furthermore illustrates
the thermal bearing modelling in [71], which is shown in Fig. 2.20.

Pbe

1

Rth,beIn Rth,beOut

be 2

Figure 2.20: Thermal bearing model, adapted from [71].

As can be seen from Eq. (2.60), Rth,be may be split into two thermal resistances
Rth,beIn and Rth,beOut modelling the heat flux across the inner and the outer bearing
seating. ϑbe in Fig. 2.19 denotes the mean bearing temperature, ϑ1 and ϑ2 the tem-
perature at the inner and at the outer bearing seating respectively. The frictional
losses Pbe, which are generated in the bearing, are modelled by a heat source.

It may be noted that heat might be dissipated by the lubricant in the case of oil lu-
brication. The dissipated heat would then be modelled by an additional loss source
with negative loss values. The loss magnitude is calculated with Eq. (2.10), using
the flow rate of the lubricant, the temperature elevation, the mass density and the
specific heat.

2.6.3 Summary

It has been shown in Secs. 2.6.1 and 2.6.2 that the thermal resistance of bearings may
be determined (approximately) by measurements or by computation. The bearings
are mostly modelled as contact resistances.
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The detailed bearing modelling is still subject to ongoing research and even ap-
proaches that try to find simpler ways to model thermal aspects in elastohydrody-
namic contacts are rather complex studies, e.g. [89]. When including bearings into
an overall thermal machine model, the aim is to correctly identify the heat trans-
ferred across the bearing and the heat generated in the bearing. Therefore, mod-
elling the bearing phenomenologically on a macroscopic scale seems to be a more
effective approach. Particularly if only limited data is available, the approach pre-
sented in Sec. 2.6.2 provides ranges that allow for the estimation of typical values
and even best and worst case estimations.

The resulting equivalent thermal heat transfer coefficients in [50], which range
between 65 W

m2 K
and 113 W

m2 K
, are in accordance with the range from 200 W

m2 K
to

1000 W
m2 K

given in [22] and implicitly in [21]. This is because the factor 2 needs to be
considered when comparing [50] and [21, 22] as the total thermal resistance Rth,be,
which is related to a combined average seating surface, is determined in [50].

In [71] the comparison between the calculated thermal resistances and the matched
measured values are also in close agreement with the values provided by [21,22,24].

In analytic machine models the thermal bearing model shown in Fig. 2.20 may be
connected directly between the shaft and the machine housing or an end cap model.

Considering the above mentioned aspects and the typical role of bearing mod-
els in a numerical thermal machine model, detailed (microscopic) bearing models,
which may even aim at modelling the local effects in the contact area, typically lie
beyond the scope of the thermal machine modelling. Therefore, approaches mod-
elling the macroscopic behaviour or even the behaviour at the model interfaces—for
instance similarly to the analytic modelling by one or two contact resistances and a
boundary heat flux—may be an efficient and yet fairly accurate choice.

2.7 Axial heat flow

2.7.1 Shaft

A significant heat flow path in axial direction is present in the shaft of electric ma-
chines, which permits conductive heat transfer between the rotor stack and the sta-
tor (through the bearings).

The numerical modelling of heat transfer through a shaft is illustrated in Fig. 2.21.
Simple boundary conditions are used in order to allow for a comparison between
the results obtained from the numerical simulation and an analytic calculation. The
bearing seats on both sides of the shaft are set to fixed temperatures (60 ◦C), Q̇ =

100 W are injected (uniformly) at the surface that would be in contact with the rotor
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stack. The thermal conductivity λ = 237 W
m K is chosen for the shaft.

The geometry and the boundary conditions may be seen in Fig. 2.21(a), the tem-
perature distribution on the surface of the shaft is shown in Fig. 2.21(b). The tem-
peratures on the cutting plane and along the axis of symmetry in the centre of the
shaft are shown in Figs. 2.21(c) and 2.21(d) respectively.

It can be seen from the temperature profile in Fig. 2.21(d) that the heat flow prob-
lem is complex despite the comparably simple geometry. The radial loss injection
and the radial temperature as well as the diameter step lead to significant deviations
from a one-dimensional temperature profile.

The average temperature of the surface where the heat is injected is 71.9 ◦C, the
(volumetric) average temperature of the wider inner shaft part is 71.6 ◦C. The dif-
ference between both temperatures is comparably small and they are modelled by a
common temperature ϑ1.

The analytic modelling is based on the assumption of solely axial heat flow. Two
parallel heat flow paths are assumed between ϑ1 and the two bearing seats (Fig. 2.22).

The first heat flow path consists of the thermal resistance Rth,1 between the left
bearing seat and the diameter step and Rth,3, which models the effective thermal
resistance between the diameter step and ϑ1. The second heat flow path is modelled
by Rth,2 (thermal resistance between right bearing set and the diameter step) and
Rth,3.

Rth,1 and Rth,2 as well as the 80 mm-long axial thermal resistance of the thicker
section (Rth,4) can be calculated directly with the dimensions of the shaft and λ

Rth,1 = 2.49 · 10−1 K
W

, (2.61)

Rth,2 = 8.95 · 10−2 K
W

, (2.62)

Rth,4 = 2.98 · 10−1 K
W

. (2.63)

In [71] Rth,3 is approximated by using 50 % of the relevant flow path length from
the diameter step to the average temperature node, which is 25 % (20 mm) of the
complete length of the wider inner shaft part (80 mm). With this assumption Rth,3

and ϑ1 are

Rth,3 =
Rth,4

4
= 7.45 · 10−2 K

W
, (2.64)

ϑ1 = 71.1 ◦C. (2.65)

(It may be noted that using the complete flow path, i.e. half the complete length
(40 mm), would be an overestimation as this would translate into the assumption
that all injected heat enters exactly in the centre.)
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(a) Geometry & boundary conditions of the shaft.

(b) Temperature distribution on the surface.

(c) Temperature distribution on cutting plane through centre of shaft.
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(d) Temperature plot along the axis of symmetry in the shaft.

Figure 2.21: Exemplary study of heat flow through a shaft.

80



2.8 Convection in the end winding region

100W
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Figure 2.22: Lumped parameter model of the shaft in Fig. 2.21(a).

The quadratic temperature profile in the wider part (Fig. 2.21) resembles a qua-
dratic temperature profile caused by one-directional heat conduction with spatially
uniform internal heat generation (Sec. 1.5.3, [33, 35, 37]). If the heat conduction in
this part is treated as one-dimensional heat transfer with internal uniform heat gen-
eration, Rth,3 and ϑ1 are

Rth,3 =
Rth,4

6
= 4.97 · 10−2 K

W
, (2.66)

ϑ1 = 69.5 ◦C. (2.67)

Comparing Eqs. (2.65) and (2.67) with the average temperature of the inner shaft
(71.6 ◦C) shows that estimating the average temperature by using half the complete
flow is more suitable than treating the radially injected heat as a one-dimensional
heat transfer problem with spatially uniform internal heat generation.

2.7.2 Other heat flow

Following Sec. 2.3.3, axial heat transfer is neglected in the stacked electrical steel
sheets. Due to the significantly lower thermal conductivity of the insulating material
compared with the copper wires, axial heat transfer in the stator is only considered
for the copper wires. In the rotor, heat is transferred axially in the aluminium bars.

Axial heat flow in the copper wires and in the bars is modelled as one-directional
heat transfer with internal heat generation (Sec. 1.5.3).

2.8 Convection in the end winding region

The analysis of convection in the end winding region is generally very demanding
due to the complex shapes and the resulting non-trivial fluid flow.

In analytic models, correlations are typically used for the modelling of convective
heat transfer. A general correlation, which is also used in this study, is (e.g. [46, 90,
91])

h = kcc,1

[
1 + (kcc,2 v)kcc,3

]
, (2.68)
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where

kcc,i convection correlation parameters,
v reference velocity.

The correlation in Eq. (2.68) is used to determine the average heat transfer coeffi-
cients of the different surfaces at which convective heat transfer is present. Different
sets of correlation parameters [kcc,1, kcc,2, kcc,3] have been determined experimentally
and an overview of different correlations may be found in [46].

v, the reference velocity in Eq. (2.68), is the velocity of the rotating surface (which
may be given as a function of the rotational speed), or the velocity of the surround-
ing air if the surface is stationary (e.g. the end windings).

The analytic modelling of convection in [36] is shown in Fig. 2.23(a). Even though
a TEFC induction machine is modelled, the general modelling approach may be
used similarly for the modelling of water-cooled machines. Node 8 in Fig. 2.23(a)
represents the inner air in the end winding region, nodes 1 to 7 are the surfaces
(interfaces to the inner air) of the end cap (1), the stator stack (2), the stator teeth (3),
the end winding (4), the end ring (5), the rotor stack (6), and the rotor cooling holes
(7). Each thermal resistance is determined with Eq. (1.22), using the corresponding
average heat transfer coefficient and the corresponding interface area.

In order to gain a higher degree of adaptability, in particular if significant dif-
ferences of the reference velocity exist on one and the same interface to the inner
air, thermal resistances may be split into several sub-resistances as illustrated in
Fig. 2.23(b). In this exemplary model from [46], the thermal resistance between the
end winding and the inner air in the end winding region is composed of four sub-
resistances. The interface to the inner air is split into an inner and an outer end
winding interface as well as into an interface at the axial end of the end winding
and an interface to the air gap between the end winding and the stator stack (de-
pending on how much the winding extends beyond the stack end before merging
into the end winding).

It may be noted that a common average temperature is modelled at all four in-
terfaces in Fig. 2.23(b) (at node 2) and that heat transfer is consequently modelled
between this temperature level and one common temperature level of the inner air
in the end winding region. Therefore, the parallel paths only allow to adjust the con-
vection parameters separately but do not yield a higher resolution of the tempera-
ture distribution. Furthermore, the reference velocities need to be estimated, which
is difficult if non-trivial geometries are present. Additionally, the most suitable con-
vection correlation parameters need to be chosen, which requires experience in this
field or requires experimental tests in order to adjust the parameters appropriately.
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(a) Modelling of convection in the end
winding region in [36].
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(b) Modelling of convection at the end
winding in [46].

Figure 2.23: Analytic modelling of convection in the end winding region.

The numerical modelling of convection in the end winding region requires a
comparably precise CAD model at the solid-fluid interface (including e.g. cavities)
and a fine mesh in order to capture those geometric features and to allow for the
modelling of flow near the interface.

In [92, 93] CFD simulations are carried out with particular focus on the analysis
of heat transfer in the end winding region. The simulations are compared with the
measured heat fluxes as heat flux sensors are attached near the end winding tips of
the form-wound windings of the studied induction machine.

Smaller electric machines typically consist of random-wound windings. The end
windings therefore consist of (to a certain extent) randomly placed thin wires, in-
sulating sheets (between the coil sides of different phases and, optionally, also for
tightening the loose wires), and impregnating resign which is supposed to fill most
air pockets.

The explicit modelling of all wires and the insulating material in the winding
heads would drastically increase the model complexity (CAD model, meshed repre-
sentation and resulting mathematical problem). While the detailed modelling may
be feasible in very specific detailed studies focussing on just a particular part of the
end winding region (similar to the detailed slot model in Sec. 2.3.5 but with sig-
nificantly increased complexity due to the explicit three-dimensional nature of the
problem), geometric simplifications of the end winding regions are indispensable in
the frame of complete machine models. Since the shape of the end winding varies
due to the (to some degree) random placement of the wires that are covered with
impregnating resign, envelopes may be used to define the outer dimensions of the
end windings. A similar approach is used in the CFD machine study in [94], in
which the end windings are modelled by envelopes.
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The results of an exemplary CFD study are provided in Fig 2.24 which shows the
resulting boundary heat flux at the interface between the inner air and the air cap.
The interface is clipped in axial direction in order to allow for a direct view on the
interface. Additionally, a vector plot of the velocity of the inner air is shown on the
cutting plane which also shows the semi-transparent contours of the solids. The
air volume in the foreground is the air between the side of the rotor stack and the
end shield which is narrowed down in radially outward direction because of the
end rings. The cutting plane is not clipped and the contours as well as the velocity
vectors in the air gap therefore span further out than the heat flux boundary. The
envelope of the end winding may be seen in the background.

Such a CFD study allows, to give one example, to investigate the effect of the ribs
of the end cap in Fig 2.24 which cause high heat flux gradients at the interface. The
envelope-like modelling of the end winding reduces the modelling complexity and
the calculation time, it is, however, a significant simplification that forbids to con-
sider or investigate the effect of the imperfect end winding shape and impregnation.

Figure 2.24: Exemplary CFD study of heat transfer in the end winding region.

2.9 Effect of adjacent components

The thermal behaviour of electric machines may be influenced by adjacent com-
ponents to such an extent that modifications of the thermal model itself may be
required.

To give an example, the induction machine in [36] is modelled by a simplified
symmetrical thermal model with sufficient accuracy (Fig. 1.4). If the same motor is,
for instance, fixed to a test bench (heat sink) or if a gear train is connected (heat

84



2.9 Effect of adjacent components

source), the motor may show significant temperature differences between the DE
and the NDE side. In such cases, not only one or more additional boundary con-
ditions need to be set but the model of the machine itself needs to be extended
to adequately model the non-symmetrical heat flow and temperature distribution
(compare Figs. 1.4 and 3.4).

Furthermore, special attention may be required if a thermal model is adjusted and
validated by experimental tests, using an experimental (lab) set-up which differs
significantly from the standard environment the machine is typically operated in,
such as a vehicle environment. Significant deviations may consequently lead to
incorrectly calibrated models or the validation may yield misleading results.

The effect of a connected loss source is exemplified by two simple experimental
tests. During theses tests, the device under test (DUT), a squirrel-cage induction
machine, is driven by a connected motor, using the test bench illustrated in Fig. 3.2.
The resulting temperatures over time are given in Fig. 2.25.

The generated losses of the connected gear train are the main loss source in this
experimental set-up. Comparably small additional loss sources are the frictional
losses in the bearings and the sealing rings as well as the windage losses. The tem-
perature of the motor is controlled by a circulating water temperature control unit
which controls the temperature at the inlet of the water jacket cooled DUT.

In the first test (Fig. 2.25(a)), the inlet temperature of the machine at stand-still
is set to 48.7 ◦C. When the temperatures reach steady states (at t = 666 min), the
DUT is accelerated to n = 6000 1

min . At t = 920 min, the target inlet temperature is
reduced to 30 ◦C while the DUT is kept at the constant rotational speed n = 6000 1

min .

At stand still the measured rotor temperatures are slightly lower than the mea-
sured temperatures of the coolant at the inlet, the stator and the housing. The rotor
(and the gear oil reservoir) are expected to be colder than the inlet temperature in
this passive test since some of the heat is transferred from the cooling channels to
the side surfaces of the housing and also to the rotor and the shaft to the surround-
ing. The heat flow causes temperature drops across the thermal resistances of the
heat flow paths.

During rotation, the rotor heats up from 48 ◦C to around 61 ◦C at the NDE side and
to 65 ◦C at the DE side. The rotor temperature at the DE side is thus notably higher.
The measured temperature in the stator slot and the temperature of the oil in the
gear oil reservoir are well below the rotor temperatures and reach around 51 ◦C.
The temperature differences remain in similar ranges even during the cooling down
phase.

As the gear oil reservoir remains fairly cold (temperature in the range of the stator
winding), the thermal behaviour may be modelled by heat injections into the rotor.
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During the second test (Fig. 2.25(b)) the DUT is kept at the constant rotational
speed n = 6000 1

min and the inlet temperature at 78.6 ◦C. At t = 735 min the tem-
perature control unit is switched off and at t = 1079 min the DUT is brought to a
standstill.

The temperature dependency of the gear losses (which are lower at higher tem-
peratures) may be seen in Figs. 2.25(a) and 2.25(b) when comparing the temperature
differences between the rotor and the stator and also the temperature differences
between both rotor temperatures.

In general, such experimental tests may also be used to estimate the split of the
injected gear losses as only a fraction of the total gear losses is injected into the rotor.
Some losses are also directly transferred to the motor (gear) housing.
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(a) DUT accelerated by connected motor from stand-still to constant rotational speed, subsequent
active cooling down by circulating water temperature control unit.
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(b) DUT driven by connected motor at constant rotational speed, cooling down at constant speed
(coolant flow rate set to zero) and cooling down at stand-still.

Figure 2.25: Temperature increase due to gear losses when DUT is driven by a con-
nected motor.

87





Chapter 3

Case study

Both modelling approaches, the analytic and the numerical modelling, are applied
to a squirrel-cage induction (traction) motor and assumptions and simplifications in
each strategies as well as similarities and differences are highlighted.

The experimental set-up is presented in Sec. 3.1 and the experimental tests which
are used to calibrate and to verify the thermal models are given in Sec. 3.2.

The analytic and the numerical modelling frameworks of the induction machine
are introduced in Sections 3.3 and 3.4 respectively.

The analytic and the numerical thermal component models are provided in Sec. 3.5.
The evaluation of the thermal models (and modelling frameworks), i.e. the compar-
ison of the simulations with the measurements, may be found in Sec. 3.6.

3.1 Experimental set-up

3.1.1 Test bench

Experimental tests that permit to adjust, verify and interpret the simulation results
are carried out on the test bench in Fig. 3.1(b)1. The DUT, a squirrel-cage induction
machine, which is underneath a protective cover, is shown in Fig. 3.1(a). A schematic
diagram of the experimental set-up is shown in Fig. 3.2.

As can be seen in Fig. 3.1(a), the tested induction machine (IM 1) is connected to a
gear train and coupled to a second induction machine (IM 2). The rotational speed
and the torque are measured by a torque transducer which is placed in between.
Both induction machines are generally fed by an inverter. For operational reasons,
certain tests (including the DC test) require the use of power amplifiers in conjunc-
tion with a function generator as power supply of the DUT instead.

1The experimental tests on the test bench in Fig. 3.1 were carried out in the main laboratory of the
Electric Drives & Machines Institute at Graz University of Technology, Austria (EAM), by Dr.
Roland Seebacher, Assistant Professor at the EAM.
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(a) Induction machine (DUT) (b) Test bench (from left to right): Dynamome-
ter, torque measuring shaft and DUT (both un-
derneath protective covers)

Figure 3.1: Experimental set-up.

The temperature control unit allows for an adjustment of the temperature of the
coolant and the flow rate. Heat dissipation is ensured by a connected fan-cooled
heat sink.

The temperature measurements are handled by two separate data acquisition sys-
tems that are connected to a workstation. The first data acquisition system obtains (i)
the rotor temperatures ~ϑrot from an inductive temperature measuring device (ther-
mocouples Type K) but also processes (ii) the mass flow rate of the coolant ṁ (strictly
speaking the volume flow rate), (iii) the output torque M and the rotational speed n
as well as (iv) the input power of each phase ~P, the voltages ~V, the currents ~I, and
the supplied frequency f1.

The temperature probes in the inlet and the outlet of the cooling jacket (Pt100
resistance temperature detectors) as well as the sensors that are attached to the stator
of the machine and its surrounding (thermocouples Type K)~ϑstat are connected to the
second data acquisition system.

3.1.2 Thermal sensors

Two thermocouples (TC) are placed in the stator slots (approximately in the centre
in axial direction), one at the bottom of the slot on the slot liner and therefore in the
immediate vicinity of the wires at slot bottom (TC 1), the second sensor is placed
directly on top of the copper wires (TC 2) and thus below the slot wedge. Further
thermocouples are placed in the middle of the end windings on each machine side
(TC 3 at the non-drive end side (NDE) and TC 4 at the drive end side (DE)). The
two thermocouples in the rotor (TC 5 at the NDE side and TC 6 at the DE side) are
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Figure 3.2: Schematic diagram of the test bench.

inserted into the rotor stack (a few millimetres from both stack ends) and the tem-
peratures are read by an inductive temperature measuring device. An additional
thermocouple (TC 7) is placed in the gear oil reservoir.

The resistance temperature detectors (RTD) are placed directly in the flow in the
inlet region (RTD 1) and in the outlet region (RTD 2) of the cooling jacket. Additional
thermocouples are placed in the (directly attached) gear train and on the outer sur-
face of the cooling jacket.

Furthermore, the temperature of the air underneath the protective cover, the tem-
perature of the cover, and the ambient air temperature are measured by further ther-
mocouples in order to correctly set and verify the boundary conditions of the ther-
mal model. The sensors and their position in the electric machine are summarised
in Table 3.1.
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Table 3.1: Sensor identifiers and positions.

Sensor Sensor position

TC 1 slot bottom
TC 2 slot top
TC 3 end winding NDE side
TC 4 end winding DE side
TC 5 rotor stack end NDE side
TC 6 rotor stack end DE side
TC 7 gear train (oil reservoir)
RTD 1 cooling jacket inlet
RTD 2 cooling jacket outlet

3.2 Experimental tests

Typical ranges of certain thermal resistances, particularly the thermal contact resis-
tances (Sections 1.4.4 and 2.1), the effective thermal resistance between the winding
and the electrical steel stack because of a non-ideal impregnation (Sec. 2.3) and the
wide range of heat transfer coefficients of bearings (Sec. 2.6), introduce potential
uncertainties, particularly in case a thermal model is developed without any exper-
imental adjustment or validation or without reliable information based on similar
machines (preferably the same machine design with identical manufacturing pro-
cesses).

In order to be able to correctly adjust the thermal resistances of the induction
machine, it is advisable to not solely rely on one or more typical load points for the
model verification as this may lead to incorrectly adjusted parameters due to the
complex overall heat flow along the different flow paths.

Consequently, a DC (during which the Joule losses in the stator winding domi-
nate) and a locked rotor (with high Joule losses in the rotor bars in addition to the
Joule losses in the stator winding) are used for a first verification of the thermal
models. The reduced complexity with respect to the acting heat sources allows for a
more precise identification of the losses and the heat flow paths and thus for a more
accurate verification as well as for potentially required targeted parameter adjust-
ments.

Additionally, a passive test is performed to verify the modelling of the gear train
and of the mechanical loss sources in general, ensuring that the required simplifica-
tions of the gear modelling do not influence the thermal model at higher rotational
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speeds.

Finally, a stationary load case is used to validate the analytic and the numerical
model and an additional (thermally) transient load case is run to validate the tran-
sient analytic model.

The input parameters and the measured temperatures of the transient load case
are provided directly in Sec. 3.6.5, the values of all other tests are compiled in sepa-
rate tables for each test in Sections A.1–A.4 in the appendix.

Selected values are related to the values of the corresponding quantities at the
nominal (rated) operating point of the electric machine and are given as per-unit
values (pu). To give an example, copper losses in the stator winding of 0.1 pu refer
to 10 % of the copper losses in the stator winding at the nominal operating point.

The detailed explanation of the experimental tests, the interpretation of the results
and the evaluation of the models may be found in Sec. 3.6.

3.3 Analytic modelling framework

The overall analytic modelling framework comprises an electromagnetic machine
model, a loss calculation routine and an analytic thermal machine model. The de-
veloped models are specific to induction machines and using a different machine
type would require the adaptation of machine-specific analytic equations and mod-
els.

The electromagnetic model and the loss calculation routine depend, however, on
the actual temperature, such as the resistivity of the copper wires and of the alu-
minium bars. The same applies to the numerical modelling where the correct values
need to be set in the material database.

The measured temperatures are used to set the correct values for the temperature-
dependent material coefficients instead of results from coupled analytic models.

As will be shown by the experimental tests, the analytically and the numerically
determined losses as well as the measured losses differ significantly, leading to sig-
nificant temperature differences. In order to avoid that a potentially inaccurate loss
calculation, which would lead to potentially inaccurate simulated temperatures,
feeds back into the loss calculation by the adjustment of the temperature-dependent
coefficients, the measured temperatures are used to set the temperature-dependent
coefficients correctly. A coupled model would increase the complexity associated
with the verification of the thermal model itself.
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3.3.1 Electromagnetic machine model

The electromagnetic lumped parameter model, which is used to model the elec-
tromagnetic behaviour of the induction machine and which consequently serves to
determine the electromagnetic losses, is shown in Fig. 3.3. The model is based on a
fundamental frequency lumped parameter modelling approach, which means that
e.g. the effect of higher harmonics on torque production and energy conversion is
not considered. Higher harmonics are treated as stray phenomena instead and thus
included in the stray inductances.

The components of the lumped parameter model are explained in the following
sections.

R1( s) L L (s)

R2 r,s)/sLh( h)RFE( h,f1,f2)V1

I1

Vh

IFE Iµ

I2
´

´

´Radd(f1,I1)

Figure 3.3: Electromagnetic lumped parameter model of the induction machine.

Leakage inductances

Several different leakage fluxes are present in electric machines which are, for exam-
ple, caused by the placement of the winding in slots and by the presence of coil sides
in the end winding region. The stator leakage inductance L1σ and the rotor leakage
inductance L2σ therefore comprise several leakage inductances that are related to
the different leakage fluxes, including e.g. the slot leakage fluxes.

Values for the slot permeance factor, which is used to calculate the slot leakage
inductance, may be found in the literature for standard slot shapes and for single
and double layer windings (e.g. in [7, 14, 95]). Similarly, equations and permeance
factors to determine both the end winding leakage inductance and the tooth tip
leakage inductance may be found in the literature [3, 7, 14, 95–97].

As the effect of higher harmonics is treated as stray phenomena in the fundamen-
tal frequency model, corresponding harmonic (differential) leakage inductances are
included in the stator and in the rotor stray inductances in Fig. 3.3.

The stator slot leakage inductance for the double layer winding, the stator tooth
tip leakage inductance and the end winding leakage inductance are calculated ac-
cording to [7,95]. The value for the harmonic (differential) stator inductance is based
on data from the motor manufacturer.

94



3.3 Analytic modelling framework

The rotor slot leakage inductance and the end ring leakage inductance are com-
puted according to [7,98] and the value for the harmonic (differential) rotor leakage
inductance is, similar to the harmonic stator inductance, based on data from the
motor manufacturer.

The rotor stray inductance is referred to the stator by the conversion factor ζconv

(L′2σ = ζconv L2σ), which is a function of the winding factors, the number of slots and
the number of phases of the rotor and the stator.

Under normal operating conditions (s � 1), the influence of the slip on the ro-
tor resistance and on the rotor leakage inductance is negligible. Only during the
locked rotor test, the rotor slot leakage inductance is reduced in accordance with the
increased effective rotor bar resistance.

Winding resistances

The resistance of the stator winding R1 is calculated with the coil turn length, the
number of turns per coil, the connection of the coils, the number of parallel con-
nected wires in one coil, the wire diameter and the resistivity of copper. As the re-
sistivity of copper changes with the temperature (Sec. 1.3.1), the temperature of the
winding is used to adjust its value using a linear temperature coefficient for copper.

The resistance of the rotor winding R2 (R′2 = ζconv R2) comprises the resistance of
a rotor bar Rbar and of a corresponding section of the end ring resistance Rer [3, 7]

R2 = Rbar +
Rer

2 sin2(πp
Qr
)

, (3.1)

where
p number of pole pairs,
Qr number of rotor slots.

The value of the rotor resistance is also adjusted with the rotor temperature by
using the linear temperature coefficient of aluminium.

At high slip rates, in particular during the locked rotor test, the skin effect has a
noticeable effect on the resulting rotor resistance and an additional factor, which is a
function of the slip [7], is used for the modelling of the rotor (bar) resistance in such
cases.

Calculation of the magnetic circuit and determination of the magnetising
inductance

The non-linear behaviour of the electrical steel (non-linear BH-curve) requires the
iterative calculation of the magnetic circuit in order to calculate the magnetising
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inductance Lh, which is determined as a function of the magnetising current Iµ

(Lh = f (Iµ)). The required MMFs in the tooth and yoke regions of stator and rotor
and across the air gap, which correspond to given magnetic flux densities in the air
gap, are therefore to be computed.

For each chosen value for the magnetic flux density in the air gap, the required
MMF across the air gap is determined. The effect of the slotting of the stator and
the rotor is considered by virtually increasing the air gap length (by Carter factors
for the stator and the rotor). Similarly, the MMF in the stator and the rotor teeth is
computed with the help of the actual BH-curve of the electrical steel.

The effect that a part of the flux bypasses the teeth across the slots in highly sat-
urated teeth is included by treating both paths as parallel magnetic reluctances and
adding both fluxes (iterative calculation, see e.g. [99]). The MMF in the yokes is
estimated according to [14] by assuming a sinusoidal magnetic flux density and by
integrating the corresponding values of the magnetic field strength over one pole
pitch.

The distribution and the pitching of the double-layer winding are included by
scaling the computed induced voltage with a combined winding factor.

The implemented calculation of the magnetic circuit and the magnetising induc-
tance is consequently a combination of the methods provided in [7, 14, 96, 100].

3.3.2 Iron losses

Solving the magnetic circuit for a given operating point yields the peak values of
the magnetic flux densities in the yoke and teeth regions of both, the stator and the
rotor, which allows to determine the iron losses according to Sec. 1.3.2.

In accordance with [7,14], correction coefficients of 1.8 and 1.5 (Sec. 1.3.2, account-
ing for manufacturing effects, i.e. burrs, stresses as well as stray no-load losses) are
chosen for the tooth and the yoke regions respectively.

It may be noted—with respect to the complexity of the non-fundamental loss de-
termination and also with reference to the additional load losses in Sec. 3.3.4—that
there are no exact rules but (differing) guidelines concerning how to differentiate
between the different loss sources according to their causes and their spatial occur-
rence. The implemented loss calculation and (spatial) loss separation is a combina-
tion of [3, 7, 14, 20].

The equivalent resistance of iron losses RFE in Fig. 3.3 can be determined from the
resulting overall iron losses.

96



3.3 Analytic modelling framework

3.3.3 Joule losses

The Joule losses in the stator winding and in the rotor (cage) winding are calculated
with the currents through the windings (I1 & I2) and their resistances (R1 & R2). The
linear temperature coefficients α20,Co and α20,Al are used to account for the temper-
ature dependency of the resistivity of copper and aluminium and thus of the Joule
losses.

Following the thermal model (Fig. 3.4) with average stator slot, rotor bar, end
winding, and end ring nodes, the Joule losses in the stator and in the rotor are sepa-
rated into Joule losses in the slots and the bars and Joule losses in the end windings
and in the end rings at the NDE and DE sides. The different losses are determined
with the corresponding parts of the winding resistances (adjusted by the local tem-
peratures) and the currents.

3.3.4 Additional load losses

The additional load losses Padd are calculated according to IEC 60349-3 [6] with

Padd = 0.01 Pra
50 Hz

fra

(
I1

Ira

)2( f1

50 Hz

)3/2

, (3.2)

where
Pra rated input power,
fra rated stator frequency,
I1 stator current,
Ira rated stator current,
f1 stator frequency.

Using Padd = 3Radd I1
2, an equivalent resistance Radd (see Fig. 3.3) may be defined

similarly to the additional losses in [12]

Radd =
Pra

300 Ira2
50 Hz

fra

(
f1

50 Hz

)3/2

. (3.3)

Based on [3, 20], 70 % of the additional load losses are assigned to the rotor (50 % to
the bars & 20 % to the rotor teeth) and 30 % to the stator (20 % to the stator winding
& 10 % to the stator teeth).

3.3.5 Mechanical losses

Bearing losses

The frictional losses in the bearings are determined according to Sec. 1.3.5, using
Eq. (1.9). Good lubrication and normal operating conditions (according to [21, 22,
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25]) are assumed and the corresponding single coefficients of friction are taken from
the bearing catalogues [21, 22].

Sealing losses

The generated losses in both sealing rings are estimated with Eq. (1.8). Values for ks1,
ks2, βs, and ds for similar sealing types are taken from bearing catalogues [21, 22].

Ventilation losses

The calculation of the ventilation losses is based on Eq. (1.10). The friction coefficient
cfr is determined with the correlations provided in [7] for different rotational speeds
(Reynolds numbers).

The results, which may be regarded as very rough first estimates show, however,
that the ventilation losses are comparably small due to the moderate rated rotational
speed of the tested motor.

3.3.6 Losses from adjacent components

A planetary gear set is connected to the electric machine on the drive-end side. The
measured frictional losses are included as three-dimensional arrays (loss variation
with load, rotational speed and temperature) in the corresponding data container of
the input structure array.

3.3.7 Thermal machine model

Mathematical problem

The mathematical description of an analytic thermal machine model with n nodes
and

the corresponding average temperatures (ϑ1, ϑ2, ...ϑn),
the loss injections at each node (P1, P2, ...Pn),
the lumped thermal capacitances connected to each node (Cth,1, Cth,2, ...Cth,n),
and
the thermal conductances (G1,1, G1,2, ...G1,n, G2,1, ...G2,n, ...Gn,1, ...Gn,n)

is

d~ϑ(t)
dt

= C−1~P−C−1G~ϑ(t), (3.4)
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where

C =


Cth,1 0 · · · 0

0 Cth,2
. . . ...

... . . . . . . 0
0 · · · 0 Cth,n

 , (3.5)

G =


G1,1 G1,2 . . . G1,n

G2,1 G2,2 . . . G2,n
...

... . . . ...
Gn,1 . . . . . . Gn,n

 , (3.6)

d~ϑ(t)
dt

=



dϑ1(t)
dt

dϑ2(t)
dt
...

dϑn(t)
dt


, (3.7)

~ϑ(t) =


ϑ1(t)
ϑ2(t)

...
ϑn(t)

 , (3.8)

~P =


P1

P2
...

Pn

 . (3.9)

In the stationary case
(

d~ϑ(t)
dt = 0

)
, Eq. (3.4) reduces to

~ϑ = G−1 ~P. (3.10)

The elements of the conductance matrix are calculated from the thermal conduc-
tances between the nodes as follows

P1 = g1,2 (ϑ1 − ϑ2) + g1,3 (ϑ1 − ϑ3) + . . . + g1,n (ϑ1 − ϑn)

= (g1,2 + g1,3 + . . . + g1,n)︸ ︷︷ ︸
G1,1

ϑ1−g1,2︸ ︷︷ ︸
G1,2

ϑ2−g1,3︸ ︷︷ ︸
G1,3

ϑ3 − . . .−g1,n︸ ︷︷ ︸
G1,n

ϑn. (3.11)

The elements of the main diagonal of the conductance matrix have positive values,
while the entries outside the main diagonal are either zero (no direct thermal con-
nection) or have negative values (direct thermal flow path between nodes).
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The heat flow path between the coolant (node 0) and e.g. node 1 with the corre-
sponding thermal conductance g1,0 is modelled by adding (ϑ1 − ϑ0) g1,0 to the right
side of Eq. (3.11), leading to additional terms for G1,1 (+g1,0) and P1 (+g1,0 ϑ0).

Induction machine model

The thermal lumped parameter model of the induction machine is shown in Fig. 3.4.
The complete model consists of 20 nodes (an additional node implemented for pos-
sible consideration of loss injections into the shaft at the DE side). The numbering
of the nodes and the naming of the thermal resistances directly follows the naming
in the MATLAB code.

The model, including the thermal resistances as well as the underlying modelling
concepts and assumptions, is explained in detail in Sec. 3.5.
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Figure 3.4: Thermal lumped parameter model of the induction machine in Fig. 3.1.
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3.4 Numerical modelling framework

The CAD model of the electric machine assembly, which is used for the thermal
simulation, is given in Fig 3.5. The model comprises (i) the rotor (with the rotor
stack, the rotor bars and two end rings), (ii) the shaft, (iii) the stator (with the stator
stack, the windings in the slots and the two end windings) and (iv) the cooling
jacket. Additionally, the thermal model consists of two layered air gap parts in the
air gap regions, two air parts in the end winding regions and a parts for the fluid in
the channels of the cooling jacket.

Figure 3.5: Cut-open view of the 3D CAD machine assembly.

The required steps and the software tools needed to build the 3D CAD model and
the workflow to analyse its thermal behaviour are illustrated in Fig. 3.6. The electro-
magnetic simulations are carried out with a 2D CAD model of the electric machine
with the software JMAG. The 2D CAD model and the calculated loss distribution
are extruded to the axial machine length. The extruded CAD model is exported to
an ACIS SAT file (.sat), extruded mesh and the associated losses are written to a
Nastran file (.nas).

The shaft, the end windings, the end rings and the housing are created or edited
in CREO and the complete machine model is assembled and exported to an IGES
file (.igs). The bearings are not explicitly modelled but considered in the thermal
simulation by equivalent contact interfaces (Sec. 2.6).

The assembly is first imported into the CAD modeller of STAR-CCM+. The bod-
ies are then imprinted and invalid surfaces repaired. The inner air body and the

102



3.4 Numerical modelling framework

coolant body are extracted and the interfaces between all contacting bodies are cre-
ated. The surface mesh and the volume mesh are generated subsequently during
the preprocessing. The extruded mesh and the associated losses from JMAG are fi-
nally imported into STAR-CCM+ and—because of the different meshes—mapped
onto the 3D mesh in STAR-CCM+.

JMAG

2D machine
model

2D EMAG
simulation

Extruded 3D
loss distribution

Extruded 3D
machine model

3D component
models

3D CAD machine
assembly

Preprocessing
(geometry & mesh)

CREO

STAR-CCM+

.sat

.nas

.igs

Mesh import and
loss mapping

3D thermal
simulation

Figure 3.6: Software framework and file-based coupling.

3.4.1 Electromagnetic modelling and loss modelling

Transient electromagnetic (EMAG) simulations of a 2D 1
4 machine model are used

to determine the iron losses in the electrical steel. The implemented iron loss cal-
culation routine of the EMAG FEM software determines the iron losses in a post-
processing operation of the magnetic field analysis, using the calculated time series
values of the magnetic flux density for each element and the specific iron losses from
the material database. The determined total iron losses are the sum of the hysteresis
losses and the eddy current losses in the electrical steel. Details on the actual imple-
mentation may be found in [44]. An exemplary iron loss simulation may be seen in
Fig. 3.8(a).

The loss distribution of the 1
4 model is then converted (copied) and extruded to

a full 3D model. The losses in the stator winding and in the end rings are directly
modelled by loss sources (spatially uniform loss distributions) in the thermal 3D
model due to their three-dimensional shapes.
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The skewing of the rotor is not modelled since this would require building and
solving a 3D EMAG model. The calculation of the iron losses in the rotor in the
3D model would lead to comparably long computation times (at least several days)
because of the required number of time steps (short time steps over one period of
the slip frequency).

3.4.2 Thermal modelling

The thermal machine model comprises all components of the CAD model of the
machine assembly in Fig. 3.5 as well as the extracted bodies of the inner air and of
the coolant in the cooling jacket, which are generated during the pre-processing.

After the import of the CAD model into the CFD software, several pre-processing
steps are required. The imported bodies are imprinted and overlapping faces, free
edges and other errors in the surface topology are corrected. Different so-called
physics continua are defined, which include the specification of material properties
and the solver modules. The different bodies are then associated with regions, which
include the link to the related physics continuum. To give an example, the different
aluminium bar bodies are linked to the same bar region and thus also to the same
physics continuum. Boundary conditions (e.g. loss input and flow rates) as well as
all interfaces are defined on the region level.

Since completely different meshers are generally available, each region is linked to
a mesh continuum, which specifies the used meshing modules and specific meshing
parameters. One and the same mesh continuum is used for all regions in the follow-
ing in order to generate a conformal mesh. Particular attention is required for the
meshing of the air gap as several element layers are needed to resolve the air flow
in the comparably very small air gap. Yet, if the element size is simply reduced uni-
formly, the number of elements would be very high (tens of millions of elements for
the complete model). Therefore, thin elements are grown from the contacting solids
(stator and rotor stack and stator winding and rotor bars) into the air gap, yielding
thin layered elements and reducing the number of required elements.

The generated conformal volume mesh with a total of 8.6 · 106 elements is shown
in Fig. 3.7. The prismatic layers in the cooling channels and in the air volume in the
end winding region may be seen clearly at the boundaries to the contacting solids.

The imported losses from the EMAG calculation (with a mesh consisting of uni-
form triangular prisms) are mapped onto the polyhedral mesh, as shown in the
example in Fig. 3.8. The mapped imported loss distributions are then assigned to
the corresponding regions as volumetric heat sources.

The losses in the stator winding and in the end rings are directly modelled in
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STAR-CCM+ by volumetric heat sources.
The rotation is modelled by a moving reference frame approach in the air gap and

by tangential velocity specifications at the interfaces to the rotating solids outside
the air gap (for more details see [39, 94]).

Figure 3.7: Cut-open view of mesh of complete machine assembly.

(a) Imported losses (b) Mapped losses

Figure 3.8: Exemplary loss mapping.

The electric machine is placed under a protective cover during the experimental
tests, limiting the temperature difference between the surrounding air underneath
the cover and the outer housing surface and thus also the convective heat transfer.
Considering the fact that the average convective heat transfer is well below 10 W

m2 K
(Sec. 2.2 and also [34]) and that the temperature difference does not exceed a few
degrees Celsius, convective heat transfer between the outer housing surface and the
surrounding air is negligible (compared with convective heat transfer to the coolant)
in the studied case and it is consequently neither modelled in the analytic nor in the
numerical model. Exemplary numerical simulations (in conjunction with the mea-
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sured temperatures) proved that no significant effect on the temperature distribu-
tion could be observed when modelling convection from the outer housing surface
to the enclosed air. Since the temperature of the enclosed air is slightly higher than
the outer surface of the cooling jacket during the experimental testing on the test
bench, heat would in fact be transferred from the air to the housing.

Radiation is neglected in the analytic model but the locked-rotor test is simulated
numerically with and without radiation in Sec. 3.6.2. This experimental test with its
comparably high rotor temperature and the reduced complexity with regard to the
acting heat sources is a good example for studying how much radiative heat transfer
may affect the heat transfer and the temperatures in the electric machine.

3.5 Thermal component models

In the following, the thermal models of the analytic model in Fig. 3.4 as well as of
the numerical model in Fig. 3.5 are explained jointly for each component. As stated
in Sec. 3.2, certain thermal resistances may require adjustments based on measure-
ments. Therefore, typical values are used as initial estimations in these cases. The
experimental tests in Sec. 3.2 are then used to validate or adjust the estimated values
in Sec. 3.6.

The approach to present and review the obtained simulation results with the ini-
tial parameters before making any adjustments targets at illustrating possible causes
and effects, which would not be possible if only final results were presented.

In addition to certain thermal resistances, which may require adjustments, the
losses (being the input of the simulations) have a direct and very significant influ-
ence on the temperature output. In case the analytically estimated and the numer-
ically determined losses differ significantly—which is expected to lead to different
results in such cases—the results are presented and discussed prior to any adjust-
ments.

3.5.1 Cooling jacket

The cooling jacket is comparable with the analysed cooling jacket in Sec. 2.2. Dur-
ing the experimental test, significantly lower flow rates (around 11 l

min ) are used,
leading to laminar flow in certain regions in the cooling channels. Using empirical
correlations for the non-circular channels may therefore lead to significant inaccura-
cies. Consequently, the heat transfer coefficient is not determined from correlations
but the thermal resistance is directly derived from CFD simulations.
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The thermal resistance between the interface to the coolant and the coolant Rth,1 as
well as the thermal resistance between the inner surface of the cooling jacket (which
is in contact with the back iron of the stator) and the interface to the coolant Rth,2

are determined from the corresponding temperature drops divided by the trans-
ferred heat. Rth,2 may, of course, be estimated analytically but is instead derived
from numerical simulations for reasons of simplicity (same simulation that is used
to determine Rth,1). The thermal capacitance of the cooling jacket Cth,cj is determined
with the specific heat of the aluminium housing and the mass density.

Rth,1, Rth,2 and the thermal capacitance of the housing Cth,cj in the lumped param-
eter model in Fig. 3.4 are

Rth,1 = 3.12 · 10−3 K
W

, (3.12)

Rth,2 = 3.78 · 10−3 K
W

, and (3.13)

Cth,cj = 7560
J
K

. (3.14)

If the thermal resistance due to convection is determined with the correlation used
in [46], the resulting value would be 0.0127 K

W , which is more than four times as
high as the value in Eq. (3.12), which is derived from the numerical simulation. This
confirms that standard correlations for circular channels are not applicable in this
case.

The conductive thermal resistances between the interface to the coolant and the
bearings on the NDE side (Rth,4 for the axial flow path, Rth,6 for the radial flow
path) and the DE side (Rth,5 for the axial flow path, Rth,7 for the radial flow path) are
determined with the geometry of the flow paths and the thermal conductivity of the
water jacket

Rth,4 = 1.95 · 10−2 K
W

, (3.15)

Rth,5 = 2.69 · 10−3 K
W

, (3.16)

Rth,6 = 3.03 · 10−1 K
W

, and (3.17)

Rth,7 = 2.69 · 10−1 K
W

. (3.18)

The convective heat transfer at the interfaces between the inner air in the end wind-
ing regions and the inner surfaces of the cooling jacket at both machine ends is
modelled by the two thermal resistances Rth,35 (NDE side) and Rth,36 (DE side) in
the analytic model. Similar to the modelling of convection at the end windings
in [46] (Fig. 2.23(b)), the interfaces of the cooling jacket at both sides are split into
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two sub-interfaces in order to account for the expected significantly different refer-
ence velocities. The interface in Fig. 2.24 may be split into an interface that corre-
sponds to the straight housing surface (along the motor axis) and into an interface
that corresponds to the finned end cap surface (perpendicular to motor axis).

The convective heat transfer coefficients and the corresponding thermal resis-
tances are determined separately with Eqs. (2.68) and (1.22) for both sub-interfaces
and combined to one resulting thermal resistance per motor sides.

Generally, the heat transfer coefficients and consequently the thermal resistance
depend on the motor speed.

Rth,35 = Rth,conv(n) and (3.19)

Rth,36 = Rth,conv(n). (3.20)

With the default parameter set from [46] (kcc,1 = 15, kcc,2 = 0.4, kcc,3 = 0.9), the
values of the thermal resistances are at rated speed

Rth,35 = 0.476
K
W

and (3.21)

Rth,36 = 0.511
K
W

. (3.22)

3.5.2 Bearings

The thermal resistances of the bearings are estimated with the approach presented
in Sec. 2.6.2, which is based on ISO standard 15312 [24]. As explained in Sec. 2.6.2,
an experimental determination would also only be an approximation due to the
numerous side effects. An experimental determination of the bearing resistances
would anyway not be possible with the studied electrical machine for practical rea-
sons (no temperature sensors at the bearing seats).

The standard reference heat flow density for radial bearings given in ISO standard
15312 (Fig. 2.19) is used to calculate the thermal resistances that are related to both
(the inner and the outer) bearing seating surfaces of both bearings in the analytic
model. The thermal resistances of both bearings are consequently modelled by sub-
resistances according to the seating surfaces in the analytic models (NDE: Rth,81 &
Rth,82, DE: Rth,91 & Rth,92).

In order to simplify the mesh generation and the analysis, the bearings are not
modelled explicitly in the numerical model. The housing with its comparably high
thermal conductivity is extruded to cover the volume of the bearings, which hardly
affects the thermal behaviour due to the comparably high thermal conductivity of
the aluminium housing compared with the bearings. The resistances of the bearings
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are modelled by equivalent contact resistances between the housing and the shaft
on both machine sides. Consequently, only half the reference heat flow density of
the analytic model is used since the bearings are modelled by one contact resistance
with the contact area being approximately the average of the inner and the outer
seating surface.

The thermal capacitances are determined with the specific heat and the masses of
the bearing components.

Rth,81 = 2.83
K
W

(3.23)

Rth,82 = 3.89
K
W

(3.24)

Rth,91 = 2.35
K
W

(3.25)

Rth,92 = 3.68
K
W

(3.26)

Cth,2 = 6.65
J
K

(3.27)

Cth,3 = 23.3
J
K

(3.28)

3.5.3 Shaft

The shaft is simplified geometrically in both the numerical and the analytic model
as the comparably small details, e.g for the fixation of the rotor stack, do not signif-
icantly influence the thermal behaviour. For modelling reasons (problems with the
interface definition), the thickness of the hollow shaft is smaller in the CAD model
than the average thickness of the used shaft. This is corrected by an increased value
of the thermal conductivity in the numerical model.

As shown in Sec. 2.7, the thermal resistance of the shaft is split into three sub-
resistances in the analytic model, namely Rth,10, Rth,11 and Rth,12 in Fig. 3.4.

Rth,10 and Rth,11 are the thermal resistances of the shaft between the bearings and
the rotor stack. The thermal resistances are calculated from the axial length of the
flow paths and the thickness of the shaft. Rth,12 is the thermal resistance of the shaft
inside the rotor stack to the average temperature level.

The mathematical problem of modelling the asymmetric, multi-dimensional heat
transfer in the shaft analytically is complicated further by the connected rotor stack,
the slight convective heat transfer from the shaft and the uncertainty related to the
thermal resistance of the bearings. The length of the thermally conductive path in
the rotor stack to each stack end is consequently simply modelled by one half of
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the axial flow path, i.e. one quarter of the stack length in both directions (similar to
Eq. (2.64)). This choice showed relatively good agreement with the numerical results
in Sec. 2.7.1.

The thermal capacitance Cth,4 is connected to the average temperature node in the
stack. Depending on the temperature gradients of the shaft, it may be advisable to
investigate the effect of splitting up the single capacitance into three capacitances
(one in the rotor stack and one connected between the rotor stack and the bearings
on each side).

Rth,10 = 0.897
K
W

(3.29)

Rth,11 = 0.657
K
W

(3.30)

Rth,12 = 0.470
K
W

(3.31)

Cth,4 = 597
J
K

(3.32)

3.5.4 Contact resistances

The thermal contact resistance between the water jacket and the stator stack Rth,3 is
calculated with hintf = 1500 W

m2 K
, an average value according to the ranges given in

Table 2.1. The contact resistance is modelled similarly in the numerical model.

Rth,3 = 1.56 · 10−2 K
W

(3.33)

It may be noted that the thermal contact resistance between the stator stack and the
cooling jacket has a very significant influence on the temperatures inside the electric
machine since by far most of the internally generated heat is transferred across this
thermal resistance. It is therefore highly recommended to verify the chosen value
(and also the other contact resistances) by experimental tests such as DC tests. The
verification by experimental tests is illustrated in Sec. 3.6.

The thermal contact resistance between the shaft and the rotor stack Rth,13 is cal-
culated with an average value for hintf from Table 2.1 (hintf = 1800 W

m2 K
)

Rth,13 = 5.82 · 10−2 K
W

. (3.34)

It is obvious from the comparison between Eq. (3.34) and the thermal resistances
of the shaft (Eqs. (3.29)–(3.31)) and the bearings (Eqs. (3.23)–(3.26)) that the contact
resistance between the rotor stack and the shaft only has a very limited influence on
the thermal behaviour.
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hintf = 2000 W
m2 K

is chosen for the thermal interface conductance between the rotor
stack and the rotor bars, resulting in the contact resistance

Rth = 5.93 · 10−3 K
W

, (3.35)

which is, analogous to the extended model in Sec. 2.3.6, split into two (parallel) sub-
resistances in Sec. 3.5.7 for inclusion in Rth,22 (thermal resistances between the rotor
bars and the rotor teeth) and Rth,23 (thermal resistance between the rotor bars and
the rotor back iron).

3.5.5 Stator stack and stator slots

The stator slots are modelled by a single body representation with uniform prop-
erties (in both the numerical as well as in the analytic model), similar to the sim-
plified model in Sec. 2.3.5. The voids in the impregnation are accounted for by an
adjusted (reduced) value of the thermal conductivity according to the impregna-
tion goodness provided by the machine manufacturer. Since no detailed slot model
is available, which would allow to correctly determine an equivalent average ther-
mal conductivity, the average thermal conductivity is approximated based on the
results in Sec. 2.3.5 by using the mean value of the volumetric average and the value
obtained with Eq. (2.27) (λav = 0.786 W

m K).

The analytic modelling of the stator stack and the stator slots is based on the
extended model introduced in Sec. 2.3.6, which showed relatively good agreement
with the numerical results.

Rth,14 is consequently the (radial) thermal resistance of the stator back iron, Rth,15

and Rth,18 are half the (radial) thermal resistance of the stator teeth each. Rth,16 and
Rth,17 denote the thermal resistances between stator back iron and the stator slots
and between the stator teeth and the stator slots respectively.

In the analytic model, axial heat flow in the stator slots is modelled according to
Sec. 2.7 by thermal conduction in the copper wires with internal heat generation.
The thermal resistance Rth,30 models the conductive path between the slot node and
the stack end at each motor side.

Anisotropic material properties are used for the electrical steel in the numerical
model, accounting for the insulating coating in the heat flow path in axial direction
in the stator (and in the rotor) stack.

The thermal capacitances Cth,5 (stator back iron), Cth,6 (stator teeth) and Cth,7 (sta-
tor slot, i.e. copper and insulation materials) are calculated with the volumes, the
mass densities and the specific heat of each component.
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Rth,14 = 1.55 · 10−2 K
W

(3.36)

Rth,15 = 2.26 · 10−2 K
W

(3.37)

Rth,16 = 1.72 · 10−1 K
W

(3.38)

Rth,17 = 3.11 · 10−2 K
W

(3.39)

Rth,18 = 2.26 · 10−2 K
W

(3.40)

Rth,30 = 2.48 · 10−2 K
W

(3.41)

Cth,5 = 2250
J
K

(3.42)

Cth,6 = 900
J
K

(3.43)

Cth,7 = 716
J
K

(3.44)

3.5.6 Air gap

In the numerical model, fluid flow and heat transfer are directly calculated by the
CFD solver. In the analytic model, the air gap is modelled by the thermal resistance
Rth,19. The required Nusselt number (Eq.(1.24)) is calculated with the correlations
provided in [50]

Nu =


2 if Ta < 41,

0.212 Ta0.63 Pr0.27 if 41 ≤ Ta < 100,

0.386 Ta0.5 Pr0.27 if 100 ≤ Ta.

(3.45)

where

Ta = Re
√

δ
rr,o

Taylor number,
rr,o outer radius of the rotor,
δ length of air gap (in radial direction).

Pr is determined with Eq. (1.19), Re is determined with Eq. (1.11) and Rth,19 with
Eq. (1.22). Rth,19 is a function of the rotational speed but its value also depends on the
temperature as the thermal conductivity, the specific heat, the kinematic viscosity
and the dynamic viscosity vary with temperature [34]. Using the correct material
properties that match the temperature is ensured by interpolation since all material
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properties, which vary significantly with temperature, are saved as look-up tables
in the input structure.

The thermal capacitance of the air gap is neglected as its value is well below 1 J
K .

3.5.7 Rotor stack, rotor bars and end rings

The modelling of the rotor follows the stator modelling in Sec. 3.5.5, with the ex-
ception that the rotor winding, which consists of solid bars, does not require the
definition of an equivalent thermal conductivity. Similarly, the extended analytical
modelling approach in Sec. 2.3.6 is also used for the rotor bars.

Axial heat flow is neglected in the rotor stack in the analytic model (Sec. 2.3.3). In
the numerical model, however, anisotropic material properties (thermal conductiv-
ity) of the electrical steel allow to account for axial heat flow in the rotor stack.

Rth,24 is the (radial) thermal resistance of the rotor back iron, Rth,20 and Rth,21 are
each half the (radial) thermal resistance of the rotor teeth. Rth,22 and Rth,23 denote
the thermal resistances between the rotor bars and the rotor teeth and between the
rotor bars and the rotor back iron.

The thermal capacitances Cth,10 (rotor teeth), Cth,11 (rotor back iron) and Cth,12

(rotor bars) are calculated with the volumes, the mass densities and the specific heat
of each component.

Rth,20 = 2.24 · 10−2 K
W

(3.46)

Rth,21 = 2.24 · 10−2 K
W

(3.47)

Rth,22 = 4.77 · 10−2 K
W

(3.48)

Rth,23 = 6.86 · 10−3 K
W

(3.49)

Rth,24 = 4.19 · 10−2 K
W

(3.50)

Cth,10 = 696
J
K

(3.51)

Cth,11 = 903
J
K

(3.52)

Cth,12 = 298
J
K

(3.53)

The contact resistance between the bars and the stack (Sec. 3.5.4) presents 99 % of the
thermal resistance in the heat flow path between the bars to the rotor stack. There-
fore, heat conduction in the aluminium in non-axial direction may be neglected.
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The axial thermal resistance Rth,25 between the average rotor bar node and each
stack end is modelled according to Sec. 2.7. Axial heat transfer is only modelled
through the aluminium bars as a one-dimensional heat transfer problem with spa-
tially uniform heat generation.

Due to the fact that the thermal resistance of the end rings is significantly smaller
than the thermal resistance of the rotor bars (the combined axial thermal resistance
of both end rings is less than 8 % of the axial thermal resistance of the rotor bars) and
even smaller compared with the thermal resistances for convection to the inner air
(at n = 0.1 pu and with kcc,1 = 15, kcc,2 = 0.4, kcc,3 = 0.9 (Sec. 2.8), the ratio between
the complete axial end ring resistance and the resistance of convection to the inner
air is 0.9 %), the simplified modelling of the end rings, which will be explained in
the following, is not expected to have a noticeable effect on the overall accuracy.

Heat transfer in the end rings is modelled as one-directional heat transfer with
internal heat generation between the end ring interfaces to the inner air and the
interfaces to the rotor bars (Rth,26 and the conductive part of Rth,28 at the NDE side
as well as Rth,27 and the conductive component of Rth,29 at the DE side).

Rth,26 and Rth,27 are the thermal resistances between the rotor stack ends (at the
NDE and the DE side respectively) and the end ring nodes of the corresponding
side.

Rth,28 and Rth,29 combine heat conduction from the end ring nodes to the end
ring surfaces and convection to the inner air. The general correlation in Eq. (2.68)
(with the parameter set kcc,1 = 15, kcc,2 = 0.4, kcc,3 = 0.9) is used to determine
the average heat transfer coefficient. The thermal resistances for both motor sides
are then calculated with Eq. (1.22). The convective resistance varies with rotational
speed, which is indicated by Rth,conv(n) in Eqs. (3.57) and (3.58). At rated rotational
speed, the convective components are 0.958 K

W . Considering the different orders of
magnitude compared with the conductive components in Eq. (3.57) and (3.58), the
conductive components may be omitted without affecting the overall accuracy.

Rth,25 = 3.95 · 10−2 K
W

(3.54)

Rth,26 = 2.99 · 10−3 K
W

(3.55)

Rth,27 = 2.99 · 10−3 K
W

(3.56)

Rth,28 = 2.99 · 10−3 K
W

+ Rth,conv(n) (3.57)

Rth,29 = 2.99 · 10−3 K
W

+ Rth,conv(n) (3.58)
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Cth,13 = 149
J
K

(3.59)

Cth,14 = 149
J
K

(3.60)

3.5.8 End windings

The end windings are modelled by lumped bodies with the (smooth) envelope of the
end winding defining the geometry as explained in Sec. 2.8. In contrast to the end
rings (Sec. 3.5.7), the interface to the inner air is split into sub-interfaces as shown
in Sec. 2.8 (Fig. 2.23(b), [46]). The convective heat transfer coefficients and the corre-
sponding thermal resistances are determined separately for the inner, the outer and
the side surface of both end windings that contact the inner air, which allows to con-
sider the significantly different reference velocities at the interfaces, as e.g. present
in Fig. 2.24.

Similar to the end rings, the heat transfer in the end windings is modelled as one-
directional heat transfer with internal heat generation. The heat transfer path at the
NDE side is modelled by Rth,31 (flow path between stack end and end winding node)
and Rth,33 (end winding node and inner air). The DE side is modelled similarly by
Rth,32 (flow path between stack end and end winding node) and Rth,34 (end winding
node and inner air). Rth,33 and Rth,34 comprise heat conduction in the end windings
and also the thermal resistances due to convection to the end winding spaces at the
NDE and the DE side respectively.

In [71], 1
4 of the coil length in the end winding is used to determine the thermal

resistance between the end of the stator stack and the end winding node (Rth,31 at
the NDE side, Rth,32 at the DE side). As the impregnated end windings form solid
bodies and heat transfer between the different wires is expected as soon as the coil
sides enter the end winding region, the axial length of the end windings is used
instead of the coil length in the end windings.

At rated speed and using the parameter set kcc,1 = 15, kcc,2 = 0.4, kcc,3 = 0.9, the
convective components of Rth,33 and Rth,34 are 0.576 K

W and 0.747 K
W respectively. The

convective components therefore have a dominant influence in the heat flow path
from the stator slots via the end windings to the end cap air.

The thermal capacitances of the end windings at the NDE side (Cth,15) and at the
DE side (Cth,16) are calculated using the mass and the specific heat of the copper and
the insulating material.

Rth,31 = 1.91 · 10−2 K
W

(3.61)

Rth,32 = 1.30 · 10−2 K
W

(3.62)
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Rth,33 = 1.91 · 10−2 K
W

+ Rth,conv(n) (3.63)

Rth,34 = 1.30 · 10−2 K
W

+ Rth,conv(n) (3.64)

Cth,15 = 395
J
K

(3.65)

Cth,16 = 395
J
K

(3.66)

3.5.9 Mounting to test bench

The housing of the electric machine is fixed to a robust metal construction at the DE
side. The thermal capacitance of the directly connected fixation is modelled by Cth,18

Cth,18 = 11 200
J
K

. (3.67)

3.6 Model evaluation

3.6.1 DC test

Methodology

During DC tests the stator windings are fed with DC currents, the electric machine
is at stand-still and no losses are generated in the rotor. Consequently, Joule losses
in the stator windings are the only loss source. Such tests are therefore generally
suitable to verify or adjust the thermal resistance of the heat flow path between
the coil sides in the stator slots and the cooling jacket and, in particular, the slot
modelling with the numerous components.

The DC test in this study differs slightly from a pure DC test in that the stator
windings are fed with symmetric three-phase currents at a very low frequency ( f1 =

0.01 pu, further parameters are given in Table A.1 in the appendix).
This quasi-DC test—which is a work-around since the star-point connection is not

accessible and constant equal DC currents in all three phases are thus not possible—
may therefore also be regarded as a no-load test at a very low frequency and with
a high magnetising current. The rotor is consequently rotating at the very low syn-
chronous speed (no-load). The symmetric three-phase supply permits to generate
comparably high and identical average losses in each phase.

The copper losses in the stator windings (1.06 pu), which are the only main loss
source in the DC test, are determined using the measured current and the resistivity
of copper at the average winding temperature. The losses are directly assigned to
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the corresponding nodes in the analytic model and to the corresponding solids in
the numerical model.

Analysis of test results and conclusions

The measured temperatures as well as the simulated values are tabulated in Ta-
ble 3.2. Additionally, the temperature distributions in the slots and in the end wind-
ings in the numerical model are shown in Fig. 3.9.

Table 3.2: Measured and simulated temperatures during the DC test.

Part Temperature / ◦C

Measured Analytic model Numerical model
(local) (av.) (av.) (min.) (max.)

Slot bottom 75.7 — 69.6 56.5 76.4
Slot top 64.9 — 69.2 62.6 75.5
Slot — 69.3 69.4 56.5 76.4

End winding at NDE side 63.6 74.0 74.8 66.3 81.0
End winding at DE side 73.9 73.5 75.1 66.4 84.3

(a) Slots and stator back iron (b) End windings

Figure 3.9: Simulated temperature in the slots and in the end windings during the
DC test.

The calculated ratio of the measured losses to the calculated copper losses of
1.01 pu confirms that there is no significant mismatch between the experimental test
and the simulation.

It may be seen that—without any parameter adjustments with respect to the de-
fault choices as given in Sec.3.5—the numerical and the analytic model give nearly
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same average slot temperature (analytic: 69.3 ◦C, numerical: 69.4 ◦C). This tem-
perature differs significantly from the measured temperatures at the slot bottom
(75.7 ◦C) and at the slot top (64.9 ◦C), indicating that parameter adjustments may be
indispensable at first sight.

If the measured local temperatures are, however, compared with the minimum
and the maximum temperatures in the inner winding layer (slot top) and in the
outer winding layer (slot bottom) of the numerical model, it may be seen that the
measured temperatures lie within the temperature range of 20 ◦C which is present
in the numerical model. Even though only a simplified slot model is used in the
numerical analysis, similar temperature differences are also expected in the slots of
the tested motor, based on the analyses in Sections 2.3.5 and 2.5.1 (Figs. 2.9 and 2.15)
and depending on the actual positions of the sensors between the randomly placed
wires.

Due to the good agreement between the numerical and the analytic model and
due to the fact that the locally measured temperatures are within the expected range
of the slot temperatures in the numerical model, the parameters are left unchanged
in both models. The tested motor with the limited number of sensors and only
approximate information on the sensor position does not allow for a more precise
model adjustment. More sensors and a better knowledge about the exact placement
of the sensor would allow for a more precise adjustment.

Large variations of the temperature may also be seen in the end windings in Ta-
ble 3.2 and in Fig. 3.9(b), which also generally forbid to simply adjust the relevant
parameters in order to achieve the best match between the measured local tempera-
tures and e.g. the average temperatures in an analytic model.

Interestingly, the measured end winding temperature at the NDE side is signifi-
cantly lower than the average temperatures in both models and even lower than the
minimum temperature in the numerical model. Concluding also from the following
experimental tests, the simplified envelope-based modelling of the end winding at
the NDE side leads to a noticeable effect on the accuracy of the simulations (in par-
ticular during this extreme test with respect to the relevance of the winding losses on
the resulting temperature distribution), with the measured temperature being 2.7 K
below the minimum simulated temperature. A more accurate description of the end
winding shape and modifications of the CAD model of the end winding at the NDE
side, including also the coil connections, would be required in order to improve the
accuracy.
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3.6.2 Locked rotor test

Methodology

Comparably high losses are generated in the rotor during locked rotor tests and,
generally, during tests at high slip rates. Such tests are therefore suitable to analyse
the transfer of heat from the rotor and, with the measured temperatures and the
computed losses, to adjust the thermal model resistances of the main flow paths.

An experimental test with a high slip rate is used in this case study to verify the
default choices values of the thermal contact resistance between the shaft and the
rotor stack, between the rotor stack and the rotor bars and the thermal resistances
of the bearings. For easier referencing, the experimental test is referred to as locked
rotor test in the following even though the rotor is, strictly speaking, not locked but
rotating at a very low rotational speed.

The locked rotor test is carried out at s = 99 %, further details on the test parame-
ters may be found in Table A.2 in the appendix.

In the numerical model, the iron losses in the stator and in the rotor are calculated
using JMAG. The losses are then mirrored in order to allow for a mapping onto a
full 2D model, the 2D loss distribution is extruded, exported and finally mapped
onto the three-dimensional bodies in STAR-CCM+.

The induced losses in the rotor bars are also derived from the electromagnetic
simulation. In order to investigate if the non-uniform loss distribution with the
high local loss density at the bar tops has an effect on the temperature, the simula-
tion is carried out with the mapped sources and, additionally, the results are briefly
provided resulting from an analysis with an equivalent uniform loss density which
gives the same total bar losses. If large temperature variations existed, this would,
in turn, require adjustments of the conductivity in the EMAG model. The imported
and the mapped iron losses in the stator and the rotor stack as well as the Joule
losses in the rotor bars are shown in the two sub-figures (Figs. 3.10(a) and 3.10(b)
respectively). The imported loss distribution in the rotor bars and the equivalent
mapped uniform losses in the bars may also be seen in the figures.

The time series of the calculated Joule losses per end ring section (between two
bars) is exported from JMAG, post-processed in MATLAB (calculation of the RMS
value of the losses per end ring segment and calculation of the total end ring losses)
and the determined end ring losses are used as uniform loss sources in the numerical
model.

The Joule losses in the stator slots cannot be mapped directly as the computed
slot losses in the 2D JMAG model also include the losses in the end winding (the
entered winding scheme and the winding resistance are used in JMAG to calculate
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(a) Imported Joule and iron losses. (b) Mapped Joule and iron losses with equivalent
uniform bar losses.

Figure 3.10: Imported and mapped losses used for the numerical simulation of the
locked rotor test (logarithmic scales)

the losses). Therefore, the Joule losses from JMAG are exported to MATLAB and the
losses are split between the slots and the end windings based on the stack length
and the coil length.

In the analytic model, the iron losses in the stator stack and in the rotor stack as
well as the Joule losses in the stator and the rotor winding are calculated using the
developed analytic modelling framework (Sec. 3.3) which also directly outputs the
temperatures.

Analysis of test results and conclusions

The losses and the temperatures resulting from both models with the default pa-
rameters are provided in Table 3.3 (columns Analytic and Numerical default). The
component losses are always related to the same, total measured losses during the
test in order to allow for a direct comparison.

The numerical simulations with the mapped bar losses and with the spatially uni-
form loss density show practically no difference at all, the maximum effect on the
rotor temperature does not exceed 0.1 K, the stator temperature is not affected at all.
Consequently, the results from the study with uniform losses are not listed sepa-
rately in Table 3.3. As can be seen in this table, the calculated losses of the analytic
and the numerical model differ significantly, in particular the losses in the rotor bars.
This difference consequently leads to different rotor temperatures.

In order to allow for a comparison of the thermal models, which is the primary
target of this work, the numerical simulation is also carried out with the losses ob-
tained from the analytic model in order to eliminate the effect of different losses in
both models. The corresponding results are provided in the column ’Numerical mod.’
(modified).
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Table 3.3: Losses and corresponding simulated and measured temperatures during
the locked rotor test (component losses related to same total measured
losses).

Analytic Numerical Measured
(default) (mod.) (local)

Losses / total measured losses % % % —

Stator Joule losses 38.8 36.8 38.8 —
Rotor Joule losses 41.2 33.1 41.2 —
Stator iron losses 1.9 0.5 1.9 —
Rotor iron losses 2.6 0.3 2.6 —

Simulated/measured losses 0.85 0.71 0.85 —

Temperatures ◦C ◦C ◦C ◦C

Rotor end NDE side 148.2 139.0 157.0 156.2
Rotor end DE side 148.2 138.2 156.1 154.8
Stator slot 80.9 77.8 80.1 75.2|79.8
End winding NDE 83.0 81.2 83.1 78.2
End winding DE 82.7 81.6 83.5 79.8

The losses from the analytic model are chosen for the comparison of both models
since the total losses in the analytic model are closer to the measured losses (85 %)
than the numerical model (71 %). The remaining gap of 15 % between the losses
from the analytic model and the measured losses may be regarded as still sufficient
for an analytic model. Moreover, the gap is expected to be mostly due to increased
frictional losses in the gear train (with respect to the originally measured gear losses
which are used to calculate the gear losses) because of notable, increased noise levels
of the gear train during operation. As most of the gear losses are directly dissipated
by the cooling jacket and do not enter the electric machine, the gear losses are more
relevant at higher rotational speeds and the influence is investigated in more detail
in Sec. 3.6.3.

Contributing facts to the comparably big gap between the numerically deter-
mined and the measured losses are, amongst others, that (a) an ideal, purely sinu-
soidal current source models the supply and (b) a 2D model with a simple winding
model and without skewing is used. Furthermore, the fact that calculated iron losses
are significantly different in some teeth in Fig. 3.10 (even with completely different
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solver settings the resulting distribution always resulted in an irregular loss distri-
bution) and considering the numerical difficulties (convergence) due the very high
local loss density in the bars indicate that the loss mismatch might be, at least partly,
due to the used software.

In the analytic model, 1 % of the equivalent 50 Hz rated input are added in order to
account for additional losses according to IEC standard 60349-3 [6] (Eq. (3.2)) which
seems to match the total losses better.

Surprisingly, the numerically determined losses in the rotor are significantly lower
than the losses that result from the analytic calculation. The difference between both
models is mainly caused by the components of the additional load losses that are
assigned to the rotor stack node and, in particular, to the rotor bars node in the an-
alytic model. As a consequence, the numerical model in its current form likely fails
to calculate all relevant additional loss phenomena in the rotor.

When using identical loss sources in both models, the simulated temperatures
match rather well. The most significant difference is the calculated rotor tempera-
ture which is 8.4 K higher in the numerical model (+5.7 %).

Since the above mentioned thermal resistances (bearing and contact resistances in
the rotor), which are to be verified with the locked rotor test, are modelled similarly
in both models, the difference is caused by a different thermal resistance.

The comparison of both models shows that the temperature differences in the air
gap between the stator and the rotor interface are 61 K in the analytic and 75 K in the
numerical model. An increase of the thermal resistance of the air gap by 20 % in the
analytic model leads to the temperatures in Table 3.4.

Table 3.4: Analytically calculated temperatures with adjusted air gap resistance
(modified Rth) compared with original values from analytic and from
modified numerical simulation.

Part Temperature / ◦C

Analytic model Numerical model
(modified Rth) (default) (modified losses)

Rotor end NDE 157.0 148.2 157.0
Rotor end DE 157.1 148.2 156.1
Stator slot 80.7 80.9 80.1
End winding NDE 82.9 83.0 83.1
End winding DE 82.6 82.7 83.5
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With this updated choice, the relative difference between the rotor stack tempera-
ture in the numerical and the analytic model is now −0.4 %, while the other relative
differences are in the range of 1 % or less.

Considering the fact that the updated rotor temperature also matches the mea-
sured temperature better (nearly identical), the used correlation (Eq. (3.45)) seems to
underestimate the thermal resistance of the air gap, at least at low rotational speed.
Even though adjustments of the thermal resistance of the air gap are expected to
be required also at higher rotational speeds, it is not possible to draw the general
conclusion that the thermal resistance is generally around 20 % off with respect to
the correlation at all rotational speeds. The non-linearity alone already forbids to
assume that the ratio is constant. A series of tests at different rotational speeds with
a modified experimental set-up would be required (e.g. no connected gear set in
order to avoid varying injected losses) in order to validate this assumption.

With the adjusted air gap resistance and with identical losses, there is a good
agreement between both models. The comparison between the simulated tempera-
tures and the measured temperatures is, however, complicated because of the mis-
match between the analytically determined losses and the simulated values and nei-
ther value matching the measured losses. Additionally, the measured temperatures
are only local temperatures and are not necessarily equal to the average tempera-
ture as shown in Table 3.9 by the measured temperature at the slot bottom and the
comparison with the temperature range in the numerical model.

Concluding from the previous analysis, there is no clear indication from the locked
rotor test that the contact resistances and the thermal resistances need to be adjusted.
According to the analytic model, the end winding is warmer on the NDE side than
on the DE side, whereas the numerical model and the measurements indicate that
the end winding is generally slightly warmer on the DE side.

The review of the analytic model shows that a too high value had been chosen
for the length of the conductive heat flow path from the end winding to the stator
slot node on the NDE side. When the value (relevant axial coil length) is set to
the value of the DE side, the end winding temperatures at the NDE and at the DE
side are 82.7 ◦C and 82.8 ◦C respectively (difference of−0.1 K compared with +0.3 K
prior to the adjustment and a difference of−0.4 K in the modified numerical model).
This adjustment of the analytic model is used in all following tests and furthermore
leads to a correction of the DC test results with the end winding on the NDE now
being colder than on the DE side with the correction (temperature reduction from
74.0 ◦C in Table 3.2 to 73.3 ◦C) which is now consistent with the measurement and
the numerical simulation.

The measurements and the numerical model also show that the rotor is slightly
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warmer on the NDE side. The analytic model, which uses the simplification of one
node per rotor side, i.e. there is no distinction between the end ring and the rotor
stack side for convection and axial heat transfer is only modelled by the rotor bars,
does not allow to reflect this comparably fine difference between both rotor sides.

Radiation

Radiation is generally neglected in the analytic model and also not analysed in the
numerical model. Only minor radiative heat transfer is expected between the outer
motor surface and the environment, due to the minor temperature differences.

The locked rotor test with its comparably high rotor temperature and the high
temperature gradients is, however, used to get an understanding of what effect can
be expected with respect to radiation in the inner of the electric machine. A nu-
merical simulation is carried out using the numerical model with the modified loss
input.

Radiation is modelled by a surface-to-surface radiation module (view factors are
consequently calculated when enabling the radiation module), the air is modelled as
non-participating medium and the bodies are modelled as grey bodies (Sec. 1.4.3).

The temperature distribution on a 2D cross-section in the inner of the electric ma-
chine is shown in Fig. 3.11 for both numerical studies, the numerical model without
radiation (Fig. 3.11(a)) and with radiation (Fig. 3.11(b)). The temperatures of both
simulations are, furthermore, tabulated in Table 3.5.

Table 3.5: Results of numerical simulation with and without radiation.

Part Temperature / ◦C

With radiation Without radiation

Rotor end NDE 155.5 157.0
Rotor end DE 154.5 156.1
Stator slot 80.0 80.1
End winding NDE 82.9 83.1
End winding DE 83.3 83.5

As expected, the inclusion of radiation in the numerical model leads to a slight
reduction of the end winding temperatures (−0.2 K) and, more notably, of the rotor
temperatures (−1.6 K at the DE side, −1.5 K at the NDE side). The locked rotor test
is, at the same time, an extreme case with respect to radiative heat transfer from the
rotor to the surrounding bodies. The temperature difference of 1.6 K may therefore
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(a) Temperature distribution without radiation (b) Temperature distribution with radiation

Figure 3.11: Temperatures on cross-section during locked rotor test (a) without and
(b) with radiation (clipped below 62 ◦C).

be regarded as the maximum effect on the rotor of the motor used for this case study,
while radiation even hardly affects the temperatures in the stator.

3.6.3 Passive test

Methodology

The DC test and the locked rotor test are carried out at comparably very low ro-
tational speeds. The mechanical losses of the bearings and the sealing rings, the
windage losses as well as the losses in the gear train are typically negligible at low
rotation speeds and thus during those tests.

At higher (typical) rotational speeds, these loss sources become more significant
and may have to be considered in the thermal model.

A passive test—similar to the tests in Sec. 2.9—is carried out in order to check
the significance of the mechanical losses and, in case of significant contributions, to
allow for a verification of the modelling of the mechanical losses.

During the test, the induction motor under test is accelerated to twice the rated
speed by the connected load motor. The parameters of the test and the measured
temperatures are provided in Table A.3 in the appendix.

The mechanical losses in the bearings and in the sealing rings are calculated an-
alytically with the formulas presented in Sec. 1.3.5, the gear losses are interpolated
from a three-dimensional loss map (losses as function of torque, speed and tem-
perature) which is based on experimental loss measurements. The determined gear
losses are then modelled as loss injection into the motor housing and into the shaft
at the DE side with 90 % of the losses being injected into the housing and 10 % into
the shaft in both models. The bearing and bearing sealing losses are also modelled
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as loss injections in both models.

Analysis of test results and conclusions

The stator heats up by approximately 2 K while the rotor temperatures increase by
more than 10 K. The simulated temperatures are summarised in Table 3.6 and com-
pared with the measured temperatures, the temperature distribution across the ma-
chine is illustrated in Fig. 3.12.

Table 3.6: Measured and simulated temperatures during the passive test.

Part Temperature / ◦C

Analytic model Numerical model Measured

Rotor end NDE 59.2 58.5 61.6
Rotor end DE 59.3 62.0 65.1
Stator slot 51.6 51.6 50.2|50.8
End winding NDE 51.7 51.0 51.4
End winding DE 51.8 51.9 51.0

Figure 3.12: Temperature distribution during the passive test.

Similar to the locked rotor test, the analytic model only gives very similar temper-
atures at the rotor ends on both sides (0.1 K difference), while the numerical simu-
lation and the measurement both show a difference of 3.5 K between both sides. As
can be seen in Fig. 3.12, the heat injected on the DE side leads to high temperature
gradients particularly in the rotor stack with its comparably low thermal conductiv-
ity in axial direction. The analytic model, which only models axial heat flow in axial
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direction, is not able to resolve this temperature profile. A separation of the end ring
surface and the stack end surface and an explicit modelling of axial heat flow in the
rotor stack would be required.

At the same time, the high temperature gradients in the rotor stack indicate why
the differences between the numerically simulated and the measured temperatures
of the rotor but also of the stator are not necessarily caused by an incorrect simula-
tion or incorrect measurements. The simulated 62 ◦C at the DE side and the 58.5 ◦C
at the DE side (Table 3.6), for instance, are volumetric average temperatures in the
rotor end regions which also include the end rings. The measured temperatures
are 3.1 K higher. Considering that the temperature in the rotor stack reaches up to
70.1 ◦C and comparing the measured temperatures with the plotted temperatures
in Fig. 3.12, it is possible and likely that the measured local temperatures match the
simulated local temperature at the sensor position with a better accuracy than the
3.1 K.

Table 3.7 also lists the minimum, the maximum and the average temperatures
from the numerical simulation and the comparison with the measured temperatures
confirms that the measured rotor temperatures are within the ranges of the numer-
ical simulation. Generally, it may be concluded that even the simplified modelling
of the mechanical losses in the bearings and in the gear train leads to a model which
still matches the measured temperatures with sufficient accuracy. The split factor
90/10 has also been verified at rated speed and is used in the following cases.

Table 3.7: Minimum, maximum and average simulated temperatures compared
with measured temperatures during passive test.

Part Temperature / ◦C

Measured Numerical model
(local) (av.) (min.) (max.)

Stator slot 50.2|50.8 51.6 50.3 54.1
Rotor stack 61.6|65.1 60.1 58.2 70.1
Rotor bars — 59.0 58.5 62.1
End winding, NDE 51.4 51.0 50.3 52.9
End winding, DE 51.0 51.9 51.1 54.6

127



Chapter 3 Case study

3.6.4 Stationary load case

Methodology

The stationary load case is a load case at nearly rated values and therefore serves
to verify the thermal models at typical operating conditions. Similar to the passive
test in Sec. 3.6.3, the mechanical losses (gear losses, bearing and sealing losses) are
calculated analytically and are used in both models. Due to the symmetrical 3-phase
current source in the JMAG model, the slot losses are identical in both models. The
Joule losses in the end windings as well as in the end rings are taken from the an-
alytic model since the end windings and the end rings are not modelled in the 2D
JMAG model. Due to the comparably high rotor temperature and an only moder-
ately hot stator winding, radiation is enabled in the numerical model.

Consequently, differences in the calculated losses between both models may be
due to the numerically determined iron losses in the stator and the rotor as well
as the bar losses which are calculated in JMAG and mapped onto the numerical
3D model. The additional losses which are calculated according to Sec. 3.3.4 in the
analytic model may lead to further differences.

Analysis of test results and conclusions

Similar to the locked rotor test in Sec. 3.6.2, the losses used in both models and the re-
sulting temperatures are summarised in Table 3.8 and compared with the measured
temperatures. The component losses are again related to the same, total measured
losses during the test.

The difference of the Joule losses in the stator is due to the additional losses that
are partly added to the slot losses in the analytic model, whereas only the losses
caused by the ideal, symmetrical current source are used in the numerical model.
Also the iron losses are significantly higher in the analytic model due to additional
factors accounting for degradation due to manufacturing and processing the electri-
cal steel. The numerical model uses standard data from the material database which
is based on Epstein frame tests. The Joule losses in the rotor of the analytic model
are, by contrast, only 61 % of the losses in the numerical model.

The total losses in the analytic model are 89 % of the total measured losses, the
losses in the numerical model are 90 % of the total measured losses. In the analytic
model, the rotor losses are expected to be underestimated, while the Joule losses and
the iron losses are expected to be underestimated in the numerical model. Addition-
ally, the gear losses, which are identical in both models, are expected to be higher
than the calculated gear losses (interpolated from experimentally determined loss
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Table 3.8: Losses and corresponding simulated and measured temperatures during
the stationary load case (component losses related to same total measured
losses).

Analytic Numerical Measured

Losses / total measured losses % % —

Stator Joule losses 30.3 28.6 —
Rotor Joule losses 13.7 22.4 —
Stator iron losses 18.4 11.9 —
Rotor iron losses 1.8 2.2 —
Mechanical losses 24.7 24.7 —

Simulated/measured losses 0.89 0.90 —

Temperature / ◦C (av.) (av.) (min.) (max.) (local)

Stator slot 78.3 80.3 64.0 89.6 74.4|83.8
Rotor stack 114.6|115.5 163.2 153.8 164.4 133.1|134.3
Rotor bars 115.7 164.2 163.3 164.8 —
End winding NDE 81.2 86.8 78.1 95.8 77.8
End winding DE 81.4 88.5 78.1 103.0 84.3

map, Sec. 3.6.2).

The numerical thermal model and the analytic thermal model show good agree-
ments in the previous tests. However, the very significant difference between the
rotor losses in the numerical and in the analytic model leads to differing rotor tem-
peratures. In the analytic model, the rotor temperature is around 115 ◦C, while it
is around 164 ◦C in the numerical model. The measured values are approximately
134 ◦C and, thus, lie between the values of the numerical and the analytic model.

Using the same losses in both models leads to comparable results, which confirms
that the thermal models themselves are not incorrect. Instead, corrections of the ana-
lytic loss calculation routine and also an in-depth analysis why the rotor losses in the
numerical are overestimated are required in order to obtain more accurate results.
The fact that differing losses lead to significant deviations confirms the introductory
remark in Chapter 1 that the analysis of the motor losses forms a vital and integral
part of an overall thermal study. Accurately determined losses are consequently the
prerequisite for accurately predicted temperatures by a thermal model.

In order to illustrate the sensitivity of the simulated temperatures with varying
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(a) Temperature distribution with default losses (b) Temperature distribution with modified losses

Figure 3.13: Temperatures on cross-section during stationary load case (a) with de-
fault losses and (b) with increased iron losses (+20 % related to default
iron losses) and reduced losses in the rotor winding (−20 % related to
default rotor Joule losses).

losses, the iron losses of the numerical model are increased by 20 % (roughly esti-
mated increase due to manufacturing-related effects) and decrease of the rotor losses
by 20 % (estimation). The resulting temperature distribution is compared with the
base simulation (default losses) in Fig. 3.13 and in Table 3.9. With the simulated
losses being only slightly lower than in the base case (88 % instead of 90 %), the av-
erage rotor temperature decreases by 16 K, the temperature of the stator winding
decreases by just 1 K. This illustrates the particularly high sensitivity of the rotor
temperature to the rotor losses.

It may also be noted that the lowest rotor temperatures are expected to be at the
stack ends (Figs. 3.11 and 3.13), which is where the rotor temperatures are measured
in this experimental set-up. Significant differences may therefore exist between the
measured temperatures and the actual average and maximum rotor temperatures.
Certain inaccuracies are introduced due to the fact that the measured rotor temper-
atures are assumed to be the average temperatures, which are then used to adjust
the electric resistivity. The resistivity directly influences the simulated losses and
the simulated temperatures.

3.6.5 Transient load case

Methodology

The transient analytic thermal model (Fig. 3.4) is verified by a transient load case.
The calculated time series of the input losses (related to the total measured losses at
t = 0 min, the start of the transient load case) and the measured temperatures are
provided in Figs. 3.14(a) and 3.14(b) (dashed lines) respectively. Separate graphs for
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Table 3.9: Minimum, maximum and average simulated temperatures compared
with measured temperatures during stationary load case.

Part Temperature / ◦C

Measured Default losses Modified losses
(local) (av.) (min.) (max.) (av.) (min.) (max.)

Stator slot 74.4|83.8 80.3 64.0 89.6 79.0 63.5 86.5
Rotor stack 133.1|134.3 163.2 153.8 164.4 147.0 138.8 148.0
Rotor bars — 164.2 163.3 164.8 147.8 146.8 148.4
End winding, NDE 77.8 86.8 78.1 95.8 85.9 77.4 94.4
End winding, DE 84.3 88.5 78.1 103.0 87.5 77.5 102.2

each load step and for both the rotor and the stator temperature are provided in the
appendix (Sec. A.5).

The transient load case consists of a first step from stand-still to a stationary
load point, resulting in temperature increases from the initial temperature of 40 ◦C
(achieved by heating up the motor by the coolant in the cooling jacket) to the re-
sulting steady state temperatures. The current is kept constant at the target value
leading to an increase in the Joule losses as the stator winding heats up and the
electrical resistivity of the copper increases.

Starting from the stationary load point, the stator current is then set to a constant
and higher value at the same rotational speed in a second step. The resulting sec-
ond transient heat-up of the DUT is carried out until the temperatures reach steady
states again. During the complete test, the inlet temperature of the coolant is kept at
constant 40 ◦C. The test is carried out at the same rotational speed, thus with prac-
tically constant mechanical losses, reducing the complexity of the test for an easier
model verification.

Following the analysis of the stationary load case, in which the calculated Joule
losses in the rotor are lower than the real rotor losses, the Joule losses in the rotor are
increased by 30 % in the loss model. This modification targets at reducing the offset
between the measured and the simulated temperatures, thus allowing for an easier
comparison of the transient characteristics.

The transient analytic calculation routine reads the time series of the input param-
eters. Electromagnetic loss calculations are carried out at fixed time steps (every few
seconds), the losses are then assumed constant in the time intervals and the transient
thermal problem is then solved with the constant loss input.
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Analysis of test results and conclusions

The calculated loss input in Fig. 3.14(a) shows drops in the losses in both the stator
and the rotor winding at t = 52 min, which are caused by problems with the control
of the DUT. Interestingly, the short period of slightly reduced losses leads to a no-
ticeable decrease in the simulated temperature (solid lines in Fig. 3.14(b)). This drop
is, however, not visible in the measured temperatures (dashed lines in Fig. 3.14(b)),
most likely because the expected only very slight effect is overshadowed by the ex-
isting ripples (noise) in the recorded signals.

More significant loss oscillations exist during the transition between the two load
points and they are also related to problems with the control of the DUT. While such
oscillations are generally undesirable during machine operation, the comparison of
the oscillating input with the simulated and the measured temperatures actually al-
lows to study how the fast variations of the electromagnetic (loss) input are reflected
in the temperature responses.

Generally (and similar to the stationary load cases), the simulated temperatures
in the rotor are still lower than the measured temperatures, despite the increase of
the rotor losses by 30 %. Moreover, the sum of the calculated losses is still signif-
icantly lower than the total measured losses. When the losses increase during the
test (t > 100 min), the offset between the simulated and the measured rotor temper-
atures decreases and the loss model seems to match better during the second part
of the transient load case (see also Figs. A.1 and A.2 in Sec. A.5 in the appendix).
The stationary and the transient thermal model are practically identical, with the
exception of the additional connected thermal capacitances. The permanent offset
between the measured and the simulated rotor measurements is therefore expected
to be also caused by inaccuracies of the loss models.

Irrespective of the expected differences in the rotor, the simulated temperatures
in the stator as well as the simulated transient behaviour show a good agreement
with the measurements. Slight differences exist around t = 0 min because of the
different initial conditions between the actual machine, in which slight temperature
differences exist, whereas all temperatures are set to the coolant inlet temperature at
t = 0 min in the analytic model (see also Fig. A.1 in the appendix).

Additionally, it may be seen clearly that the thermal time constant of the rotor
is larger than the time constant of the stator as it requires more time for the rotor
to reach its thermal steady state. This result also illustrates that the values of the
thermal capacitances of the machine parts as such do not directly reflect the actual
behaviour of the machine assembly. In fact, the calculated thermal capacitance of
the stator is larger than the thermal capacitance of the rotor. The thermal behaviour
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is, however, influenced by how the components are connected to each other, the
rotor being connected to the heat sink and the other components by heat flow paths
with comparably high thermal resistances.

Furthermore, the increase of the electrical resistivity of the copper is shown im-
plicitly by the plotted losses in the stator winding (0 min < t < 20 min) in Fig. 3.14(b).
While the stator current is constant, the rising temperature in the stator winding
(Fig. 3.14(a)) causes the resistivity and thus the Joule losses to increase.

The transient oscillations of the losses may be said to be evened out nearly com-
pletely due to the larger time constants of the thermal system. Slight temperature
drops of the slot and the end winding temperature are visible in the simulation
(solid lines) and also very slight drops may be seen in the logged temperatures but
with the added signal noise making a clear identification of the extent of the tem-
perature drops more difficult.

A further observation may be made concerning the ripple (noise) of the recorded
temperatures. Especially the signals of the sensors in the stator slots and in the end
winding on the DE side show higher noise levels than the the sensors in the end
winding on the NDE side and in the rotor. As the sensors in the stator slot and in
the end winding on the DE side are guided through the slots from the NDE side
to approximately the centre of the motor (slot sensors) and the end winding (DE
sensor), the electromagnetic fields may influence the measurements.
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(a) Losses related to the total measured losses at the begin of the transient load case (t = 0 min).
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(b) Measured temperatures (dashed lines) and simulated temperatures (solid lines) during tran-
sient load case.

Figure 3.14: Loss input and comparison of measured and simulated temperatures
during transient load case.
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3.7 Review and conclusions

3.7.1 Case study

The primary target of the comparative case study is not to develop models whose
output temperatures match the experimental results best but rather to use the results
to understand possible limitations and how the different results can be combined in
order to gain a better understanding of the thermal behaviour. The limitations of
the DUT alone with its limited number of sensors, the not exactly defined sensor
positions and the added complexity due to the connected gear train only allow for
a study with limited accuracy.

The key conclusions may be summarised as follows:

The temperature is generally not constant within the different parts, e.g. the
end windings, the stator slots, the stator and the rotor stack. Consequently,
additional information on the temperature distribution should be used when
comparing measured local temperatures with the determined (average) tem-
peratures from an analytic model. In this case study, the results of the nu-
merical simulation are used to determine the expected temperature ranges in
the regions, which are then compared with the measured and the analytically
determined temperatures. Therefore, the combinations of both modelling ap-
proaches and the comparison with the measured temperatures permit to inter-
pret the results adequately.
If the sensor positions are known more precisely, it is possible to narrow down
the expected temperatures at the sensor positions, in contrast to considering
all temperatures in the complete region as possible temperatures. The uncer-
tainty concerning the exact sensor positions in this case study leads to signif-
icant uncertainties and does not allow for a better parameter adjustment, for
instance during the DC test. To give one example, the parameters modelling
the convective heat transfer in the end winding regions cannot be adjusted ad-
equately as the parameter adjustments only lead to variations well within the
predicted temperature ranges.
The rotor losses, which may only represent a few percent of the overall losses,
have a very significant influence on the rotor temperature. Accurate loss calcu-
lations are generally indispensable for more accurate temperature predictions.
Special experimental tests (DC tests, locked rotor and no-load tests) may sup-
port a more targeted verification of the loss models and the thermal models
because of fewer relevant loss sources and heat flow paths.
The numerical and the analytic model generally show similar results when
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the same loss input is used. The analytic model fails, however, to model the
unsymmetrical temperature distribution in the rotor stack. As may be seen
from the numerical results, the temperature variations in the rotor bars and in
end rings are comparably small (around 1 K in the stationary load case). The
differences in the rotor stack are, by contrast, far more significant, reaching
around 10 K in the stationary load case. The axial heat transfer in the rotor
bars and in the rotor stack would need to be separated in the analytic model
in order to resolve the temperature distribution in the rotor more accurately.
The gear train is directly attached to the DE side of the machine and causes
the rotor and also the housing to heat up on the DE side at higher rotational
speeds (Tables A.3 and A.4, Fig. 3.12). The fact that only the temperature of the
oil in the oil reservoir is measured does not allow for a verification of the tem-
perature at the interface between the gear set and the cooling jacket. In the case
study, the modelling of the gear losses is verified by comparing the measured
and the simulated temperatures during the passive test. It would, nonethe-
less, be desirable to verify the temperature of around 88 ◦C at the interface in
Fig. 3.12 in order to confirm the validity of the loss modelling.
Based on the available test results from the transient load case, the transient
analytic model seems to model the transient behaviour with sufficient accu-
racy. As in the case of the stationary experimental tests, inaccuracies of the
loss calculation cause deviations between the measured and the simulated ro-
tor temperatures.

3.7.2 Experimental test procedure

The experimental tests typically take more than one hour until the temperatures
reach their steady states. The ambient conditions should ideally remain constant
during the complete test duration.

During demanding load cases with high heat dissipation, the cooling system with
the fan-cooled heat sink is operating at its limits. Therefore, changes of the ambient
conditions such as a gradual increase of the ambient air or also sudden temperature
decreases due to opened windows or doors affect the coolant temperature, which
directly influences the temperatures inside the electric machine. Consequently, spe-
cial care concerning opening windows or doors is required when carrying out the
tests.

Furthermore, the temperature control unit is not able to keep the inlet temper-
ature precisely at the pre-set value in case of significant changes of the generated
losses (Fig. 3.15). As may be seen in Fig. 3.15(a), not only the rotor and stator tem-
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peratures rise (starting from t = 1122 min) but also the inlet temperature increases
slightly (1122 min < t < 1134 min). At the same time, the temperature difference in-
creases (Fig. 3.15(b)) and thus the dissipated heat since the dissipated heat is directly
proportional because of the constant mass flow rate of the coolant.

Consequently, the heat is not transferred quickly enough from the coolant to the
ambient air by the fan-cooled heat sink. Additionally, the transient behaviour of the
temperature control unit leads to oscillations and a cooling down of the coolant be-
low the set inlet temperature with a resulting permanent overcompensation (offset).
The varying coolant temperature directly influences the winding temperature (with
a slight delay).
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Figure 3.15: Oscillations after sudden loss increase.

In addition to stability problems with respect to the cooling circuit, also the con-
trols of the DUT and the load machine sometimes cause stability problems, for in-
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stance during the transient load case (Sec. 3.6.5). In case of stability problems or
even shut-downs of the control during the stationary test, the experimental test is
continued for a longer time under stable conditions until the thermal steady state is
achieved.

Nonetheless, a transient load with stability problems during the transition be-
tween different load points is chosen for the analysis of the analytic model. The
comparably simple overall transition from one load point to a second load point at
the same rotational speed allows for an easier verification. At the same time, the
short oscillations during the transitions due to the stability issues allow for an in-
vestigation of fast changes. Adjustments of the controllers and modifications of the
cooling circuit are, of course, indispensable in order to investigate more complex
load patterns in future tests.

3.7.3 Numerical modelling procedure

Model overview

The limited CAD format capabilities of the used tools (JMAG, STAR-CCM+, Creo)
lead to a complex workflow with respect to the CAD model creation and the model
and loss exchange (import and export) between the software tools.

The transient EMAG simulation in JMAG uses a 1
4 2D CAD model of the sta-

tor and the rotor. (3D simulations require significantly higher computational effort
with only limited additional information e.g. concerning the iron loss calculation.
Preliminary 3D simulations with a coarse mesh required 2 weeks of computation
time but the results indicated that a finer mesh and more time steps would even be
required.) The comparably simple 2D geometry is directly generated by the built-in
CAD modeller of JMAG in order to reduce compatibility issues when importing a
geometry into the FEM software.

The thermal simulation in STAR-CCM+, however, requires a 3D model of the
complete machine. At the same time, developing and building a complete CAD
assembly, also including the motor housing, is neither possible in STAR-CCM+ nor
in JMAG. Therefore, the CAD tool Creo is used to create and modify the component
models and to build the complete assembly.

Furthermore, in order to allow for a loss mapping without complex coordinate
transformations, the coordinates of the JMAG geometry and the coordinates of the
model in STAR-CCM+ need to be identical. Therefore, a full extruded stator and
rotor CAD model is built in JMAG (directly based on the 2D model) and imported
into Creo.

The additional component models (shaft, end rings, end windings, cooling jacket)
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are built and assembled in Creo. The resulting 3D assembly is eventually imported
into the CAD modeller of STAR-CCM+, where further processing is required in or-
der to be able to define all interfaces (between contacting bodies) correctly.

Generating the meshed representation of the 2D geometry in JMAG succeeds with
just slight adjustments of the default settings in JMAG. The (conformal) meshing of
the complete 3D model in STAR-CCM+ is, by contrast, significantly more complex
and time-consuming. Generally, a finer mesh is required in the air gap in order to
adequately resolve the fluid flow in the very thin air gap. Therefore, thin layered
elements are chosen for the air gap, which are grown from the surrounding solids.

The calculated losses in JMAG are exported to a NASTRAN file. More specifically,
the triangular grid with the associated loss values is mirrored and extruded and
finally exported. In order to allow for a mapping of the losses onto the model in
STAR-CCM+, (i) the grid needs to be imported from the NASTRAN file and bodies
(regions) are generated automatically, (ii) the losses need to be imported in a second
step, and (iii) data mapper need to be defined which map the losses onto the model
in STAR-CCM+ (from extruded triangular mesh to polyhedral mesh).

Conclusions

A complex set-up is required to allow for a mapping of the losses from the used FEM
software onto a CFD model. The case study, however, clearly shows that coupling
two complex tools, which model complex physical phenomena, requires not only
attention to the coupling itself. The simulations of both tools need to be set-up and
also interpreted correctly.

Most importantly, the simulated losses in JMAG—which are the direct input for
the CFD simulation and therefore directly influence the results of the CFD analysis—
do not consider certain losses and loss contributions because of the definition of the
simulation (purely sinusoidal supply, iron losses according to data sheet, reduced
2D model). The calculated losses differ significantly from the measured losses and
an in-depth analysis of the reasons and, based on the results, refined simulations
need to be carried out.

The software tools and also the illustrated coupling generally provide additional
means to gain a deeper understanding of the thermal behaviour but they do require
(i) a profound understanding of the electromagnetic behaviour of electric machines
and of the related loss phenomena, (ii) an understanding of the relevant heat transfer
phenomena and, additionally, (iii) experience with the employed software tools.
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3.7.4 Analytic modelling procedure

The analytic modelling framework comprises an electromagnetic model of the in-
duction machine—extended by a loss calculation routine—and a thermal model
which is coupled to the electromagnetic model. The developed modelling frame-
work allows to carry out stationary simulations within fractions of seconds and
transient simulations in several minutes, with the potential to reduce the compu-
tation time further by code optimisations.

Similar to the numerical modelling framework, the main shortcoming of the ex-
emplary analytic model in the presented case study is the loss calculation routine,
which does not provide the motor losses with the accuracy required to simulate
the rotor temperatures, in particular, with sufficient accuracy. Improvements may
be achieved by carrying out benchmarks with commercial analytic software and by
verification with FEM simulations.

More importantly, the comparative case study illustrates that particular attention
is required when building and adjusting an analytic thermal model only with local
measurements or without any available measurements for verification purposes at
all.

Not only introduce the complex loss phenomena significant challenges with re-
spect to the input of the thermal models. Even with correctly determined losses,
certain parameters of the thermal model should be verified and adjusted, if required.

Without any available experimental data, adjustments are not possible, leading to
potential inaccuracies. Yet, even if experimental data is available, adjustments need
to be carried out carefully as illustrated by the case study. The measured local tem-
perature might be different to e.g. a predicted average temperature. A best-fit target
for the simulated temperatures might therefore even be incorrect. More specifically,
without detailed experimental data (for instance from several thermal sensors) or
without additional results from numerical simulations, it may not even be possible
to identify the target values of the simulations.

To give an example, the numerical simulation of the DC test (Sec. 3.6.1) reveals the
expected high temperature ranges in the slots and the end windings. Relying on just
one local measurement and one value from the analytic model, it may be difficult to
judge how well simulated and measured values fit together.
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Chapter 4

Conclusions and further research

4.1 General conclusions

The analysis of the component modelling in Chapter 2 and the machine modelling
in the frame of the case study in Chapter 3 confirm that there is no generally su-
perior modelling approach. Instead, the optimum model, which suits the problem
that is to be investigated best, depends on the problem itself and on the desired out-
put of the simulation (e.g. spatial resolution, stationary or transient output, possible
constraints with respect to computational time).

To give an example, the analytic and the numerical air gap models in Sec. 2.5 give
similar resulting thermal resistances for the air gap. While the numerical model,
which requires significant more effort to be developed and run, allows to study
the spatial temperature and velocity distributions within the air gap (Figs. 2.17 and
2.18), the analytic model provides the same thermal resistance (maximum relative
deviation of ±10 %) almost instantaneously, using a correlation that is available in
the literature.

Moreover, it has been shown that an adequate loss modelling is indispensable.
This, at the same time, makes the thermal analysis rather complex. The case study
clearly illustrates that a standard, simplified (analytic as well as numerical) loss
modelling does not necessarily provide the required accuracy but more complex
and sophisticated loss models may be required instead. In the case study, neither
the analytic model nor the numerical model provide the rotor temperatures with
sufficient accuracy.

Due to the complexity of both, the loss modelling and the modelling of the heat
transfer in electric machines, it is generally advisable to ensure that studies in the
field of thermal modelling are validated adequately.

For instance, if the analytic models presented in Chapter 2 were used in an an-
alytic modelling framework similar to the one in Chapter 3 and if the presented
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analytic loss modelling was employed in order to predict the temperatures of the
induction machine in Chapter 3, significant inaccuracies would exist.

The available measurements show that the temperatures are significantly under-
estimated and the developed numerical model and the analysis of the special ex-
perimental tests allow to identify inaccurately determined rotor losses and not a
problem with the analytic thermal model to be the root-cause.

Only with the three different elements, (i) the analytic model, (ii) the numer-
ical model, and (iii) the measurements, it is possible to really understand and
interpret the results adequately.

The deviation between locally measured temperatures and simulated tempera-
tures is not necessarily the correct criterion for judging the accuracy of a thermal
model: The numerical model, for example, reveals that comparably high tempera-
ture differences may be expected in the end windings, the slots and even in the rotor
stack during the standard stationary load case (Sec. 3.6.4). Depending on where the
thermal sensors are located, these local measurements are obviously not identical
to averaged temperatures in an analytic model. Identical values may even indicate
that the results do not match.

4.2 Future work

Chapter 2 provides a comprehensive overview of the thermal modelling of the key
components and, at the same time, in-depth analyses of certain components, such as
the stator slots and the air gap. Due to the inherent complexity associated with each
single component, even the detailed analyses in this work may be regarded as first
steps, which may serve as a basis for further research. Also the developed rather
complex modelling frameworks in Chapter 3 may be extended or modified in order
to improve their accuracy.

In the following, some areas for future research are suggested based on the models
derived in Chapters 2 and 3:

I. Slot modelling (Chapter 2)

(a) Wires coupled to a circuit simulation
Uniform average copper losses are assumed and modelled in the wires of
the detailed slot model in Sec. 2.3. In electric machinery, the loss phenom-
ena are, however, more complex and the averaged losses are not expected
to be perfectly uniformly distributed.
The detailed numerical slot model may be coupled to an electromagnetic
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FEM tool which correctly models the current flow through the different
wires and coils in the slot (treating the slot model as a part of the complete
winding model) and which potentially simulates the losses in the winding
more accurately. A bi-directional coupling would then also allow to study
how a rising temperature affects the electric resistivity and, in turn, the
copper losses, which affect the temperature.
Depending on the outcome of such a simulation (the effect on the temper-
ature may be negligible), it may be investigated how a non-uniform loss
distribution may be considered in a simplified numerical and in an ana-
lytic model.

(b) Coupled slot models with mapped iron losses
A detailed slot model, which is coupled to an electromagnetic model or
tool, would also allow to use realistic, simulated iron loss distributions
in the numerical model. Such a loss study might also consider potential
degradation at the edges of the electrical steel sheet, introduced during the
manufacturing of the lamination stack. Significant progress is made in this
field and, for instance, the most recent release of JMAG (the FEM software
employed in this work) now allows to model this effect explicitly.
The analytic modelling of the iron losses may then be developed accord-
ingly and it may investigated if one or two point loss sources (total iron
losses and separated loss sources for losses in the teeth and in the back
iron, respectively) are sufficient or whether more complex iron loss mod-
elling is required in the analytic model.

(c) The local effects of a non-ideal impregnation
All models assume an ideal impregnation or consider the effect of air pock-
ets by reducing the effective thermal conductivity. Alternatively, the effect
may be modelled by adding a certain contact resistance between the slot
and the stack.
The detailed numerical model may be used to study how local imperfec-
tions of the impregnation affect the local temperatures by explicitly mod-
elling imperfections of the impregnation. Experimental data is, however,
required in order to model local imperfections accurately. Such a model
may, however, be very specific to a certain machine manufactured in a
specific way and the applicability to other machine designs needs to be
verified.

II. Detailed validation of the transient lumped parameter modelling
In analytic thermal models, typically one thermal capacitance is used for each
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main component, even though significant temperature differences may exist
within those bodies. Transient numerical machine models may be used to in-
vestigate the effect of using just one or several thermal capacitances for the
transient modelling in analytic models and how effects the overall thermal be-
haviour of the analytic models.

III. Detailed end winding modelling (Chapters 2 and 3)
The end windings of electric machines with random-wound windings are typ-
ically modelled by envelope-like representations in numerical models, i.e. the
outer envelopes define the outer dimensions. The same approach is used in
this work because the explicit modelling of all wires proved to be challenging.
In order to ensure that the assembly can finally be meshed and simulated, a
perfectly accurate modelling (no crossing lines or touching faces) is required.
Further research is therefore proposed with respect to a more detailed end
winding modelling of random wound windings, which include the individ-
ual wires, the wire insulation in the end winding region and the impregna-
tion (ideally also considering local imperfections). Such a more detailed end
winding simulation would allow to validate simplified numerical and analytic
models.
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Appendix A

Experimental tests

A.1 DC test

Table A.1: Parameters of the DC test and measured temperatures.

Key parameters Value Unit

I1 (measured phase current) 1.14 pu
f1 (measured stator frequency) 0.01 pu
ṁ (measured coolant mass flow rate) 1 pu
Joule losses (calculated) 1.06 pu
Calculated losses / measured losses 101 %

Measured local temperature (at sensor position)

TC 1 (stator slot, bottom) 75.7 ◦C
TC 2 (stator slot, top) 64.9 ◦C
TC 3 (end winding, NDE) 63.6 ◦C
TC 4 (end winding, DE) 73.9 ◦C
TC 5 (rotor, NDE) 51.5 ◦C
TC 6 (rotor, DE) 51.3 ◦C
TC 7 (gear train (oil reservoir)) 38.8 ◦C
RTD 1 (coolant, inlet) 40.3 ◦C
RTD 2 (coolant, outlet) 40.7 ◦C
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A.2 Locked rotor test

Table A.2: Parameters of the locked rotor test and measured temperatures.

Key parameters (measured) Value Unit

I1 (phase current, RMS) 0.72 pu
f1 (stator frequency) 1 pu
V1 (line voltage, RMS) 0.19 pu
M (output torque) 0.04 pu
s (slip) 99 %
ṁ (coolant mass flow rate) 0.97 pu

Local temperatures (measured at sensor positions)

TC 1 (stator slot, bottom) 75.2 ◦C
TC 2 (stator slot, top) 79.8 ◦C
TC 3 (end winding, NDE) 78.2 ◦C
TC 4 (end winding, DE) 79.8 ◦C
TC 5 (rotor, NDE) 156.2 ◦C
TC 6 (rotor, DE) 154.8 ◦C
TC 7 (gear train (oil reservoir)) 54.8 ◦C
RTD 1 (coolant, inlet) 58.9 ◦C
RTD 2 (coolant, outlet) 59.2 ◦C
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A.3 Passive test

Table A.3: Parameters of the passive test and measured temperatures.

Key parameters Value Unit

Gear losses (interpolated from measured loss map) 1.79 pu
Bearing + sealing losses NDE side (calculated) 2.91 pu
Bearing + sealing losses DE side (calculated) 2.91 pu
ṁ (measured coolant mass flow rate) 1.18 pu
n (rotor speed) 2 pu

Local temperatures (measured at sensor positions)

TC 1 (stator slot, bottom) 50.8 ◦C
TC 2 (stator slot, top) 50.2 ◦C
TC 3 (end winding, NDE) 51.4 ◦C
TC 4 (end winding, DE) 51.0 ◦C
TC 5 (rotor, NDE) 61.6 ◦C
TC 6 (rotor, DE) 65.1 ◦C
TC 7 (gear train (oil reservoir)) 51.4 ◦C
RTD 1 (coolant, inlet) 48.8 ◦C
RTD 2 (coolant, outlet) 48.9 ◦C
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A.4 Stationary load case

Table A.4: Parameters of stationary load case and measured temperatures.

Parameter Value Unit

I1 (phase current) 0.99 pu
f1 (stator frequency) 1.02 pu
M (output torque) 0.99 pu
s (slip) 2.32 %
ṁ (coolant mass flow rate) 0.96 pu

Measured local temperature (at sensor position)

TC 1 (stator slot, bottom) 74.4 ◦C
TC 2 (stator slot, top) 83.8 ◦C
TC 3 (end winding, NDE) 77.8 ◦C
TC 4 (end winding, DE) 84.3 ◦C
TC 5 (rotor, NDE) 133.1 ◦C
TC 6 (rotor, DE) 134.3 ◦C
TC 7 (gear train (oil reservoir)) 54.7 ◦C
RTD 1 (coolant, inlet) 39.5 ◦C
RTD 2 (coolant, outlet) 41.0 ◦C

148



A.5 Transient load case

A.5 Transient load case
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Figure A.1: Measured temperatures (dashed lines) & simulated temperatures (solid
lines) during the first part of the transient load case.
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Figure A.2: Measured temperatures (dashed lines) & simulated temperatures (solid
lines) during the second part of the transient load case.
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