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ABSTRACT

Aero engine and gas turbine design is continuously improving in order to achieve higher efficiency
and reduce the weight, the fuel consumption and the noise emissions. The increase of the turbine inlet
temperatures, higher blade loading, together with the use of lighter materials and the down-sizing of the
components, reducing axial gaps between vane/blade rows and between stages, are fundamental to
achieve these goals. As a consequence, the inlet conditions of a modern low pressure turbine (LPT)
present significant flow non-homogeneities, which can have direct consequences on both its
aerodynamic performance and vibrations. The rise in turbine entry temperatures and pressure ratios
needed to achieve higher efficiencies and power output requires an increase of cooling and purge flow
injections, leading to the generation of strong temperature distortions at the inlet of the LPT.
Additionally, the stronger interaction between engine components due to the drastic decrease of axial
spacing and to the reduction of the stage count facilitates the propagation of circumferential distortions
of total pressure and temperature.

This work presents the results of an experimental investigation on the influence of total pressure and
temperature inflow distortions on the aerodynamics and on the vibrations of a low pressure turbine stage.
Measurements at a stable engine relevant operating condition and during transient operation were carried
out in a one and a half stage subsonic turbine test facility at the Institute of Thermal Turbomachinery
and Machine Dynamics at Graz University of Technology. Steady and unsteady aerodynamic
measurements were performed with a five-hole-probe (5HP) and a fast response aerodynamic pressure
probe (FRAPP) respectively, while the LPT rotor vibration data were acquired using strain gauges
applied on different blades, in combination with a telemetry system.

Localised total pressure distortions with different intensities were generated upstream of the stage at
two different axial distances from the stage inlet and in three different azimuthal positions relative to
the stator vanes. With regards to the study of total temperature inlet non-homogeneities, a series of total
temperature disturbances were generated upstream of the stage through the localised injection of air at
different mass flow and temperature, ranging from 30% to 130% of the nominal inlet temperature.

The aerodynamic interactions between the stator and rotor rows and the circumferential perturbation
were studied through the identification of the main structures constituting the flow field. This showed
that the steady and unsteady alterations created by the distortion in the flow field lead to modifications
of the rotor vibration characteristics. The rotor vibrations were also strongly influenced by the alterations
created by the circumferential temperature perturbation in the flow. In particular, the temperature of the
distortion was found to influence directly the amplitude of the rotor blade forced response. Hence, this
work shows that important aerodynamic and aero-elastic effects are linked to the presence of total
pressure and temperature distortions in the inlet flow field of an LPT stage.
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1. INTRODUCTION

Aviation has drastically transformed the way we perceive the world and how we inhabit it, opening
up a range of opportunities, stimulating globalisation and reducing distances and transportation time.
The introduction of jet engines further facilitated fast transportation of goods and people, promoting
enormous social and economic progress. Consequently, the volume of air traffic and the number of
passengers have been exponentially increasing globally from the end of WWII, as shown in FIGURE
1.1. To accompany this growth rate, the price of kerosene has remained stable in recent years. In order
to keep up with the rising demand for new airplanes, manufactures are faced with ever increasing orders
within the next twenty years. However, as everyone knows, the socio-economic benefits of the growth
of the aviation industry are offset by the emission of greenhouse gases, in particular carbon dioxide and
NOx. A visualisation of the carbon dioxide emission from aviation is shown in FIGURE 1.2.

Global number of airline passengers omvind
Airline passenger figures represent total rather than unique passenger activity: this means a person that makes
multiple trips is counted multiple limes,

BT T,
3 billion
2 billion

1 billion

0 ; . . .
1945 1950 1960 1970 1980 1990 2000 2010 2018
Seuree: Infernaticnal Civil Aviation Organization {ICAO) via Alrlimes for America CurWarldinData.orgftranspart - CC BY

FIGURE 1.1: Global number of airline passengers. From [1]
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Global carbon dioxide emissions from aviation Ot Worid
Avialion emissions includes passenger air travel, freight and military operations. It does not include non-CO. inData
climate foreings, or a multiplier lor warming effects at allitnde.
Global CO, emissions
from aviation 1,04 billion tonnes
CO;in2018

1bn

A4=5% growth per
F00M year since 2&/
B00M

700M

Financial crisis

S00M

Doubled since 1987
S00M -
Auiation as a share of
global CO. emissions
A%

2.8%

S0 i,
qay ey e

400M

300 - -
Awiation emissions have
quadrupled since 1966

T afCO;) 23010

in 1950

FIGURE 1.2: Global carbon dioxide emissions from aviation. From [2]

This kind of forecast was severely changed by the economic and social crisis caused by the spread
of the pandemic of the new Coronavirus SARS-CoV-2, which led to the closure of national borders and
the cancellation of almost all flights for a long period, reducing air traffic to an overwhelming historical
low. The recession and insecurity caused by the pandemic in the global economic system is also reflected
in the aviation sector. However, it is important to emphasise that although reductions in travel have led
to lower emissions globally, once the pandemic is overcome, a return to normality is desirable within
the industry. It then becomes imperative that resources directed to post-Covid recovery are also used to
accelerate action against the climate crisis, a threat no less frightening than this pandemic. If
governments are planning to spend incredible resources to kick-start economic recovery, it is only fair
that these resources go to building fairer, greener and more sustainable societies and industries.

Substantial efforts to reduce the environmental impact of the aviation industry has been made in the
past years. With the aim of reducing man-made climate change, following the commitments made by
nations at the 2015 UN climate conference, the International Civil Aviation Organization approved an
agreement in October 2016 stipulating that it would not only achieve carbon-neutral growth, but also
reduce global aviation emissions in 2035 by 80% compared to 2020. The implementation of the offset
and emission reduction programmes contemplated by this agreement will lead to significant competitive
advantages for aircraft operators with a smaller carbon footprint.

In line with the international community's commitment to reducing emissions and tackling the
climate crisis, the International Air Transportation Association has also developed a roadmap based on
the previous emission targets formulated in the European Commission's 'Flightpath 2050' vision. The
aim of the commission's commitment is to support and develop the European aeronautics industry,
improving knowledge and advanced production capabilities, and in doing so define and shape a
sustainable future.

As can be seen in the chart depicted in FIGURE 1.2, since 1950, aviation CO2 emissions increased
almost nine-fold; and have reached in 2018 a level 5 times higher than 1960. However, even though
emissions from aviation have increased a lot over the past half-century, the volume of air travel has in
reality increased even more rapidly. The substantially slower growth of emissions means that efficiency
of aviation has seen considerable improvements. In the chart depicted in FIGURE 1.3 it is possible to
observe the increase in global airline traffic since 1950, and the quantity of CO2 emitted per revenue
passenger kilometre travelled (a measure of the number of passengers multiplied by the travelled
distance), which ultimately represents aviation efficiency. The data show that aviation is around twenty
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times more efficient in 2018 than in 1950 and eleven times than in 1960, meaning that aviation efficiency
increased has seen massive improvements over the past 50 years.

Global airline traffic and aviation efficiency OurWorid
Revenue passenger Kilometers (RPR) measnres the mimber of paying customers multiplied by the distance taveled, Available seat Kilometers !
(ASK) measures the total nnmber of seats available. The ratio between RPK and ASK measures Lhe passenger load factor.
Aviation efficiency data does nol inelide non-CO: climate forcings, or a multiplier for warming effeets at alitulde.
Passenger kilometers (km)

10 million 7 Avalable seat kilometers (ASK)

? million

Revenue passenger kilometers (RPK)

CO. emissions per revenue
passenger kilemeter (kgCO, per RPK)

0

OurWordnDatacrg - Fiesearch and data 10 make propress »

FIGURE 1.3: Global airline traffic and aviation efficiency. From [2]

The innovations introduced in the last years can be mainly classified into three categories: Measures
to increase the thermodynamic cycle efficiency of the engine, measures to increase the engine’s
propulsive efficiency and measures to optimize the engine weight and its integration with the airframe.
In a turbofan engine, the cycle efficiency is a measure of how efficiently the chemical energy available
in the fuel is converted in mechanical energy to power the fan, whereas the propulsive efficiency
measures how efficiently the energy contained in the fuel is converted into Kinetic energy of the vehicle.

In order to optimise cycle efficiency, the focus in recent years has been on increasing the combustor
outlet temperature and consequently the turbine inlet temperature, and on reducing the aerodynamic
losses inherent in turbomachines. This requires the implementation of advanced cooling methods, as gas
temperatures exceed the melting temperature of the turbomachine blades. In addition to the possibility
of covering the blades with protective materials, the use of secondary cooling air injections for blades
and cavities has become a widespread practice. In addition, the increase in computing power has recently
made it possible to numerically optimise the three-dimensional shapes of the blades, allowing losses to
be optimised. However, it is expected that the improvements achievable for a highly optimised system
such as a turbofan engine may be limited.

With regard to the search for innovations to optimise propulsive efficiency, the most promising
approach is the development of solutions to improve fan performance. Since the viscous losses created
by a high velocity jet with a low mass flow rate are greater than the losses of a high mass flow rate jet
with the same impulse and therefore a lower average velocity, it is possible to improve propulsive
efficiency by increasing the mass flow rate so as to reduce the velocity required to obtain an equal
impulse. As a result, the bypass ratio, which represents the amount of air accelerated by the fan outside
the engine core relative to the mass flow of the core, has been improved from the 1:1 typical of engines
produced in the 1960s to its current level of 12:1. Unfortunately, the increase in bypass mass flow results
in a larger annulus area, which leads to a higher fan tip speed. In addition, the increase in diameter also
results in an increase in the external surface area of the nacelle, generating a further problematic increase
in drag. This problem can be solved by considering the open rotor concept, which consists of two rows
of counter-rotating fans, completely outside the nacelle. While promising flight tests had already been
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carried out in the 1970s, problems relating to the increased noise emission due to the absence of fan
casing prevented this solution from becoming widespread. Additionally, it should not be forgotten that
the mechanical loading of the fan blade root increases with larger fan diameters. Therefore, a reduction
of the centrifugal forces is necessary e.g. by reducing rotational speed of the fan shaft. However, in
traditional architectures, the fan and the LPT, a component that requires high rotational speed to achieve
high efficiency, are mounted on the same shaft.

A possible solution for reducing the speed of rotation of the fan is to decouple its speed from that of
the low-pressure turbine. In fact, if to improve the propulsive efficiency of the fan it is important to
reduce its speed, the efficiency of the low-pressure turbine instead increases as the speed of rotation
rises. It is therefore clear that separating the two components can lead to an overall improvement. To
this purpose, the gear-driven turbofan concept was developed in the 1970s. This design alleviates the
trade-off between desirable low fan speeds and high low-pressure turbine speeds by introducing a
gearbox between the fan and the low-pressure shaft of the engine. Despite the various advantages of this
particular design, it was not until 2016 that a geared turbofan engine for single-aisle aircraft, made by
Pratt & Whitney with the PW1000G series, was launched. Reliability, weight reduction and efficiency
are the key factors of this technology. A comparison between a traditional direct drive design and a
geared turbofan is presented in FIGURE 1.4. The advantages of a gear-driven fan system become clear
when comparing the two sections: it is evident that the number of stages as well as the number of parts
in the low-pressure section is essentially reduced by half. Specifically, in this case the number of stages
in the low-pressure turbine is reduced from nine to three. Consequently, the mass of the gearbox is
compensated and the maintenance cost of the LPT is also reduced. This type of design has enabled the
manufacturer to achieve a reduction in fuel consumption of up to 20%, according to the manufacturer.
In addition, another benefit of the fan speed decrease is the reduction of the aircraft's noise emission up
to 75% compared to previous generation engines [3].

Direct Drive Turbofan DDTF
Config 1-3-10-2-7

| el

W s | |
[l (DI (j]ﬂ]“

LPT

' Config 1-G-3-8-2-3
| Fan Drive Gear | Geared Turbofan GTF

FIGURE 1.4: Comparison between the cross sections of a conventional direct drive turbofan and a
geared turbofan engine. Figure from [3]

As clearly seen in FIGURE 1.4, the adoption of geared turbo fan designs leads to a drastic reduction
of dimensions and weight.

Another engine component that is constantly undergoing a great deal of research and development
efforts aimed at the improvement of performance is the Turbine Centre Frame. In particular, this
component is located between the high-pressure turbine and the low-pressure turbine and has the
purpose of facilitating the passage of fluid from the diameter of the HPT to the larger diameter of the
LPT through its particular S shape. There has been a growing interest in recent years to increase the
engines bypass ration through shorter ducts with more aggressive aerodynamic. One way to achieve
such improvements is to eliminate the row of IGVs positioned in front of the first LPT rotor, and to
integrate a series of turning vanes into the TCF, which would now act not only as a diffuser, but would
also direct the flow in the optimal direction for the downstream rotor blades. This particular
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configuration is named Turbine Vane Frame (TVF). A sketch representing the evolution of the TCF
with the integration of turning vanes is shown in the FIGURE 1.5. This solution is particularly
challenging because it increases the aerodynamic load on the vanes in the duct and favours the
generation of stronger wakes. However, from the sketches in the figure it is possible to understand that
a major advantage of an aerodynamically aggressive TCF with vanes is the reduction of LPT
components, which results in reduced weight and engine dimensions.

Conventional Turbine Intermediate Duct
(Turbine Centre Frame - CTF)

Integrated Turbine Intermediate Duct
(Turbine Vane Frame - TVF)

LPT

n

HPT HPT

FIGURE 1.5: Schematic view of a traditional TCF (left) and a modern TVF (right).

All the solutions aimed at improving efficiency and reducing weight, such as increasing the turbine
inlet temperatures, increasing the bypass ratio, geared turbofans and integrating vanes into the TCF
struts, have the problem that they can generate localised flow disruptions and favour propagation
through the machine. In fact, the increase in turbine inlet temperature generates an increase in the
intensity of the hot-streaks generated by the combustor, which therefore propagate deeper through the
HPT reaching LPT. Another consequence of the increase in operating temperatures is the need to
introduce solutions for cooling the blades, through e.g. film cooling, and the cavities, through purge
flows. Both cause the generation of localised zones characterised by flow distortions. Concerning the
search for an ever-increasing bypass ratio, the introduction of the S-shaped duct causes the generation
of separations and wakes, which modify the flow at the inlet of the low-pressure turbine. With regard to
the geared turbofan, the possibility of reducing the number of turbine stages and the space between them
causes the possibility of more penetration by the hot-streaks coming from the combustor and the
distortions due to cooling flows and separations in the TCF, together with the increase in the blade load,
which increases the interaction between rotors and stators, generating effects that differ from ideal
conditions. Similarly, as for the geared turbo fan, the search for dimensions and weight reduction led to
the development of the TVF, which has the characteristic of having more turning in the vanes of the
duct, generating distortions at the low-pressure rotor inlet. In addition, the need to design more
aggressive ducts to reduce dimensions and limit weight means increasing the possibility of the fluid not
being able to follow the shape of the duct, resulting in separations and therefore localised distortions in
the flow at the LPT inlet.

It can therefore be said that the design of modern aircraft engines is aimed at achieving high
efficiency and low weight in order to reduce fuel consumption and therefore CO2 emissions. The use of
lighter materials and component downsizing is key to achieving these goals. As a consequence of
downsizing, the shortening of axial distances between engine components can promote the propagation
of localized distortions of total pressure and temperature through the machine. The scope of this work
is to study the effects of inlet flow distortions on the aerodynamic and aeroelastic performance of a
modern low pressure turbine stage. In particular, a thorough experimental activity regarding the total
pressure, the total temperature inlet distortion and the combination between them were carried out at the
Subsonic Test Turbine Facility for Aerodynamic, Aeroacoustic and Aeroelastic Investigations (STTF-
AAAI) located at the Institute of Thermal Turbomachinery and Machine Dynamics of Graz University
of Technology. The measurement campaign was carried out by means of steady and unsteady
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aerodynamic measurements. Additionally, the rotor blade vibrations were studied for all the tested
configurations by strain gauges applied on the rotor blade surface.

Concerning the total pressure inlet distortion (P; distortion), the focus lies on the forced response of
the LPT rotor blading under the influence of inlet flow distortion. Aerodynamic and vibration
experimental data, acquired during steady and transient operations are used to determine what is the
nature and what are the effects onto the vibrations of the rotor blades of a circumferential total pressure
inhomogeneity, generated at the stage inlet. Moreover, the effects of the azimuthal position of the total
pressure inflow distortion relative to the stator vanes ("Distortion-Stator-Clocking') on the propagation
of the flow disturbances through a low pressure turbine stage and on the resulting rotor blade vibratory
response are investigated. With regards to inlet distortions of total temperature (T distortion), a series
of experimental investigations characterised by localised flow injection at different temperatures and
different injection air mass flows were performed. This thesis focusses on the generation of total
temperature distortions at the inlet of a modern low pressure turbine stage and on the propagation of
such inflow disturbances through the stage, with a particular focus on both the aerodynamic and aero-
elastic performance of the turbine. Finally, the total temperature and total pressure distortions
combination (T: and P; distortion) was also investigated. The temperature and pressure distortions were
generated at the inlet of the stage in order to study the effects of their combination on the propagation
of the inhomogeneity through the stage and the modifications determined on turbine performance and
rotor blade vibratory behaviour.

1.1 OBJECTIVE OF THE RESEARCH

With regards to the generation and propagation of inlet distortions through a LPT stage, and to the
effects that these inhomogeneities have on the machine aerodynamic and aeroelastic performance, the
research presented in this thesis is focused addressing the following objective using extensive
experimental investigations.

» Generate total pressure and temperature distortions at the inlet of a one and a half
representative low pressure turbine stage, with the possibility to modify the intensity of the
distortions, on their axial and azimuthal positions and on their number.

» Characterize stage performance with clean inflow. In particular, the aim of this section of
project is to study the stage aerodynamics at the inlet and after the rotor row, as well the
blade vibrations in nominal operating conditions, with clean inflow.

»  Study the nature and the effects of a circumferential total pressure inhomogeneity generated
right upstream of the LPT stage onto the vibrations of the rotor blades. Additionally, define
the effect of clocking on the propagation and on the effects of the inflow pressure distortions.

» Research the effects of the non-uniform temperature circumferential distribution on the stage
aerodynamics and provide insights on the relationship between characteristics of the
inhomogeneity such as the intensity of the temperature distortion on the vibrations of the
rotor blades.

« Combine the generation of total pressure and temperature distortions at the stage inlet with
the aim to study the effects this combination on the propagation of the inhomogeneity
through the stage and the modifications determined on turbine performance and rotor blade
vibratory behaviour.
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2. FUNDAMENTALS

2.1 AEROELASTICITY

Vibration-related failures of structures are very important in mechanical engineering. Problems may
arise as a sudden failure or can be due to structural fatigue and they may be related to the presence of
flow of fluid around the structure. This effect in particular is referred to as "flow induced vibrations",
"flow-structure interaction™ or "fluid-elasticity"”. It has been extensively documented that flow induced
vibrations are of major concern in modern engineering design, as high stresses can be caused by the
interaction between a vibrating structure and the continuously changing flow characteristics, leading to
fatigue failure. Especially in aeronautics, failing to consider flow induced vibrations can have a
significant influence on the operability of the final product.

Aeroelasticity is the science which treats of the interaction of inertial, elastic and aerodynamic forces.
In 1978 Collar [4] defined the simplest form of aeroelastic saying: “if an increase in aerodynamic load
distorts a structure in such manner that the incidence changes and increases the aerodynamic load
further, then we have an aeroelastic problem”. Previously, in 1946 he described the aeroelastic
interaction for the first time graphically, defining a “triangle of forces”, still known today as Collar-
Triangle, in which the inertial, elastic and aerodynamic forces each occupies a vertex, as shown in
FIGURE 2.1.

. Inertial forces
Inertial forces (Dynamics)

(Dynamics)

Aergdynamic fprces Elastic forces Aerodynamic forces Elastic forces
(Fluid mechanics) (Solid mechanics) (Fluid mechanics) (Solid mechanics

a. Forces considered [Collar, 1946, p. 62]. b: Relations between the different forces
I: Rigid-body aerodynamics; Stability; Control

Il "Static" aeroelasticity

[1: Mechanical vibrations; Impact

I\V:  "Dynamic" aeroelasticity

FIGURE 2.1: Collar’s triangle of forces. From [5].
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In the case aerodynamic and inertia forces acting together, the loading on the structure is considered
in its static aspects (domain "I"). If the aerodynamic and elastic forces are considered together, the
resulting problem is defined as a "static aeroelasticity” (domain "II"). A third domain ("III")
contemplating the relationship between the inertial and elastic forces is referred to mechanical
vibrations. Finally, a problem considering the interaction between all three forces (aerodynamic, inertia
and elastic forces), is part of the "dynamic" aeroelasticity domain ("1V").

2.1.1 CLASSIFICATION OF DIFFERENT TYPES OF AEROELASTIC PHENOMENA

The flow through turbomachines is associated with many different time-dependent phenomena. The
main aspects of disturbances when the flow passes through a turbomachine blade row will be extensively
described in section 3.1 Regarding the relation between aerodynamic phenomena and blade mechanics,
the unsteady effects influencing the flow through the blade rows and the highly time-dependent
approaching inflow that characterise all the blade rows rotating relatively to each other are the main
sources of excitation. Moreover, potential flow interactions between passing blade rows can also
determine strong pressure amplitudes patterns, and distortions from the ideal uniform inlet flow are
always present (for example from upstream struts, partial flow admissions or combustor-turbine
interaction). Tip leakage flows, as well as secondary flow structures develop in the axial direction and
interact with wakes of the blade and vanes creating highly distorted flow effects. Furthermore, aero- and
thermodynamic gradients in both radial and circumferential direction are responsible for the flow
migrations and accumulations. Transonic and supersonic flow originate highly three-dimensional shock
structures that can be reflected and interact with the blade and casing boundary layers to create unsteady
pressure effects on the blade surface. Finally, flow instabilities can be caused as well by flow separations
at large incidence angles, for example in stall and surge conditions.

The interaction of all these time-dependent flow phenomena with the blades can generate vibrational
patterns of different shape and amplitude. To all this is added the complication determined by the
phenomenon of "self-excited" blade vibrations, i.e. the interaction of uniform and steady flow and a
structure vibrating because of one cause or another. While some of the above mentioned phenomena are
periodic, others can excite a blade stochastically or have a discrete nature. Finally, All the above
phenomena appear with different magnitude at various operating points in a turbomachine.

Regarding the classification as well as definition of vibrations, there is a multitude of formulations
in literature. An overview of flow-excited oscillations was given by Holzinger et al. in [6]. A scheme
extracted from this work can be found in FIGURE 2.2. Firstly, the main separation within flow-induced
blade vibration is between synchronous vibration and nonsynchronous vibration.
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Flow induced vibration
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FIGURE 2.2: Flow-induced vibrations. According to [6].

2.1.1.1 SYNCHRONOUS VIBRATION

Synchronous vibration may occur at frequencies that are integer multiples of rotational frequency,
called engine orders (EO). Resonance conditions causing peak amplitudes are reached when the speed
of the rotor blades crossing a periodically non-uniform flow field determines that the periodic excitation
of the non-uniform flow field coincides exactly with the blade eigenfrequency. In practice, steady blade
row interaction mechanisms, such as wakes from upstream blade rows and potential fields from

downstream blade rows, or non-uniform inflow conditions are the common cause of synchronous
vibrations.

The frequency of the engine order excitation can be defined as:

_ n

f=E0-—; 2.1)
Where EO represents the Engine Order and n the rotational speed in rpm. Considering the excitation
due to non-uniform flow field generated by upstream vane/blade rows, substituting EO with the number
of stator vanes or rotor blades gives directly the frequency of the excitation at a given rotational speed.

In addition to the effect of single blade or vane rows, also the forcing due to the interaction between
blades and vanes generated flow structures are relevant and must be taken into account. According to
Schénleitner [7] the characteristics of this excitations can be analysed based on the acoustic theory of
Tyler and Sofrin [8], Which will also be discussed in more detail in section 3.1.3. The circumferential
pressure patterns in the flow field responsible for this kind of excitation, are defined as a linear
combination of the effect of the rotor blades B and the stator vanes V:

m=h-B+k-V (2.2)

In this formulation the higher harmonic frequencies of the rotor blades are taken into account by the
index h (1, 2, 3, etc.), while k represents an integer index ranging from =oo.

Consequently, the frequency of the interaction modes can be evaluated extending Equation (2.1) as:

n
fm = (M) -5 (2.3)
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The Campbell diagram is the most commonly used tool for the assessment of synchronous blade
vibrations. The Campbell diagram shows the natural frequencies in relation to the rotor speed. This can
include both experimental and numerical data. The excitation frequencies can be plotted as Engine Order
lines according to Equation(2.1). Being linearly dependent on the speed, he EO excitation is represented
as rising straight lines in the diagram as highlighted by EO1, 2 and 4 in the Campbell diagram depicted
in FIGURE 2.3.

r 3 o
f [Hz] EO4 -
1T /,/
/.,/ -
1E ,./"”' EO2_~
1F P /,/ ) // E(_)__l___
/,./ o ___-____ — —
n [rpm]

FIGURE 2.3: Experimental Campbell diagram obtained from the data of a strain gauge applied on a rotor blade.

Intersections between the natural frequency line and the EO line represent a resonance point that
must be carefully avoided during operation. Particularly during start-up or shut-down of a machine, care
must be taken to ensure that these resonance points are passed quickly.

2.1.1.2 NONSYNCHRONOUS VIBRATION

In contrast to synchronous vibration, nonsynchronous vibrations are not linked to integer multiples
of the rotational frequency, making their prediction more difficult. A further division according to the
causal mechanisms is necessary in order to establish criteria for the recognition of nonsynchronous
vibration. Therefore, nonsynchronous vibrations are typically divided into vortex shedding, rotating
instability, and self-excited vibration. The latter is defined as a vibration for which the frequency is not
an integer multiple of the rotational frequency and the alternating force disappears as soon as the
vibration ends. Instead, since both vortex shedding and rotating instabilities can occur as simple
aerodynamic effects without any vibratory response, they are normally excluded from the category of
self-excited vibration, but depending on the amplitudes of the aerodynamic fluctuations, they both can
excite blade vibrations.

According to Camp [9],vortex shedding-driven acoustic resonance can occur if three frequencies
coincide approximately: a natural vortex shedding frequency, an acoustic resonant frequency of the duct,
and a blade eigenfrequency. Since the occurrence of vortex shedding from blade and vanes or struts
profiles, as well as cavities, is linked to overloading and off-design conditions, acoustic resonance is
likely to appear outside of the machines nominal operating condition.

Rotating instabilities have been recognised to occur in particular in axial compressors, when operated
at high operating points close the aerodynamic stability limit. This vibratory behaviour has always been
reported together with the presence of a large tip or hub clearance. Rotating instabilities originate from
a single blade row, excited by pressure fluctuations occurring in a narrow frequency band at about half
the blade passing frequency. In this frequency band several peaks are present, each representing an
aerodynamic mode. If one of the aerodynamic modes locks-on to a blade eigenmode, then a sudden rise
in blade vibration amplitude occurs. This determines the change from forced to self-excited vibration

Flutter was defined by Franson [10] as “a sustained oscillation due to the interaction between
aerodynamic forces, elastic response, and inertia forces”. The main characteristics of Flutter vibrations
are its strict bound to the blade eigenmode with no vibration below or above the blade eigenfrequency
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and the exponential growth of the vibration amplitudes. This vibrational pattern can only be stopped by
structural failure or by nonlinear effects leading to a limitation of the oscillations. Flutter occurs when
the damping of the vibrating system is negative, determining the exponential rise of the blades vibration
amplitude.

Buffeting and galloping are two other phenomena that can be grouped amongst nonsynchronous
vibrations. Buffeting is a high-frequency instability, caused on a blade/ vane by airflow separations or
shock waves induced oscillations, originating in another blade/vane. It is caused by a sudden impulse of
load increasing.

Galloping, is instead typically a low frequency high frequency movement parallel to the direction of
the flow forcing happening at a specific natural frequency. Self-excited oscillations of the galloping kind
are connected to the aerodynamic instability of the airfoil cross section, in a way that the motion of the
body generates forces that lead to an increase of the initial amplitudes. Continuously increasing
amplitudes with increasing flow velocities are typical of galloping vibrations.

2.1.2 MATHEMATICAL MODEL

2.1.2.1 SINGLE DEGREE OF FREEDOM

The simplest mathematical model of a single degree of freedom oscillator is depicted in FIGURE
2.4. The classic depiction of the mass-spring-damper system has been here modified to represent the
dynamic of an air-foil under the effect of aerodynamic load. The SDOF system in FIGURE 2.4 is
composed a mass m, a spring with the spring constant k and a damper with damping constant c. The
flow around the airfoil is characterised by velocity U(t) resulting in a pressure distribution over the
profile p(t). This pressure distribution integrated over the blade surface corresponds to the resulting
aerodynamic force F(t).

: il

=

—[x{t)
F(t)/

FIGURE 2.4: Single degree of freedom vibratory blade model

Assuming that the mass oscillates in vertical direction with the deflection x(t), it is possible to write
the equation of motion of the airfoil as:

m-X+c-x+k-x=FE() (2.4)

With:

F() = 39 p(t) - dA 25)
A
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Considering the harmonic excitation with pulsation m, F(t) = F - e!“t, the response of the system
will be of the type:

x(t) = X-el®t (2.6)
Inserting this in Equation (2.4) one obtains:
(—w?m+ iwc + k)Xe'®t = Fel®t .7

This equation can be re-written as:

F

X= (—w?m + iwc + k) (28)

Where X is a complex value. The response of the system is therefore: x(t) = |X]| - e!@t=®), The
amplitude and phase of the response are:

X = f
i@ e )T “
And:
fang = “ (win)z
L (w%) (2.10)

The transfer function that relates the amplitude of the response of the system to the excitation can be
evaluated from Equation (2.9):

1

T+ )T o

A fundamental parameter in this discussion is the critical damping factor {. In turbomachinery,
damping is composed by three main components: structural damping, material damping and
aerodynamic damping. Structural damping accounts for the energy dissipated during contacts between
parts and its magnitude directly depends on the geometry and pressure of the contacts between
components. Material damping instead is a characteristic of the material which represents the dissipation
of energy during cyclic strain. Because significantly smaller than the other two contributors, it is
typically ignored. Finally, aerodynamic damping characterises the dissipation due to the relative motion
between the blade and the fluid.

[H(w)| =

2.1.2.2 MULTIPLE DEGREES OF FREEDOM

The equation of motion of the mass point system according to equation (2.4) can be converted into
matrix form for complex systems as follows:

[M]- %} + [C]- {2} + [K] - {x} = {F(©)} (2.12)

A thorough presentation of the solution of the equation of motion for multiple degrees of freedom
system was included by Ewins and Henry in [11], on which the discussion below is based.
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2.1.2.2.1 Free vibration solution for the undamped system

It is possible to derive the basic properties considering the equations of motion for an undamped
system in the absence of any force. Equation (2.12) reduces to:

[M] - {&} + [K] - {x} = {0} (2.13)

It is possible to assume simple harmonic motion, similarly to the section above, in the form:

{x(0)} = {x}e™vrt (2.14)

If we substitute the simple equation of the harmonic motion in the general equation of motion we
obtain that Equation (2.14) is indeed a possible solution, provided that the frequency belongs to a
specific set of frequencies w, named natural frequencies and that the displacement follows a particular
pattern or mode shape [W] defined by the equation:

([K] = w2 [MD{¥}, = {0} (2.15)

The obtained displacement amplitudes are not unique. Because the equations are homogeneous, only
relative amplitudes are obtained. The mode shapes have orthogonality properties expressed by the matrix
equations:

(P} [MI{¥} = [m,]

(P KI{W} = [k, ]

In which m,. and k, represent the modal masses and the modal stiffnesses of the r-th eigenmode.
Considering that it is possible to write the system of equation of motion in Equation (2.13) using any set
of coordinates, it is possible to introduce the following coordinate set:

(2.16)

{p} =¥ {x} (2.17)
Substituting in Equation (2.13) and pre-multiplying by {¥}" gives us:
{PY [M][P]{p} + (P} [K][P]{p} = {0} (2.18)
Which can be reduced to:
[m, 1{p} + [k, 1{p} = 0 (2.19)
In which each individual equation looks like:
mypr + kypr =0 (2.20)
This leads directly to the solution that:
wy" = —— (2.21)
According to the scaling of the mode shapes, the values for k,. and m,. vary, differently from they
ratio, which is uniquely equal to the square of the natural frequency.lt is convenient to scale the modes

in a specific way known as mass-normalisation. This requires to divide all the elements of [¥],.by vm,.,
obtaining:
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{0}, = (m) Y2y}, (2.22)

From this normalisation it is possible to obtain a more effective from of the orthogonality statement
presented in Equation (2.16):
{@} [M]{®} = [I]

(P} [K]{D} = [w,?] (2.23)

Were [w,-2] is a diagonal matrix.

2.1.2.2.2 Forced vibration solution

Considering a damped system under the effect of harmonic excitation forces allows us to study the
frequency response properties of the system. Similarly to the single degree of freedom case presented
above, if we consider that the excitation forces are represented by a simple harmonic function:

{f(©O} = {r1e'* (2.24)

This gives reasonably origin to a sinusoidal response of the type:

{x(D)} = {x}e't (2.25)

The excitation and response functions are related by the frequency response function matrix [H (w)]
as follows:

{x}e'®t = [H(w)]{f}e'* (2.26)
Substituting Equations (2.24) and (2.25) in (2.12) it is possible to obtain:
[H(w)] = (—0? [M]+i-w-[C]+ KD (2.27)

Applying the modal transformation already seen for the free vibration undamped case, the last matrix
equation becomes:

[H(w)] = [®][(1,2) — w?] " [@]7 (2.28)

And the individual element results:

N
rd: rd
(W) = Z —r (2.29)

This equation gives the harmonic response per unit of harmonic excitation. It can be demonstrated
that the harmonic response provides all the necessary information to evaluate the forced response of a
system to any kind of excitation (such as periodic but non-harmonic or transient and non-periodic).

The advantage of the modal transformation is that with large systems (many masses or degrees of
freedom) the amplitude of the forced response can be calculated with ease. In addition, the system can
be reduced with the modal transformation, by omitting higher eigenmodes that make only a small
contribution to the overall oscillation. This is the so-called modal reduction, widely used in modern
numerical analysis FE software.
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The frequency response equation can be also used to evaluate the natural frequencies and modes of
structures by means of experimental measurement. Essentially the frequency response matrix can be
calculated by measuring the vibration amplitude, e.g. with an accelerometer or laser vibrometer, and the
force amplitude of the excitation (e.g. with an impulse hammer) by dividing the Fourier transforms of
the time signals of the displacement and the force. This procedure is the basis of the so-called
experimental modal analysis.

To conclude, an illustrative representation of the equilibrium of forces according to Equation (2.27)
in the complex plane can be seen in FIGURE 2.5.

(Structural) damping
forces
Im
Aerodynamic force

Aerodynamic damping
force

Re

Inertial forces Elastic forces

[H(w)] = (Fo? - M]4]i- 0 - [c] ] 1kD

FIGURE 2.5: Aeroelastic force equilibrium in the complex plane. Adapted from [8]

2.2 VIBRATIONS IN TURBOMACHINERY

The attention of this section is focussed on the combined effects of the aerodynamic and structural
dynamics phenomena in turbomachinery. The typical rotor in any turbomachinery application is
structured as a bladed-disc assembly with a number of Blades mounted on a support structure, typically
a disc. In this discussion the characteristics of the two components will be examined separately.

2.2.1 STRUCTURAL CHARACTERISTICS OF BLADES

Understanding the dynamic characteristics of individual blades is essential in order to be able to
study the dynamics of the assembly. The geometry of the blades is undoubtedly complex. Key
geometrical aspects are: the relatively thick and complex shape of the root structures; the extremely thin
trailing edges; the varying heights of blades at leading and trailing edges; blade twist and tilt. Despite
this, most turbomachinery blades can generally be regarded as beams or plates in respect of their
vibratory behaviour. In particular, the vibration modes of rotor blades can be well represented by simple
1D or beam models. Only in particular cases the extra dimension provided by a 2D plate-like model is
required. In both cases, the vibratory movement is normal to the blade longitudinal coordinate (the radial
axis of the machine). Special cases exhibiting a significant displacement along the radial direction need
full 3D modelling, but represent only a small fraction of the cases.

2.2.1.1 VIBRATION OF CONTINUOUS BEAMS

A typical beam-like structure is depicted in FIGURE 2.6. The mode shapes can typically be grouped
in three families: flap-wise bending, edge-wise bending and torsion around the longitudinal axis.
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FIGURE 2.6: Uniform cantilever beam blade model and first three mode shapes.

In order to study the dynamic behaviour of the blade, the case of bending of the Bernoulli-Euler beam
with a constant cross-section will be considered. An explanatory scheme is depicted in FIGURE 2.7.
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FIGURE 2.7: Cantilever beam with external time-varying load.

Studying an element of the vibrating beam, it is possible to find that the equilibrium equation is:
W + EI oItw _ t
mo5 p p(x,t) (2.30)
Where m' represents the distributed mass and p(x,t) the distributed load. Considering he
homogeneous solution of the differential equation one has to solve for p(x, t) = 0:

0w d*w

mwﬁ'Elm:O (2.31)

The equation can be solved considering the separation approach, considering that the solution will
be of the type:

w(x,t) =yP(x) - T(t) (2.32)

By applying the derivative and then substituting in the homogenous equation, one can obtain:
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10°T  EI10%

- - __ - F_ _ .2
Toz  myoxt (2.33)

This equation is only satisfied if both terms are constant and therefore we can introduce the constant
—w?. This generates two ordinary homogeneous differential equations of the second order with constant
coefficients, which can be solved with the help of an exponential approach.

9°T
FTo w?T =0 (2.34)
o
B =0
Ox*
) (2.35)
am o,
B =g

These two equations can be solved as follows.

T(t) = B, cos(wt) + B, sin(wt) (2.36)

P(x) = A; cos(Bx) + A, sin(ft) + Az cosh(Bx) + A, sinh(Bx) (2.37)

With the corresponding boundary conditions and initial conditions, the eigenfunctions ¥ (x), i.e. the
eigenmodes (up to an undetermined constant), and the eigenfrequencies w can be determined. The
eigenfunctions can be combined to form the total solution of the homogeneous differential equation:

o)

w(x,t) = Z [A1y, cos(Bpx) + Ayp sin(Brx) + A3y, cosh(B,x) + Ayy sinh(B,x)]

n=1

(2.38)
* [B1, cos(wyt) + By, sin(wy,t)]

Considering the orthogonality relationship between eigenmodes, without normalisation of the
eigenmodes, the following applies in general:

L . .
[ wicoweoax={)71 2 (239)

Where g is the scaling factor. Analogously to the multi-mass oscillators, form Equation (2.39) it can
be derived:

. 0%

f m'p; (x)P;(x)dx = {mgenl,i i] (2.40)
L 0' . + .

f ENp; (onp; (x)dx = {Cgenl’i J j 2.41)

It is possible to obtain the particular solution applying the modal transformation method, since we
know from the previous chapter that the total oscillation can be represented by a superposition of
correspondingly scaled natural oscillations. Considering a harmonic forcing function of the form:

p(x,t) = p(x)cos(Qt) (2.42)
It is possible to assume that the system response will also be harmonic, particularly in the form of:

w(x,t) = w(x)cos(t) (2.43)

Substituting in the differential equation one obtains:
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-m'Q*W(x) + EIW" (x) = p(x) (2.44)

To solve this equation, it is possible use a modal approach in a form called development according
to eigenfunctions:

w(x) = z qipi(x) (2.45)
i=1
The external loads according to the eigenfunctions, the so-called modal loads, are expressed as:
px) = Z pii(x) (2.46)
i=1
The definitions in Equation (2.45) and (2.46) can be inserted in (2.44), obtaining:
N , Y] _ N
Z q; [—m Q% (x) + EI 6;4 ] = Z piYi(x) (2.47)
i=1 i=1
From Equation (2.33) we know that:
o*;(x
EI ;l"f ) o) (2.48)
X
This leads to:
Z qi[-m'Q%P;(x) + m'w;?] = Z piYi(x) (2.49)
i=1 i=1

From the last equation, considering the orthogonality properties the modal coordinate can be
calculated. It can be seen that tit is similar to the solution of a single-mass oscillator:

R o S
ql - m,[wiz _ QZ] (250)

The value of p; is unknown, but reorganizing the orthogonality properties, one can obtain:

17
m=afwmmm (251)
0

Substituting back into Equation (2.45) yields the amplitude function as a superposition of the
individual eigenmodes. Putting everything back into (2.43) gives the solution of the differential
equation. The solution shows that for a system to oscillate at a certain eigenmode, this eigenmode must
be contained in the forcing function to be excited. For instance, this means that if the beam is at the first
eigenmode, it only oscillates with this one eigenmode and the others do not contribute to the overall
oscillation.

A similar analysis can be done also for torsional and axial vibration of the beam, leading as well to
partial equations of motions. The general solution takes different form in each case, but a general
similarity can be found in all of them.

According to [11], the strain vector can be linked to the stress vector with the following definition:

{0} =[E]-{¢} (2.52)

Integrating over the whole structure gives an expression for the strain energy:
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1 1
Barain =5 | (0} dr =5 [ (7 [)e) @59

This quantity represents the energy stored in a system undergoing deformation. Considering linearly
elastic materials, integrating over the structure leads to:

1 2
Estrain = 2 VEe (2.54)

Where V is the volume of the structure.

2.2.1.2 FACTORS INFLUENCING THE VIBRATION PROPERTIES OF BLADES

As real blades are generally more complex than the simple beam model, several design feature
influence their vibration properties, primarily the natural frequency and the mode shapes. In particular,
the complex geometry, including non-symmetric and non-uniform cross sections; the root attachment
flexibility; the effects of real operating conditions, such as rotation and thermal effects.

Regarding the complication arising from complex geometry needed for aerodynamic performance,
the blades geometry varies in several aspects along the height. The section area can vary if the blade is
tapered, the geometrical centre of each section may not be aligned on one longitudinal axis and the
orientation of each section may differ in the case of twisted blades. All this common geometrical features
have a direct effect on the blade vibratory characteristics, as reported by Ewin and Henry in [12]. In
details, tapered blades exhibit a modification of the eigenfrequencies, while longitudinal twist and non-
symmetries both determine more complex mode shapes but affect less the natural frequencies.

Even though it is common to consider that the blade root presents a grounded or cantilever base, this
is hardly the realistic configuration of an actual design. Both the disc and the blades possess some degree
of flexibility, as will the contact between the two components. These flexibilities generally reduce the
rigidity of the boundary condition at the root of the blade lowering its natural frequencies with respect
to those of an ideal cantilever beam. It has been observed that short and very stiff blades are the most
affected by root flexibility effects. This must be considered for the correct prediction of mode shapes
and eigenfrequencies. Furthermore, the effects of the disc and contact flexibility must be taken into
account for a complete modelling of the entire assembly.

A number of additional factors interact with the blade structural dynamics while the blade operates
in its environment. Centrifugal forces generated by the rotation is one of the most relevant. One result
of centrifugal forces is the influence on the blades geometry. However, the most relevant consequence
is the stiffening effect, which causes an increase in the natural frequency and a modification of the mode
shapes. Vibrations normal to the plane of rotation are more influenced, since the radial forces generate
a restoring force that counteracts the blade displacement. Instead, for vibrations in the plane of rotation
the restoring component of the centrifugal force is small and therefore the stiffening effect is negligible.

The effect of the centrifugal forces can be evaluated considering the mass point system defined in
Equation (2.12) and adding the effect of the centrifugal force:

{F.} = Q*[M] - {x} (2.55)
Substituting this last definition in the system of Equation (2.12) one obtains:
[M] - (&} + [C]- {2} + (K] — Q*[M]) - {x} = {F ()} (2.56)
Considering the case in which the Coriolis effect can be neglected, the solution of the system can be

related to the solution of a classical un-damped system. If the motion is therefore assumed to be simple
harmonic, the effect of the rotational speed on the eigenfrequencies can be derived from:
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Another important element of real operating conditions is the temperature. A significant temperature
change determines a change in the elastic modulus, effecting the eigenfrequencies. According to [12],
the effect of high temperatures is generally to reduce the material stiffness, in some cases even to
override the effect of centrifugal stiffening, determining a reduction of the natural frequencies. An
accurate knowledge of the operating temperature and modulus-temperature relation of the blade material
are key to correctly evaluate the blades vibration modes.

2.2.2 STRUCTURAL CHARACTERISTICS BLADED-DISC ASSEMBLIES

The purpose of the “disc” in the blade-disc assembly is purely structural, i.e., to carry the blades and
to transfer the torque from the blades to the shaft. When considered as a part of the bladed-disc assembly,
the disc participates in the vibratory motion of the assembly according to its flexibility. Excitation
frequencies resulting from blade row interactions can excite the disc as well as the blades themselves.

The oscillation of the disc naturally leads to blade oscillations. This kind of excitation is denominated
contact excitation in the blade root.

The circular symmetry of the disc permits the generation of cyclically symmetrical vibration patterns,
as shown in FIGURE 2.8. The figure schematically shows the diameter of the nodes. The resulting
vibration patterns of a disc are generally referred to as the node diameter (ND). In the case of bladed
rotors, this also depends on the number of blades.
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FIGURE 2.8:Schematic visualisation of the concept of Nodal Diameter. From Vogt [13]

Understanding the dynamic characteristics of blade assemblies is crucial to correctly calculate flutter
and resonance of rotors. The coupling between blades due to the presence of the disc and/or shroud
support structure determine different vibratory characteristics from those of individual blades. In
particular, as noted by Srinivasan in [14] bladed-disc assemblies” mode shapes and eigenfrequencies are
influenced by characteristics of individual blades; by the blade-disc contact type, by the contacts
between support structures including part-span or tip shrouds; and the presence of mistuning.

In bladed-disc assemblies, the number of possible nodal diameters extends only to a maximum
number depending on the blade count:

Even blade count: ND,, 4, =

- 2.58
Odd blade count: ND,,,q, = % (2.58)

From the definition of nodal diameter can be obtained the concept of interblade phase angle (IBPA),
representing the phase shift that is present between each blade when the bladed-disc assembly vibrates
at a specific nodal diameter. The interblade phase angle is defines as:
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Forward traveling wave: _2-m-ND
0°<IBPA<180° IBPAtorwara = —p——
. (2.59)
Backward traveling wave: - 2-mt-(B—ND)
180°<IBPA<0° IBPApackwara = 5

The vibratory patterns are not necessarily perfect and may depend on the presence of extent of
irregularities in the dynamic characteristics of blades, namely the level of mistuning. If this is low and
the geometrical and structural characteristics the blades are in essence identical, then the resulting
vibratory pattern is regular and a certain nodal diameter and nodal circle mode can be recognised easily.
On the other hand, a system with high mistuning shows a vibratory behaviour that may defy easy
explanation.

Finally, FIGURE 2.9 Represents the first blade only and bladed-disc assembly mode shapes for the
low pressure turbine unshrouded rotor used for the experimental activity presented in this thesis,
evaluated by means of finite elements analysis
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FIGURE 2.9: Blade and bladed-disc assembly mode shapes.
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3. LITERATURE REVIEW

3.1 Low PRESSURE TURBINE AERODYNAMICS

3.1.1 SECONDARY FLOWS

According to Denton [15] endwall effects generate about one third of the total aerodynamic loss in a
turbine. The dissipation that occurs in the boundary layers of the hub and casing and from the secondary
flow, which is generated when the non-uniform inlet flow rotates through the row of blades, is the cause
of these losses. Most of the early basic studies concerning endwall flows are based on investigations
carried out in linear cascades, which represent an approximate model for the behaviour of the real
engines. During many decades of experimental research, a detailed understanding of the flow behaviour
has been gathered. Many works summarized the knowledge on secondary flows in the past years, for
instance the review papers of Sieverding [16] and Langston [17], the studies of Hodson and Dominy on
three dimensional flows in LPT cascades [18] and the works of Sharma and Butler [19] on the prediction
of the losses generated by secondary flows . A more recent study on the impact of key design parameters
on the endwall flows and losses in turbines was presented by Coull [20]. The paper reported on a
parametric study on a linear cascade and demonstrated that endwall losses can be divided in two
components: one due to secondary flows and another one induced by the dissipation associated to the
boundary layer.

A clear description of the causes driving the formation of endwall flows was given by Lampart [21].
In this work, the passage vortex is identified as the main type of secondary flow. The origin of the flow
recirculation in the blade passage that leads to the formation of the passage vortex is found in the cross
flow that forms in the boundary layer as a result the equilibrium of the forces that act on the fluid particle
in its curvilinear motion. The momentum equation in the cross direction can be written as:

pv® dp

R  or

Where v represents the velocity, p the pressure, p the density, R the streamline curvature radius and

n the normal coordinate. Since a decrease of velocity is experienced by the flow in the boundary layer,

in order to balance the cross-stream pressure gradient formed in the channel, the streamline curvature

radius in the boundary layer flow needs to be reduced. Consequently, flow in the boundary layer turns

more than the main flow in the blade-to-blade channel, leading to a crossflow from the pressure surface

of one blade to the suction surface of the adjacent blade in the endwall boundary layer. A recirculating

cross flow is then created higher in the channel, as a return flow compensating the cross flow in the

boundary layer. The passage vortex originates from this recirculating flow. Due to the pressure

difference existing between the pressure and the suction side channel, the passage vortex locates near
the blade suction surface downstream in the blade-to-blade passage.

(3.1)

A schematic depiction of the resulting vortex structures that constitute endwall flows is depicted in
FIGURE 3.1. The diagram is reported from Coull [20] and is based on the flow field obtained with a
RANS simulation.
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FIGURE 3.1: Three dimensional division of the boundary layer in a turbine cascade. Picture from [20].

The horseshoe vortex (HV) originates when the incoming endwall boundary layer, which is subject
to the same static pressure field as the freestream flow, separates in the adverse pressure gradient
approaching the blade leading edge and rolls up into two vortical structures. The static pressure gradients
determine the trajectory of the HV. In particular, the suction side leg (HV-SS) remains attached to the
suction surface of the blade, whereas the pressure-side leg (HV-PS) drifts toward the low-pressure
region near the suction surface of the adjacent blade. Crossing the passage, the HV-PS leg interacts with
the pressure-to-suction side cross flow near the endwalls joining the main passage vortex (PV). Once
the passage vortex reaches the suction surface of the adjacent blade, it interacts with the blade surface
and with the HS-SS from this blade, which is counter rotating respect to the passage vortex and is
therefore named counter rotating vortex (CV). The two vortices then rise on the blade suction surface
up until the midspan region. The HV is actually a system of counter-rotating vortices. One system of
smaller vortices is created on the blade suction surface from the interaction of the passage vortex and
the counter vortex. Additionally, the blade-to-blade cross flow in the boundary layer often lifts off at the
blade—endwall junction, generating corner vortices. Between two passages, near the blade trailing edge,
the two passage vortices, each belonging to one passage, interact with the wake flow, leading to the
generation of a vortex sheet downstream of the trailing edge. This sheet of vortices is counter rotating
to the corresponding passage vortex. Numerous authors reported variations from the basic description
of the flow pattern given here. This suggest that the problem of secondary flow structures is actually
depending on the particular design of each application.

A complication to the above-mentioned description of the endwall flows is encountered when
considering purge flows. The main task of purge flows is to seal the cavities between rotating and static
parts in the turbomachine, avoiding the ingress of hot air in the axial gaps. It is therefore intuitive to
consider that the presence of purge flows in the region near the endwalls will consequently influence
the structures related to the secondary vortices. This interaction mechanism is interesting for the scope
of this work because the influence of the purge flows on the main flow features propagating from the
HPT, and from the upstream components in general, can generate disturbances in the inflow field of the
LPT. This can determine distortions of both temperature and pressure at the inlet of the LPT stages.
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Therefore, it is interesting to study the results of the several studies published in the previous years,
dealing with the interaction between purge flows and secondary vortices. The entrainment of cavity flow
into the rotor hub passage vortex was observed by Paniagua et al. [22]. The vortex resulted reinforced
and experienced a migration towards the midspan. This study demonstrated a 30 K decrease of the
passage vortex temperature, due to the interaction with the colder purge air.

Similarly, a strong interaction of the purge with the rotor hub passage vortex was found by Jenny et
al. [23], [24] and Regina et al. [25]. In their studies the authors found out that the purge flows caused a
radial shift of the hub passage vortex position. These results were supported by other studies published
by Ong and Miller [26], who demonstrated that the coolant injected from the cavities is entrained into
the rotor secondary flows. Additionally, Jenny et al. [23] also reported higher unsteadiness, identified
by means of higher total pressure root-mean-square (RMS) was observed in the vortex cores when purge
flows was injected. As a consequence of the stronger secondary flow structures, both the vorticity and
the flow unsteadiness increase due to the entrainment of purge flows. Furthermore, also the flow angle
at the rotor exit is influenced by the interaction between the purge air injection and the secondary flows,
as demonstrated by [22], [25] and Dahlqgvist and Fridh [27]. In [27], a relationship between the change
of Mach number and swirl angle at the rotor exit due to the intensification of secondary flow structures
was obtained as well. Therefore, the influence of purge flows on the secondary vortices determines
effects that can be transported downstream of the HPT and determine distortions at the LPT inlet.

Measurements focussed on the study of purge flows effects on a TCF and LPT system were carried
out by Zerobin et al. [28] and by Sterzinger et al. [29]. In the first work, the measurement data illustrate
the interaction of the purge flow with the main flow, determining the enhancement of the secondary
flows. The aerodynamic performance of the duct depends on the amount of purge air injected in the
main flow. Additionally, clocking effects were noticed. The authors ultimately demonstrate that it is
convenient to reduce the amount of purge air required, in order to increase the engine system
performance by increasing the TCF efficiency. Sterzinger et al. [29] focussed on the effects due to the
modification of the TCF inlet conditions, generated by different purge flowrates, on the flow through
the TCF duct and the effects on the LPT stage inlet flow field and performance. This study concluded
that the purge flow vortices must be taken into account during the LPT design process. In particular, the
effects of the purge flow vortices, which cause radial migration depending on the purge flow rate, need
to be careful integrated in the design process to further improve LPT efficiency.

3.1.2 TIPLEAKAGE FLOWS

Considering that the test rig setup used within this project has an unshrouded rotor, the effects of the
clearance existing between the rotor blade tip and the machine casing have to be taken into account. The
unshrouded configuration is rather unusual for a low pressure turbine, this design was chosen to promote
the formation of rotor-stator flow interactions, since the test rig was designed with the aim to maximise
aeroacoustics and aeroelastic phenomena.

The combination of unshrouded rotor and rotor tip clearance considerably affects the secondary flow
features in the tip region, as reported in the review by Sjolander [30]. A schematic view of the tip leakage
flow topology is depicted in FIGURE 3.2. The driver for the creation of the leakage is the pressure
difference between the suction and the pressure side of the rotor blade. This leads to a tip jet
characterised by high velocity and high losses. The jet moves from the pressure side to the suction side,
where it rolls up and mixes with the main flow in the blade passage, giving origin to the typical tip
leakage vortex counter-rotating to the passage vortex. The flow approaching the blades tip senses the
adverse gradient due to the presence of the blade and divides into two separate streams, one smaller
heading to the suction side of the neighbouring blade across the blade-to-blade channel, and one main
stream flowing over the blade tip towards the blade’s suction side. The tip leakage vortex and the cross-
flow interact in the channel with the passage vortex.
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FIGURE 3.2: Sketch of the tip leakage and passage vortices at the tip endwall with clearance. Adapted from
[31].

The loss performance caused by tip leakage flow has been studied extensively for many years, for
instance by Bindon [32] and Moore and Tilton [33]. According to Denton [15], the simpler effect caused
by flow leakage over the blades tip, is a modification of the mass flow in the blade passage. In a turbine,
the jet flow leaking over the blade tip has a higher meridional velocity so that the mass flow through the
rest of the blade must be reduced. This modification of mass flow results, for unshrouded blades, in a
loss of lift at the blade tip which occurs both because the blade length is reduced and because the blade
loading drops towards the tip.

Additionally to the in depth work of Denton [15], an extensive study of the tip leakage flows in
turbines was given by Lampart [31]. According to this author, the flow typically separates from the
sharp edge of the blade tip at the entrance of the tip gap. Therefore, the separation generates contraction
in the tip clearance. The flow will reattach on the surface of the blade tip if the blade is thick enough.
Downstream of the clearance gap the leakage flow encounters the pressure gradient of the blade-to-
blade channel and forms a vortical structure that is convected downstream. Since the tip leakage flow
follows the pressure gradient across the tip gap, its direction is not the same of the main flow when it
re-enters the blade passage. The flow over the blade tip generates a significant increase of axial forces
on the blade, between 5 and 10% depending on the geometry of the blades and the tip gap dimensions.
A scheme of the flow in the tip gap region to support the explanation is given in FIGURE 3.3.
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FIGURE 3.3: Tip leakage flow over unshrouded rotor. Adapted from [31].
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The behaviour in the tip gap region depends on the blade tip dimension. In particular, in case on thin
blades, the re-attachment is most unlikely to occur. Several flow parameters also influence the tip
leakage over unshrouded blades. In particular, the gap size, the flow turning in the blade row, the flow
inlet angle and the blade-casing relative motion. All these parameters were studied by several authors
in recent years.

Studies on the effect of clearance on turbine rotors were performed for instance by Yoon et al. [34]
and Sell et al. [35]. In their work [35] they investigated and compared four different tip gap sizes, i.e.
0%, 1%, 3% and 5%, in an annular cascade. While the smaller clearance determines the origin of a
stagnation point, similarly to the case without tip gap, the largest clearance case allows the fluid to flow
undisturbed over the blade. Moreover, the work of Lampart [31] suggests that the relation between the
dimension of the passage vortex and the tip leakage vortex depends on the tip gap size. Results show
that 25% of the axial chord downstream of the rotor trailing edge the size of the tip leakage vortex
increases while the size of the passage vortex decreases with the increasing tip clearance size.

The effect of the inlet yaw angle was presented by Coull and Atkins [36] describing results obtained
with numerical simulations. The incidence variation at the inlet of the blade determines a modification
of the direction of the leakage flow over the blade. This caused the ejection of the leakage flow at
different positions along the blade chord from the SS depending on the inlet flow angles. Moreover, the
position and the intensity of the tip leakage vortex and the passage vortex depend very much on the
incidence angle.

The flow turning in the blade row also influences the tip leakage flow, in particular, it affects directly
the cross-flow in the endwall region. According to Lampart [31] a lower turning determines a quick
dissipation of the tip passage vortex resulting from the interaction with a more intense tip leakage vortex.
On the contrary, the role of cross-flow in the endwall region increases with the flow turning and the
passage vortex is generally able to form before the tip leakage flow leaves the tip gap.

The effect of the relative motion between the outer casing and the blade was studied amongst others
by Coull [36] and Tallman and Lakshminarayana [37]. The later work shows in particular that in turbines
the relative motion decreases the mass flow through the tip gap and decreases the losses. An additional
effect highlighted by this study is that some of the leakage flow is not entrained in the vortex, but is
instead located around and underneath the vortex, contributing to the development of a strong secondary
flow in span-wise direction.

Considering that the machine under investigation is a rotating turbine, the rotational effects must be
taken into account. McCarter et al. [38] studied the modifications that the rotational effects and the
Coriolis forces have on the turbulence structure in the tip leakage flow and on secondary flow as
compared to cascades. The main focus of this investigation was the origin as well as the development
of the leakage flow including its interaction with secondary flow features. In particular, it was observed
that a scraping vortex develops due to the relative motion between blades and casing. The authors stated
that the propagation of the tip leakage flow into the main flow is reduced by the scraping vortex. The
presence of a scraping vortex was also observed byCoull [36], when realistic inlet conditions including
the relative casing motion were considered for the numerical simulations.

The tip leakage flow is very relevant for this work because the steady and unsteady behaviour of the
flow in the tip region is highly influenced by the presence of distortions in the stage inlet flow. It will
be shown that both temperature and pressure disturbances have a strong effect on the tip leakage vortex.
According to the already mentioned work of Coull [36], the flow angle modifications a the rotor inlet
are responsible for changes in the behaviour of the tip leakage flow. Additionally, the boundary layer at
the tip end wall, which influences directly the extent of the secondary vortices in this region, depends
directly on the inlet total pressure and temperature.

3.1.3 WAKES AND STATOR-ROTOR INTERACTIONS

A turbine generally consists of a series of stators and rotor rows. All the secondary flow features that
were introduced in the precedent sections, together with the wakes of each blade/vane row, interact with
each other and with the adjacent stator or rotor. Therefore, a very complex flow field downstream of
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each turbine stage originates from such interactions. The bulk of the aerodynamic results that will be
presented in this thesis are representative of the flow field downstream of a LPT. Furthermore, acoustic
reflections and multiple blade-row effects have an impact on aeroelastic behaviour, as stated by Sotillo
and Gallardo [39].Thus, the main stator-rotor flow structure interactions will be examined in this section.

The evolution of a turbulent wake in a low pressure turbine blade passage was studied by Stieger and
Hodson [40] by means of Laser Doppler Anemometry (LDA) measurements in an LPT cascade. The
unsteady flow visualized by perturbation velocity vectors is visible in FIGURE 3.4. The perturbation
velocity is defined as the difference between the ensemble average and the time-averaged velocities.
The figure can be used to identify the main processes that characterises the convection of the wake
within the blade row, namely bowing, reorientation, elongation, and stretching.
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FIGURE 3.4: Perturbation velocity vectors from LDA measurements at six time instants through the wake-
passing cycle. From [40].

Since the 80s, many studies have been performed in turbine research facilities in order to increase
the knowledge and understanding of the unsteady flow interactions. Binder et al. [41] presented detailed
measurements carried out by means of laser velocimetry near and within a single stage cold air turbine
rotor. This work describes the periodical and random unsteady effects of the stator wakes impinging on
the rotor blades. In particular, the non-uniform stator outlet flow impinging on the rotor blade row
determined high turbulence levels in the wake regions and the in the secondary flows. The influence of
the stator wakes in the rotor section was shown to generate two circulation regions, characterised by
over-turning inside the wake flows and under-turning outside of it. Additionally, the authors highlighted
the importance of the high turbulence intensity originating from high fluctuation of the flow in the wake
region in connection with the low relative velocities measured near the pressure side of the rotor blade,
that could significantly affect the boundary layer behaviour.

A work describing an investigation of stator-rotor wake interactions in axial flow turbines was also
presented by Hodson [42]. This investigation focuses onto the free-stream unsteadiness caused by the
interaction of the stator wakes with the rotor blades found in the rotor passages of a large-scale, single-
stage air turbine. The wakes of the stator row are chopped by the rotor blades and after passing through
the rotor they consist of individual segments which lie between the wakes of adjacent rotor blades.
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Consequently, the flow reaching a subsequent stator row would contain both rotor and 1st-stator wake
generated unsteadiness. Therefore, the complexity of the unsteady flow increases after each blade row.

Results of experiments directed at the understanding of the unsteady mean and turbulent flow in a
large-scale 1.5 stage research turbine were presented by Sharma et al. [43]. While the stator exit flow
was shown to be essentially steady, two different flow regimes were identified at the rotor exit,
corresponding to maximum and minimum interaction of the rotor with the vane wakes. While during
the maximum interaction the vane wakes merged with the rotor wakes, determining a uniform mid-
channel flow and strong secondary flow vortices, during minimum interaction the vane wakes entered
the rotor passages between airfoils generating lower uniformity in the mid-channel and less defined
secondary vortices. Ultimately, the authors pointed out that it is important to identify and understand the
interaction mechanisms as they are relevant to evaluate the losses in turbines.

The unsteady blade row interaction in multi stage low-pressure turbines were studied by Arndt [44]
with hot-film probes located downstream of every blade row. This investigation showed that the rotor-
rotor interactions have a profound influence on the flow through the LPT. The interactions between
wake flows result in periodic and turbulent velocity fluctuations downstream of each rotor row. The
work highlighted also a significant difference in wake depth and turbulence level downstream of each
stage.

Using both computational and experimental evidence, Rose et al. [45] studied the thermodynamics
of the vanes wakes as they interact with the rotor blades. In particular, it was observed that the wakes
accelerate more than the free-stream in the rotor blade passage due to their migration towards the suction
side and to the increase of relative total pressure given by isentropic work. The main implication that
this results have is that the effects of unsteady interaction is to moderate the mixing losses in existing
machines, therefore the authors suggest that a possible route to higher turbine efficiencies is to consider
stronger unsteady interaction. Clearly this design philosophy must take into consideration the effects on
forced response and noise emission.

Results obtained in the same test rig used for this work were presented by Lengani et al. [46].
Unsteady measurements with a fast response pressure probe downstream of an unshrouded low pressure
test turbine with an uneven blade/vane count, allowed the author to identify the importance of the tip
leakage vortex for the flow field downstream of the stage. The key outcome of this study is that the
interactions between blade and vanes of the stage can be explained by means of rotating pattern
according to the aero-acoustic theory presented by Tyler and Sofrin [8]. Therefore, the fluctuations
downstream of the rotor can be seen as a superposition of rotating patterns due to so called spinning
modes. The amplitude of the fluctuations induced by the stator/rotor interaction evaluated by means of
modal decomposition is comparable to the unsteadiness induced by the rotor alone. The additional
unsteadiness in the flow can be recognised employing time-space plots, which show the time history of
one flow quantity over the circumferential measurement sector at one specific radial height. FIGURE
3.5 depicts the time space plots of relative exit flow angle for three radial heights and relative Mach
number at the central span position reported by Lengani in [47]. Similarly to the already presented work
by the same author, the measurements were taken in the flow field downstream of an LPT rotor blade
row. Observing the plots, it is possible to note the effects of the stator wakes, represented by the
repetition of similar structures in vertical direction. The stator wakes are chopped by the inclined traces
of the rotor wakes. Furthermore, a spinning mode was recognised by the author as an inclined line
connecting the regions at low momentum of the rotor wakes. This is the result of the sum of two causes:
rotor-stator interaction and uneven blade/vane count.
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FIGURE 3.5: Time-space plots of relative exit flow angle for three radial heights and relative Mach number at
the central span position. Adapted from [47]

3.2 AEROELASTICITY AND VIBRATION RESEARCH IN TURBOMACHINERY

The problem of vibration excitation has occupied engineers and researchers worldwide in all fields
of technology for many decades. Regarding the turbomachinery field, the experimental research has
been strongly focused on compressor development since the early 1960s. In general, experimental
turbomachinery research represents a major challenge. In addition to high financial and technical costs
for test rig construction and operation, difficult boundary conditions due to high speeds, temperatures,
pressures and flow velocities must be taken into account. Furthermore, blade vibration measurements
of rotating machines represent an exceptional challenge. This section gives a general overview of the
current status of vibration research in the field of turbomachinery, including both experimental and
numerical studies on vibration excitation and on the prediction of the vibrational behaviour in
compressors and turbines.

3.2.1 COMPRESSORS

An extensive series of experimental and numerical investigations on compressor rotor blades aero-
mechanics exist. In a very influential publication, Zielinski and Ziller [48] presented a measurement
approach for blade vibration studies. In contrast to strain gauges, non-contact blade vibration
measurement does not require physical contact with the blades. The methodology relies on a capacitive
system and was validated in compressors environment. Having several probes distributed around the
circumference of the housing, a signal is generated each time a blade passes a probe. Blade oscillations
determine anticipated or delayed passage under the sensor, depending on the blade deflection. Compared
to telemetry systems and strain gauges, this indirect vibration measurement technique is less complex
mechanically, but more time-consuming and expensive.

The effect of the aerodynamic mistuning on the stability of a compressor cascade was investigated
experimentally by Malzacher et al. [49]. Positive and negative blade mis-staggering were applied to
achieve the mistuning. The author found that mis-staggering can determine a stabilizing or destabilizing
effect. Even though the effect of structural mistuning could compensate the effects of the aerodynamic
mistuning, the finding of this work suggests that a safety margin must be applied to account for
aerodynamic mistuning.
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Extensive and complex experimental investigations on a research transonic compressor were carried
out by Holzinger et al [6] and [50]. Using strain gauges, tip timing and transient pressure transducers,
the authors were able to measure and thoroughly explain the underlying physics of delicate phenomena
such as rotating instabilities, flutter and acoustic resonance. In [50] the relationship between tip
clearance and aerodynamic damping was tested. During this campaign, high vibrations limited the
compressor operation range. At a closer look rotating instabilities were found to be the cause of the
vibration. The authors presented data demonstrating that the rotating instabilities starts as an
aerodynamic phenomenon to then develop into flutter of critical amplitude, as reported in the plots
showed in FIGURE 3.6. In the figure, both the bar graph (above) and the spectrogram (below) display
an increasing activity of vibrational mode M2 as the compressor back-pressure is increased, leading to
the onset of flutter with forward travelling wave nodal diameter ND7.
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FIGURE 3.6:Measurement data representing compressor behaviour during flutter of the mode M2. From
[50].

A numerical tool to analyse and predict forced response and aerodynamic damping of conventional
compressor blade was developed by Mayorca et al. [51]. Within this work the authors take into account
blade mistuning and compare their results with experimental measurements. The outcomes depend very
much on the quality of the mapping between CFD and FE as well as on the model simplifications. In
particular, to support the necessity of experimental focussed studies, the differences in aerodynamic
damping between numerical simulations and experimental measurement ranged from 40% to 90%.

A numerical study aimed at the improvement of flutter stability of a fan blade was presented by
Stapelfeldt et al. [52], who applied two different approaches, namely aerodynamics and aeroacoustics
alterations. In the first case, radial distribution of the stagger angle was applied to stabilise the blade. In
the second approach, the flutter margin of the fan was improved significantly by bleeding air from the
casing above the blade tip, in order to weaken the pressure waves propagating from the trailing edge to
the leading edge of the blade.

A combination of numerical and experimental techniques was used by Mischo et al. [53] to assess
the impact of rotating stall on the mechanical stresses of an unshrouded centrifugal compressor. Strain
gauges and unsteady pressure transducers applied on both stationary and rotating parts allowed the
authors to identify rotating stall patterns and the corresponding induced stress levels. In particular,
resonant blade vibration induced by the rotating stall cell induced was observed for high off-design
operating conditions. Additionally, FEM fluid-structure-interaction analyses were used to predict stall
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induced stresses and to assess the aerodynamic damping of the vibration mode shape, with excellent
agreement to the experimental data.

3.2.2 TURBINES

Since the present work deals with experimental investigations on the low-pressure turbine of a
modern aircraft engine. The literature study on this subject is therefore carried out in more detail, with
particular emphasis on the experimental investigations conducted in recent years.

First off all, it is important to mention the overview of numerical and experimental research and the
most relevant influences on the development of gas turbines given by Srinivasan [14].

The influence of the unsteady aerodynamic loading of airfoils oscillating in the low-reduced
frequency regime was investigated by Corral and Vega [54] and [55] with a theoretical and numerical
study. The authors introduced a new parameter, the unsteady loading, which is strongly connected to
the phase and amplitude of the unsteady pressure produced by the airfoil oscillation. This parameter can
be obtained from steady analysis and can be used to predict the airfoil stability without the need of
additional flutter analysis. Ultimately, effect of unsteady loading variations due to changes in both the
incidence and the mode shape can be predicted with the proposed method and flutter characteristics of
different airfoils can be compared.

Numerical investigations on flutter stability of an LPT rotor were conducted by Pinelli et al. [56],
with particular focus on the effects of tip shroud modelling. FE models characterised by different
boundary conditions were compared with regard to the mode shape frequency and to aerodynamic
damping curves. The results were validated with previous experimental data and showed the effects of
contact interface modelling of the tip shroud.

The effect of multi row geometries on flutter and aerodynamic damping was studied independently
by Gallardo [39] and Muller et al. [57]. The first work presents a comparison between a detailed flutter
analysis for a representative LPT geometry and a single row case, highlighting the impact of upstream
and downstream blade rows, as well as spinning modes. Muller instead, proposed a methodology for the
evaluation of modal aero-damping based on the extraction of vibration induced pressure perturbations.
The application of this procedure allowed the authors to study the influence of the steady and unsteady
flow field as well as the influence of acoustic wave reflections at the adjacent stator row on the evaluated
aerodynamic damping.

The problem of mistuning was the focus of several past studies. In particular, Ewins [58] and [59],
as well as Castanier and Pierre [60], gave a comprehensive overview of the subject of mistuning, while
Chan [61] summarised thoroughly the research status quo in the field of mistuning.

Experimental investigations were primarily carried out in cascades due to the higher simplicity of
both test set-up and test execution. Nowinski and Panovsky [62] carried out several experiments in an
annular cascade aimed at the understanding of the flutter mechanism and at the identification of key
flutter parameters. A major result of this study was that small variations of the vibration mode shape
torsion axis location had a strong effect on the blade stability. Another series of experimental studies
were presented by Vogt and Fransson [13], who analysed the influence of variations of reduced
frequency, flow velocity, and inflow incidence on the natural shape of vibrating blades. Their
experiments were carried out in an annular sector cascade in which the middle blade was excited to
vibrate in three-dimensional rigid-body modes. A sketch of the test facility is reported in FIGURE 3.7.
Additionally, the figure also shows plots representing the aeroelastic stability factor as a function of the
interblade phase angle, which are a typical tool for the representation of vibration stability. In this
instance, the plots summarise the results obtained by Vogt regarding off design incidence (below) and
reduced frequencies (above). The authors found that the main influence of a single oscillating blade is
limited to the directly adjacent blades. Flow velocity was found to have only limited effect on stability,
whereas increase in reduced frequency determined increased stability. Separation caused by off-design
conditions was found to destabilise the axial-bending modes but to stabilise the flap-wise bending ones.
Hardly any influence was observed for the torsion-dominated modes.
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and three incidence cases (below).

The influence of mistuning caused by blade stagger angle variations on the aerodynamic damping of
the same oscillating LPT cascade used in the previously described study was investigated by Glodic et
al. [63]. The study shows that variations in incidence angle affect the aeroelastic stability similarly to
the results presented in Fransson [13].

Experimental work on a model LPT stage focused on aerodynamic excitation was presented by
Megerle et al. [64]. The authors studied the very particular conditions of ventilation in last stage low
pressure blades of steam turbines. Analysis of unsteady pressure measurements performed under
ventilation conditions revealed that the typical rotating excitation mechanism observed in operating
steam turbines is well reproduced in the model stage. The comparison with CFD results provided more
detail insights in the flow features connected to the blade excitation observed during the experiments.
LP steam turbine operating at high part load were studied also by Bessone et al. [65] by comparing
numerical simulations with experimental data collected in a downscaled steam turbine test plant. By
exciting the blade with a magnet, the authors were able to evaluate the overall damping and to separate
the mechanical and aerodynamic contributions. The acquired data were used to validate a numerical
tool, that was confirmed capable to evaluate blade flutter stability at low load condition properly.

An important study reporting simultaneous structural and aerodynamic damping measurement under
engine relevant operating conditions in a full scale rotating turbine was presented by Kielb and Abhari
[66]. Measurement of the structural and aerodynamic damping were carried out for different modes and
operating conditions, including vacuum and air loaded, variations in rotor speed, inlet pressure and
rotor/stator spacing. The variation of structural damping with rotational speed was analysed to
understand the effect of friction damping at the interface between blade root and disc. Results of the
experiments in the full scale rig showed that aerodynamic damping was a large component of the blade
total damping for all modes and that different axial rotor/stator spacing and different inlet pressure
resulted in similar damping levels.
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Hennings and Elliot [67] conducted an experimental campaign on a single stage HPT in order to
generate a data set for validation and calibration of calculation tools. A rotor with modes excitable in
the operating range of the stage was instrumented with strain gauges and fast response pressure taps and
tests were conducted for two stage pressure ratio. Forced response results were presented for all blades
showing a large scatter both in frequency and amplitude of the maximum response. The frequency and
max amplitudes scatter can be observed in the plots presented in FIGURE 3.8, reported from the authors’
original work.
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FIGURE 3.8: Comparison of the maximum blade forced response amplitude and frequency for the
instrumented blades obtained for the high and low stage pressure ratio. Adapted from [67].

Finally, the previous experimental activity carried out at the Institute of Thermal Turbomachinery
and Machine Dynamics of the TU Graz, on the same test rig used for the present work, must be
mentioned. Several works focussed on LPT blade vibration and aerodynamic excitation were published
by Schonleitner [7], Schonleitner et al. [68] and Marn et al [69]. All these works were performed
analysing the aerodynamic and blade vibration data acquired in a 1.5 stages low pressure turbine rotating
test rig. The flow field characteristics were studied by means of steady aerodynamic probes, while a
telemetry system was operated in combination with strain gauges applied on the rotor blades to sample
the blade vibrations.

The effect of different exit guide vanes design philosophies on the vibration of the rotor blades was
the focus of the experimental activity presented by Schonleitner in [7] and Schonleitner et al. [68]. The
blade vibration results showed that the upstream effect of the turbine exit guide vanes (TEGV) on the
forced response amplitude increases with the number of vanes. This effect can be noticed in the plots
representing frequency spectra of the blade vibration amplitude displayed in FIGURE 3.9.
Consequently, design features that promised aerodynamic and acoustic improvements led to
unfavourable aerodynamic conditions and higher blade excitation in comparison to a standard TEGV
design.
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FIGURE 3.9: Adapted visualisation of the forced response spectra for the three tested TEGV design presented
in [68] by Schonleitner.

Applying a similar methodology, Marn et al. [69] studied the effect of axial spacing between rotor
and stator onto the blade vibrations at engine relevant conditions. By analysing the flow field upstream
and downstream of the LPT stage, the authors investigated the aerodynamic excitation in relation to the
forced response of the blading. The aerodynamic measurements showed a shift in the swirling flow field
due to the modification of the axial gap. This modification in the flow field was connected to an
amplification of the vibration amplitude. The authors therefore conclude that even though reducing axial
spacing is a valid solution for engine weight reduction, the associated aeroelastic penalty must be
carefully taken into consideration in the design process of modern LPT.

3.3 INLET DISTORTION IN TURBOMACHINERY

The design of modern aero engines is aimed at achieving high efficiency and low weight, in order to
reduce fuel consumption and therefore CO2 emissions. The use of lighter materials and the down-sizing
of the components is crucial to achieve these goals. A disadvantage of reducing axial distances between
engine components is the propagation of circumferential distortions of total pressure and temperature
through the machine. In fact, disturbances propagating from the combustion chamber or from the
upstream stages may cause direct consequences on the forced response and flutter of the turbine rotor
blades. Additionally, also flow injections, or fixed instrumentation, as well as manufacturing and
assembling tolerances may produce steady and unsteady perturbations in the flow field. In many cases,
such distortions could lead to resonance at low engine order excitation. Further, in certain applications
turbomachines are subject to frequent alteration of the operating conditions, leading to an increase of
possible resonance crossings.
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3.3.1 PRESSURE INLET DISTORTIONS

3.3.1.1 FANS AND BOUNDARY LAYER INGESTION

Most of the research conducted in the past on pressure inlet distortions in aero engines has been
focussed on fan blades and the effects of boundary-layer ingesting (BLI) design concepts. BLI
propulsion systems aim to take advantage of the integration of the engine in the airframe body to
generate improvements in propulsive efficiency, by producing thrust from the reduced velocity
boundary layer air. The benefit of boundary layer ingestion (BLI) comes from re-energizing the aircraft
wake. This enables less energy to be produced and then wasted by the engine, as stated by Plas et al.
[70].

The aerodynamic and aeromechanical performance of BLI fan has been extensively studied in
particular by NASA. The aim of the study was to design and test a distortion tolerant fan system for
operation in representative BLI conditions. The main results of this work were presented by Florea et
al. [71], Arend et al. [72] and Cousins et al. [73]. The impact of the distortion on the aerodynamics of
the fan blades were studied by means of CFD calculations, showing that the BLI distortion propagates
through the fan with little attenuation. The distortion is gradually reduced as the flow propagates through
the EGV.

The fan-distortion interaction has a relevant role on both aerodynamic and aeromechanic
performance and in addition it influences efficiency, as it affects the overall fuel burn benefit according
to Perovic [74]. The effect of the boundary layer at the fan inlet can be explained considering that the
effect of the fan is stronger in the region of low momentum. This causes the distortion in the pressure
field and the induction of a region of low pressure in the low momentum area. This pressure field acts
on the fluid particles which migrate towards the low momentum region, creating co-swirl and counter-
swirl. This was observed by several authors, such as Longley [75] Jerez Fidalgo et al. [76] and Gunn
and Hall [77]. Jerez Fidalgo et al. [76] in particular showed that the upstream redistribution introduces
swirl and variation in incidence, leading to a variation in local work input. The most important
contribution to the understanding of work and loss distribution in a BLI fan was made by [77]. A
noteworthy result of this investigation is that efficiency is highest in the low momentum region. Studying
transonic fans, this work also showed that the main feature of the BLI flow in a transonic fan is the
variable shock structure between co-swirl and counter-swirl region. This leads to non-uniform variation
in loss, work input, and loading, and consequently mechanical forces. A visualisation of the incidence
variation and the consequent modification of the local work input obtained by [77] is shown in FIGURE
3.10.
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FIGURE 3.10: Rotor incidence, work, loss and diffusion factor. From [77].
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Attempts to manage the non-uniformity at the inlet, by adjusting each blade to local operating
conditions, were presented again by [78], who demonstrated that significant improvement in
performance can be achieved by employing non-axisymmetric design. Also Hall et al. [79] investigated
a series of stage design parameters and suggested that non-axisymmetric stator design was the most
important for stage performance improvements in BLI. An effort to develop a distortion tolerant design
was presented also in [72] and Provenza et al. [80]. The aim of the research was to design an aero-
mechanically stable blade that could sustain the distorted flow environment. As a disadvantage, the
efficiency of the stage was reduced compared to the original blade.

Furthermore, high cycle fatigue is a fundamental issue for BLI fans. Previous works by Bakhle et
al. [81] and Min et al. [82] have shown that inlet distortion causes significant forcing at low EOs and
excitation of low vibratory modes. A plot representing the EO excitation contained in the unsteady
pressure load on the blades as presented by [82] is shown in FIGURE 3.11. As a result of these
investigations, several design modifications including for example blade thickening at the root were
employed to reduce increased dynamic stresses due to forced response. The impact of the strengthening
of rotor blades on aerodynamic performance was investigated by Perovic [74], who also studied how
the performance can be improved by modifying the fan rotor design and how BLI fans can operate
within their stability margin even when regions outside of the clean flow stability limit are present.
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FIGURE 3.11: Blade unsteady pressure load EO excitation, at design speed. From [82].

A series of experiments were performed by Manwaring et al. [83], using screens to create distorted
flow conditions at the inlet of a transonic fan and measuring the unsteady pressure loadings and the
resulting blade vibration. The goal of this study was to recognise the driving mechanism of the
aerodynamic excitation and of the unsteady response of a three-dimensional transonic fan rotor. The
authors observed that the perturbations created at the inlet had primarily a vortical component, with also
a moderate entropic content and a weak acoustic part.

A study on the prediction of low engine order resonance of fan blades, driven by inlet distortions was
presented by Marshall et all. [84]. The authors used the results presented in [83], directly comparing
experimental data with different evaluation methods and to assess their validity and indicate the areas
that require further research effort.

3.3.1.2 PRESSURE DISTORTIONS IN COMPRESSORS AND TURBINES.

The effects of pressure inhomogeneities in the flow field has been the focal point of numerous works
dealing with the flow in the inner components of the engine. The pure aerodynamic performance and
the aeromechanic interaction between the pressure distortions and the force response of the blades were
both studied. In a series of works focussed on centrifugal compressors, inlet distortions were used to
excite blade vibrations and resonance, in order to investigate the blades forced response and damping.
Kammerer and Abhari [85] [86] [87] in particular, studied the effects of inlet distortions on the blade



Literature Review 48

forcing function, the aerodynamic work and the blade damping in a high speed centrifugal compressor.
Grids were installed before the impeller to generate a non-uniform inlet flow and originate unsteady
blade forcing. The resulting velocity distribution at the machine inlet is reported in FIGURE 3.12.
Aerodynamic probes and strain gauges were used to measure the flow properties and the blades response
during three resonant crossings. The results presented by the authors indicated that the inflow distortion
generated additional harmonics on top of the fundamental frequency. A single degree of freedom system
was proposed as model to study the resonant response of the blades, according to the data of the first
and second mode of vibration.
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FIGURE 3.12: Distorted field of normalized velocity at the inlet of the impeller presented by Kammerer in
[85].

In the second part of the study [86], a curve-fit procedure was applied to fit the blade strain response,
acquired during sweeps through several resonant points, to estimate the critical damping ratio. The
aerodynamic damping was found to be the dominant contributor to the overall dissipation process in this
application. FIGURE 3.13 shows the damping obtained with the SDOF curve fitting procedure of the
resonant response to two engine order for mode 2. Additionally, it was also observed that incidence
angles and pressure distribution at the blade LE affect the aerodynamic damping value. Finally, in [87],
Kammerer and Abhari describe measurements of blade surface pressure and strain gauges carried out
under the effect of inlet distortions, aimed at the determination of the forcing function and the
aerodynamic work.
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FIGURE 3.13: Damping estimated for mode 2 as a function of inlet pressure. From [86].

The effects of upstream components on rotor blade structural dynamics and on turbine aerodynamic
performance was studied in recent year by lyengar and Simmons [88] and Simmons et al. [89], Oettinger
et la. [90] and Biagiotti et al. [91]. In part 1 of their two-parts paper lyengar and Simmons [88]
investigated the aerodynamic excitation produced by stator vane and the role this has on the excitation
of blade vibration by means of CFD simulations. The second part of this work [89], instead deals with
the development of an empirical dynamic stress model aimed at the assessment of the material endurance
strength, and ultimately at the estimation of criteria for HCF failure. Impulse response method tests were
applied in combination to strain gauges, accelerometer and microphone measurements to elaborate a
structural dynamic model of the blade under investigation, which was then used to assess the blade stress
response for each of the flow distortions considered in this investigation. The evaluated stress levels
were then compared to the endurance strength of the blade in Goodman diagrams. The authors concluded
that stator and rotor interactions affect the unsteady pressure field and the performance of the machine.
In particular, stator vane misalignment enhances wake pulsation, generating additional resonance
frequencies. Ultimately, stress levels leading to fatigue damage may occur in presence of IGV
misalignment.

The works presented so far were concentrated on the analysis of flow non-uniformities in
compressors and fans. Moving our focus downstream in the machine, the impact of turbine centre frame
(TCF) wakes on the downstream components was studied by Biagiotti et al. [91]. In particular, the paper
focussed on the TCF wakes effect on the aeromechanical behaviour of the downstream LP rotor blades.
The authors analysed a small industrial turbine, composed of a TCF followed by the two LP stages and
a turbine rear frame, by means of full-annulus unsteady simulations at two operating points and
compared the results with experimental data. Regarding the aerodynamic results, off-design operating
conditions determine a strong incidence deviation, which generates strong separation on the TCF struts,
associated to a strong distortion pattern in the downstream blade rows. This is evident in the upper plots
in FIGURE 3.14, where the intensified separation is highlighted by the comparison between entropy
contours at midspan obtained for the two load cases. The unsteady pressure fields were used to evaluate
the harmonic amplitude and phase at the engine order corresponding to the excitation due to the TCF
struts. The comparison with strain gauge acquired data showed higher modal forces and corresponding
higher strain response amplitude for the part-load case characterised by separation and flow distortion.
The modal amplitudes evaluated with numerical force response analysis and with the strain gauge data
presented by the authors is shown in the lower chart in FIGURE 3.14. In concluding their work, the
authors added some design solutions, including chord reduction of the struts or their clocking
optimisation.
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FIGURE 3.14: Entropy contours and modal blade response in terms of strain for of the two operative conditions
tested by Biagiotti [91].

Furthermore, secondary flow injections, as well as manufacturing and assembling tolerances may
produce relevant flow alterations, as demonstrated by Jenny et al. [23] and Lee et al. [92] respectively.
The main details of the first work have been already discussed in section 3.1.1, when dealing with
endwall flows. Instead, the work of Lee presented a discussion on the impact of manufacturing tolerance
on the aerodynamic performance and the secondary flows of a high-pressure turbine. The authors used
a 1.5 stage CFD model and tested a series of HPT rotor blade geometries to study the impact of different
changes on the stage performances. With the introduction of production variability, not only the
performance of the investigated HPT was altered, but most importantly the exit flow angle and the flow
features in the tip region were directly influenced.

In the work of Oettinger et al. [90] the focus lied on the effect of diffusor flow inhomogeneity on the
upstream axial turbine rotor row. Analysing the results of experimentally validated full annulus
simulations of a 1.5 stage turbine with diffuser and exit guide vanes, the authors observed a distortion
in the static pressure at diffuser inlet. The amplitude of such distortion was observed to increase for high
swirl angles. Additionally, a variation of blade loading and an increase in unsteadiness in the rotor
outflow were found. Similarly to the suggestion already given by several other authors cited in this
thesis, the conclusions of this work stressed how important it is to include the evaluation of the
interaction between turbine components in the design process.

3.3.1.3 PARTIAL ADMISSION IN STEAM TURBINES

The combination of aerodynamic effects and unsteady forcing of the rotor row due to inlet
inhomogeneities have been addressed in some works dealing with partial admission. Partial admission
is a technique that allows high efficiency off-design operation of turbines by admitting the fluid only
into defined circumferential sectors of the inlet. This method has been consistently applied for the
regulation of small gas turbines and steam turbines. The main drawback of partial admission is the
generation of losses and additional blade excitation on the downstream stages.

The unsteady forces acting on the rotor blades due to partial admission were studied experimentally
in a model turbine by Boulbin et al. [93]. The authors observed that the cyclic loading and unloading
originating when the blade enters and leaves the arc of admission determine peaks of aerodynamic
forces. An early method to analyse the vibrations during partial admission was proposed by Pigott [94].
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This thorough analysis on the different factors that influence blade forcing was based on the separation
between the effect of the loading due to the crossing of the arc of admission and the loading due to the
upstream wakes.

More recently, a study aimed to the determination of the impact of unsteady aerodynamic forces
deriving from partial admission onto the control stage rotor was carried out by Fridh et al. [95] and
Hushmandi et al. [96] in a two-stage axial test turbine. In the work of Fridh et al. [95], the effects of
partial admission, achieved by blocking inlet arcs with aerodynamically shaped filling blocks, were
studied using unsteady data acquired during speed sweeps by means of pressure transducers and strain
gauges applied on the rotor blades. The authors proposed a qualitative forcing function and compared
the experimental results with previous numerical data, finding good agreement. A visualisation of the
comparison is shown in FIGURE 3.15. The analysis of this forcing function in the frequency domain,
and the study of the sensors response in Campbell diagrams allowed the recognition of a high quantity
of added or amplified low engine orders in the forced response due to the blockage and to the loading-
unloading process.
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FIGURE 3.15: Qualitative forcing function due to partial admission as evaluated by [95].

The results presented in [95] are based on the numerical study by Hushmandi et al. [96]. The full
annulus of the turbine was modelled, including shroud and disc cavities. Studying the unsteady forces
in the frequency domain, the authors observed that partial admission caused high amplitudes at the first
and second engine orders. This was due to the presence of the blockage and to the change in direction
of the excitation during the loading and unloading process. Furthermore, the second stage also resulted
largely influenced by the distortion in the first stage admission. The authors concluded by highlighting
how important is the knowledge of the frequency content of the unsteady force acting on rotating blades
during partial admission, as this could be the cause of high cycle fatigue and unexpected failures.

3.3.2 TEMPERATURE INLET DISTORTIONS

Regarding inlet temperature non-uniformities, until now the focus has been predominantly on the
effects on turbine aerodynamics. But, as it will be shown, temperature distortion in the flow field were
also related to effects on forced response vibrations.

Kerrebrock and Mikolajczak [97] were the first to describe the primary mechanism that controls
temperature redistribution in the blade-to-blade plane in turbomachinery stages. It was observed that the
high temperature non-uniformities passing through the stators are transported towards the pressure side
of the stator passage. The difference of the absolute velocity at the inlet of the rotor, due to the
temperature difference, is the cause of this migration and is identified as segregation effect. This
phenomenon has been observed both for wakes and for temperature distortions.

The relationship between temperature and velocity described by the definition of the Mach number
presented in the following equation can be exploited to describe the origin of the segregation effect.
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Cc

JYRT (3.2)

Ma =

According to Munk and Prim [98], the Mach number in the vane passage remains unchanged in
presence of a temperature inhomogeneity without a change in inlet stagnation pressure. In the case of a
high temperature non-uniformity entering the rotor frame, the only variable is the increased temperature
when compared to the neighbouring colder main flow. Consequently, a difference in axial velocity
induces a relative slip between the hot and cold fluid at the entrance of the rotational frame, with the hot
fluid migrating toward the rotor PS. The different direction of the relative velocity at rotor inlet between
cold and hot flow is highlighted in the velocity triangles shown in FIGURE 3.16.
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FIGURE 3.16: Velocity triangles and segregation effect. Adapted from [99]

Early experimental studies on the effects of inlet flow distortion in turbine rows were done by Munk
and Prim [98]. The modifications of performance in an axial turbine stage under the influence of radial
non-uniform inlet temperature profile were studied by Schwab et al. [100]. The results of an
experimental campaign carried out in a large-scale low speed axial turbine presented by Butler et al.
[101] demonstrated the tendency of separation of hot and cold fluid when entering the rotor row,
following the segregation effect. This resulted in the hot fluid moving towards the pressure side of the
rotor and the cold towards the suction side, with a consequent heating of the rotor blades pressure side.
In addition to this effect, the increase of secondary flows due to temperature gradients originating from
temperature distortions propagating from the turbine inlet was observed.

Extensive studies on temperature distortions, in particular hot streaks, were undertaken by Povey and
Qureshi [102]. In his works, he analysed combustor representative hot streak profiles in a comprehensive
review of six combustor simulators, providing realistic data useful to describe engine-representative
high temperature flow path in axial turbines. An example of the temperature field at the turbine inlet,
showing radial and circumferential variation extracted from this work is presented in FIGURE 3.17
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FIGURE 3.17: 360 degrees combustor exit temperature field. From [102].

Gaetani and Persico [103] and Geatani et al. [104], presented experiments and numerical simulations
aimed at discussing the migration, the interaction with the blades, and the attenuation of hot streaks as
they propagate through the first HP turbine stage. The results showed that the weakening of the
temperature distortion during the transport across the stage rows, was not only consistent, but also highly
dependent on the circumferential position of the injection. Additionally, a loss of spatial coherence and
a strong spanwise migration of the perturbations were observed, especially through the crossing of the
rotor row. The authors proposed the possibility of exploitation of clocking in the design process with
the aim to minimize thermal loads and temperature distortions on the following stages. This was
suggested since the stage-outlet temperature field resulted significantly different depending on the
circumferential position of the hot streak.

Regarding secondary flows, the mechanisms that drive temperature inhomogeneities transport in
turbine rotor with respect to 3D effects were studied by Prasad and Hendricks [105]. They found that
the flow density variation due to the temperature differences is responsible for a modification in the
secondary flows in the rotor passages. The already cited work of Ong and Miller [26] was also focussed
on the superposition of blade row interaction and temperature driven phenomena on the production of
rotor hub secondary vortices in the rotor passage. It was shown that the stator wake has a stronger effect
of hub passage vortex enhancement compared to the hot streaks used in this study. The major effect of
the enhanced secondary flow in rotor passage is the distortion of the hot streak profile on the rotor PS,
the magnitude of which is dependent on the turbine and combustor design, and the compression of the
hot flow streamlines on the rotor SS, the importance of which is highlighted in terms of performance
and coolant effectiveness.

An experimental study of the effect of unsteady blade row interaction on the migration of hot streaks
in an axial turbine was carried out by Jenny et al. [106] in a highly loaded one-and-half-stage model
axial turbine. A hot spot was generated to match nondimensional parameters of real engines at the
turbine inlet. Time resolved flow field measurements showed enhancement of the mixing process,
demonstrated by a reduction in the maximum relative entropy difference between the free stream and
the hot gasses in the control volume from inlet to outlet of the machine. The authors connected this to a
region of heat loss. Moreover, the analysis of the flow at the rotor exit demonstrated that the hot gases
migrate towards the end walls on the blade PS and interact with the secondary flow structures in the hub
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region. A space-time visualisation of total temperature and radial velocity from the results of [106] are
grouped in FIGURE 3.18. Since the highest measured total temperatures were measured at lower span
compared to their position at rotor inlet, the authors concluded that the hot spot travels radially inwards
crossing the rotor. This migration is visible also in the radial velocity plot. The two arrows highlight
fluid moving towards the hub in the lower span and fluid moving towards the casing at higher span,
demonstrating radial transport of fluid.
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FIGURE 3.18: Space time diagrams of normalised total temperature (left) and radial velocity (right), measured
at the exit of a rotor stage by [106].

The hot streak effects on thermal loads in HP turbine was the focus of a numerical study by Simone
et al. [107]. This work suggested that the propagation of the temperature distortions is important not
only for the first HP stage, but its effects on the stages further downstream should be considered. In
particular, the authors investigated the segregation effect happening in second stage stator blades,
stressing the importance of this type of analysis for the accurate evaluation of the propagation of
temperature inhomogeneities through the turbine. The need to investigate further the hot streak
migration pattern into the second turbine stage was also pointed out earlier by Dorney et al. [108]. The
propagation of temperature non-uniformities in the machine is considered in this thesis, as the effect of
inlet distortions of both pressure and temperature is investigated in an LPT stage.

All the studies presented above dealt with the aerodynamic aspect of temperature inhomogeneities
in turbines, rather than with forced response analysis. In truth, forced response studies focussed on
aeromechanic excitation and blade vibration due to turbine inlet temperature distortions are very sparse
in the open literature. However, effects driven by temperature non-uniformities in the turbine inlet flow
have been linked to forced response vibration in few studies, for example Ong and Miller [26], but have
not been researched further.

Manwaring and Kirkeng [109] attempted to discern the effect of temperature distortions on the
excitation at low engine orders (LEO) in a low pressure turbine. The inhomogeneities were based on the
temperature field measured downstream of an HPT stage (inlet of LPT). The study considered both
effects due to temperature distortions and total pressure variations, showing equally important role on
the evaluation of the unsteady blade loading. Therefore, the study concluded that the analysis of blade
vibrations response to turbine inlet flow variations need to be implemented in the design process.

The aeromechanical effect of temperature non-uniformities with interest on rotor blade excitation
was investigated by Breard et al. [110] using 3D full-annulus simulations. This study concluded that the
total blade excitation forcing can be modified substantially when the effects of temperature distortion
are considered.

Mayorca et al. [111] investigated the excitation levels on LPT blades due to temperature distortions
at the outlet of the fourth stage of an axial turbine. The fact that the hot streaks coming from the
combustor were still present determining considerably strong temperature distortions at the LPT inlet
was linked to the higher excitation. However, the authors were not able to directly connect the
temperature inlet profiles to the blade excitation at the first BPF in their numerical simulations.
According to the authors, this was due to the consideration of cooling flows and to the different scaling
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of the blade rows adopted, which caused a modification of the potential effect and the excitation of
different engine orders according to the authors

Finally, a study on the effect of temperature distortions on low engine order excitation in LPT was
presented by loannou [99]. The author carried out a thorough analysis of the hot streak migration, with
respect to the streaks shape and injection location, coolant configuration and combined effects on the
secondary flow development. This was achieved using full annulus multi-blade row unsteady 3D
simulations and applying combustor representative outlet temperature fields. As shown in FIGURE
3.19, the results showed significant levels of hot streak induced low engine order excitation compared
to the burners and stator related blade passing frequency vibration. In particular, the EO19 and EO24
visible in the figure are directly excited by the temperature streaks. This indicate that the design process
needs to take into consideration any possible inlet distortion if the aim is to obtain reliable forced
response and high cycle fatigue evaluations.
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FIGURE 3.19: Comparison of first mode force amplitude for two hot streaks configurations. Adapted from
[99].

3.4 LITERATURE REVIEW SUMMARY

In summary, it can be said that in the field of turbomachinery research only a few works dealt with the
problems of aeroelasticity and blade vibrations with an experimental approach. A large number of past
publications in the field of aeroelasticity were based on theoretical or numerical investigations. In
particular, flutter phenomena were mostly assessed on the basis of aerodynamic aspects with numerical
techniques. Regarding structural dynamics, mistuning and damping are among the main studied topics.
Very few, if any, studies relative to the area of expertise of turbines dealt with the vibration behaviour
and the assessment of the entire machine during engine relevant operations. Most experimental
investigations were carried out in cascades, with the disadvantage that essential phenomena and effects
do not occur due to the lack of rotation.

The effects of inlet distortions of both temperature and pressure were also largely investigated with
respect to their transport through stages and the consequences on the aerodynamic performance.
However, only few studies took into consideration possible structural dynamic aspects such as blade
vibrations and forced response that could be connected to the presence of inflow in-homogeneities.
Dealing with these aspects, both from the aerodynamic and aeroelastic point of view, this work covers
an important gap in the field of aerodynamic excitation and forcing of turbomachinery blades.
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A EXPERIMENTAL FACILITY

This chapter introduces the experimental facility of the Institute for Thermal Turbomachinery and
Machine Dynamics and discusses in particular the Subsonic Test Turbine Facility used for the
experimental work presented in this thesis. A schematic view of the experimental facilities available at
the Institute can be seen in FIGURE 4.1.

The facility is based on an electrically driven 3,3 MW compressor station providing pressurised air
for all test rigs. The compressor station consists of two radial and one double screw compressors with
two coolers. The machines can be operated in different configurations (serial, parallel and mixed types,
with and without cooling) so that air can be provided continuously from 2.5 kg/s up to nearly 16.0 kg/s
with a pressure ratio up to 2.9 bar in parallel operation and up to 7.0 kg/s at 10.0 bar in serial operation.
The compressed air temperature can be regulated from 35 °C up to about 140 °C. More details on the
facility can be found in Pirker et al. [112].
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FIGURE 4.1: Schematic view of the compressor facilities at the ITTM.

4.1 SUBSONIC TEST TURBINE FACILITY FOR AERODYNAMIC AEROACOUSTIC
AND AEROELASTIC INVESTIGATIONS

The test rig operated to collect the experimental data for this thesis is the so called subsonic test
turbine facility (STTF), which was put in operation during the European project VITAL. The LP line of
the compressor station supplying the air allows for a mass flow between 2.5 and 15 kg/s. The maximum
inlet pressure of the rig is 2 bar with a max inlet temperature 100 °C due to the rotor blade material
operating limit. The rig is designed for a maximum operating rotational speed of 6300 rpm and a
maximum power of 500 kW.

The general view of the test rig is depicted in FIGURE 4.2. The airflow enters through a spiral inlet
casing into the test facility. Then, the inlet flow passes through a de-swirler, a perforated metal plate and
a set of inlet guide vanes (IGVs) before reaching the stage inlet, in order to provide well-defined and
uniform inflow conditions. The air then flows through the test LPT stage, which is representative of the
last stage of a commercial engine and consists of a stator row and of a high aspect ratio unshrouded
rotor. To avoid any influence of potential effects on the measurements, a vane-less TEC is mounted
downstream of the LPT. A 360 deg rotatable aero-acoustic measurement section is located downstream
of the TEC. Finally, the air leaves the rig through the exhaust casing of the facility.
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FIGURE 4.2: Cross section of the Subsonic Test Turbine Facility.

The acoustic measurement section is mounted on the exhaust casing rather than on the rotor casing,
allowing for an axial movement of the section and enabling easy access to the TEC/LPT section. Instead,
the TEC is mounted on the rotor casing and can easily be assembled and disassembled. Details on the
construction can be found in Moser et al. [113].

In order to better depict the LPT stage used for this study, a sketch of the blades and vanes profiles
at midspan is presented in FIGURE 4.3. The direction of the flow is shown as a blue arrow, the rotational
direction of the LPT as a red arrow.
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FIGURE 4.3: Sketch of the profile sections at midspan, not to scale.

4.2 STAGE SETUP AND OPERATING CONDITIONS

The test rig consists of an IGV with 83 vanes and an LPT stage. The inlet guide vanes provide a
typical pre-swirl of approximately 46° across the span. The stator itself has 96 vanes and the rotor 72
blades. The details of the stage are presented in TABLE 4.1. The profiles of the vanes and blades were
defined using an aero design point of the last stage LPT derived from current LPT design practice using
scaling along reduced speed, reduced mass flow (both referred to 288.15 K and 1013.25 mbar) and
pressure ratio. Uncommonly, the rotor used in this application is unshrouded. This results in a tip gap of
1% channel height for the operating point used in this work. The tip-leakage resulting from the tip gap
results in the formation of a tip leakage vortex that influences the downstream stages.
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TABLE 4.1: LPT stage geometry details.

STAGE GEOMETRY
IGV Stator Rotor
Blade Count - 83 96 72
Axial chord length mm 20 17 23
Aspect ratio - 4 4,74 3.48
gapS/t?;(t)orrr;)E?;I chgl)’(:jal i 0.565 i
Hub to tip ratio - 0.6596 -

FIGURE 4.4: LPT stage.

4.3 OPERATING CONDITIONS

The aerodynamic measurements were performed at a stable operating point. TABLE 4.2 groups the
reduced speed, reduced mass flow (both referred to 288.15 K and 1013.25 mbar) and pressure ratio of
the nominal operating point. Due to the fact that the facility is operated as an open loop only the stage
pressure ratio is set and not the absolute pressure levels at the inlet of the stage.

The vibration measurements were conducted both at the nominal operating point presented below,
and during transient operation. The rotor speed was progressively increased from 90% to 125% of the
nominal operating point speed at a sweep rate of approximately 5 rpm/s, while maintaining the nominal
inlet total pressure constant.
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TABLE 4.2: Nominal stage operating conditions.

NOMINAL OPERATING CONDITIONS
Stage pressure ratio ptin/ptour 1.16
Corrected speed rpm 2999
Corrected mass flow ka/s 6.82
Inlet total pressure K 348.65

4.4 INLET DISTORTION GENERATION

44,1 TOTAL PRESSURE INLET DISTORTION

In order to study the effect of different inlet distortion intensities on the LPT stage under
investigation, two different concepts of pressure distortion generators were conceived. In particular, the
dimensions and the distance between the distortion generator and the stage were modified. Therefore,
the section of this work dealing with total pressure distortion can be separated in two parts, one regarding
the generation of the non-uniformity in Plane 0 and another featuring the distortion generator in Plane
A. Both systems are based around cylindrical distortion generators inserted in four equi-spaced holes
around the machine circumference. Other than for the axial position of the generators, the two cases
mainly differed also for the dimensions of the cylinders. In the two following sections, the differences
and the specific characteristics of the two cases will be described in detail.

4411 PLANEO

The inlet distortion is achieved by introducing a series of cylinders with a diameter of 15 mm in the
duct in plane 0, upstream of the IGVs as depicted in FIGURE 4.5. The geometry of the inlet distortion
and the angular position of the cylinders is shown in FIGURE 4.6, where the red lines represent the
distortion generators positioned at 45 degrees from the top position of the machine. Flowing around the
cylinder, the inlet air generates a thick wake, causing a defect of velocity and therefore total pressure
over the circumference. The extent of the inlet distortion generated with this method was studied with
both steady and unsteady measurements in plane A, upstream of the LPT stage under investigation.

FIGURE 4.5: Schematic view of the axial position of the distortion generator positioned in plane 0.
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FIGURE 4.6: inlet distortion generator and aft-looking forward schematic view of the circumferential position.

4.41.2 PLANE A -CLOCKING

The generation of a total pressure distortion in Plane A was based on the same idea developed for
Plane 0. The circumferential distortion was obtained in the inlet flow field by introducing a cylinder
with a diameter of 8 mm in a plane upstream of the LPT stator row in plane A. A view of the distortion
generator positioned in the machine is shown in in FIGURE 4.7. In order to expand the study carried
out in plane 0, the effect of clocking was considered with the distortion generated in plane A. Three
different azimuthal positions relative to the stator vanes were chosen for the generation of the localised
total pressure disturbance. The locations were chosen in order to align the distortion directly with the
vane leading edge (case LE), suction side (case SS) and pressure side (case PS) of the stator vane. A
detailed view of the relative clocking position between the stator vanes and the distortion generator and
their angular location referred to the machine top is shown in FIGURE 4.8 for the three investigated

cases.

FIGURE 4.7: Schematic view of the axial position of the distortion generator positioned in plane A
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FIGURE 4.8: Detailed view of the relative position between the stator vanes and the distortion generator.
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442 TEMPERATURE INLET DISTORTION — AIR INJECTION IN PLANE 0

The aim of the temperature inlet distortion generator is to create a localised total temperature
distortion in the inlet flow field of the LPT stage under investigation. The temperature inlet distortion
was obtained injecting air at a specific temperature through the specifically designed injector mounted
in plane 0, as depicted in FIGURE 4.9.
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FIGURE 4.9: View of the stage and axial position of the temperature inlet distortion generator.

In order to create an even temperature distortion along the span, the distortion generator needed to
be as high as the flow channel, therefore 7 equally spaced air pipes where used along the injector height.
Additionally, four different injectors were built and can be fitted in the machine contemporary to achieve
four different distortions along the circumference in Plane 0. The air injection system developed can
provide and injection of air at a temperature ranging from 298 K to 373 K, equal to 33% to 133% of the
mean undisturbed inlet flow temperature. Therefore, both positive (Tiy > Toag) and negative (Tin <
To.avg) total temperature distortion can be generated with the current system. In order to create distortions
with different intensities, different mass flows and temperature were used for the air injected in plane 0.
In a preliminary series of test-runs, several temperatures and mass flow configurations were
investigated, leading to the selection of the final injection characteristics used throughout the rest of this
work. Ultimately, it was chosen to study two mass flows and a series of temperature ranging from 25
°C to 100 °C. TABLE 4.3 resumes all the selected configurations.

TABLE 4.3: Details of the temperature distortion injected air configurations in plane 0.

Mass flow [g/s] Temperature [K] ([°C])
) 298 310.5 323 363 368 373
(25) (37.5) (50) (90) (95) (100)
”e 298 310.5 323 363
' (25) (37.5) (50) (90) ) )

4.4.2.1 INJECTOR DESIGN

A schematic cross-section of the injector is shown in FIGURE 4.10. The air is processed by the
heating system, used to precisely regulate the injection temperature, and is then divided between the 7
pipes to generate a homogeneous injection in radial direction. A thermocouple and a static pressure tap
are mounted in the air supply line just before the air is divided to control the temperature and velocity
of the injected flow.



Experimental Facility 63

From heater

[

W

FIGURE 4.10: Cross section of the air injector.

In addition, the injector body is equipped with 9 measuring heads to allow the measurement of total
pressure and total temperature in the inlet plane 0. This was necessary since the injection plane is also
used for the evaluation of the inlet flow conditions of the stage. The injector body has been produced by
means of Selective Laser Melting to allow the realization of its complex shape. A picture of the
completed injector body taken after the use in the machine is presented in FIGURE 4.11.

FIGURE 4.11: Injector rake for air injection in plane 0

4.4.2.2 SUPPLY LINE

The air for the injection is supplied by the workshop compressed-air line. In order to provide a stable
supply of air to be injected, an air-supply and heating system was designed and built. A scheme of the
system is presented in FIGURE 4.12.
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FIGURE 4.12: Scheme of the air supply and heating system with control.

The air flows from the shop compressed line into a filter fitted with a pressure regulation valve before
encountering the fine regulation valve, used to precisely set the mass flow needed for the desired inlet
temperature distortion. Subsequently, the temperature, pressure and mass flow are measured with a mass
flow meter (Omega FMA 1600). Then, the air enters the heater used to regulate the injection
temperature. The heater was supplied by Omega and is characterised by a power of 400 W (Omega
AHPF-062 with 400 W - 240 V). After, the supply air is then split in four lines in order to reach the four
injectors mounted around the machine inlet circumference. The complete system is visible in FIGURE
4.13. The thermocouple used for the regulation of the injection air temperature in visible fitted at the
exit of the heater.

Air heater Thermocouple

Mass flow
meter

Regulation valves
To the injectors

Regulation
valve

FIGURE 4.13: Air supply and heating system.
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4.4.2.3 CONTROL

FIGURE 4.12 shows as well a schematic view of the control system used to regulate the air
temperature. The brain of the regulation system is the temperature controller Omega CN32PT-145. A
PID control loop was implemented in the temperature control. A thermocouple was mounted at the exit
of the heater to measure the air temperature and the signal was used as input for the controller loop. The
output control signal from the controller was directed to a solid state relay (Omega SSRL-240-660),
responsible to pilot the power supply of the air heater. Furthermore, the temperature controller was
connected to a regulation software running on the control-PC, in order to remotely adjust the temperature
of the air supply. A scheme of a general Proportional-Integrative-Derivative control is depicted in
FIGURE 4.14.
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FIGURE 4.14: General scheme of PID controller implemented to regulate the air temperature.

The parameters were obtained using the auto-tune function implemented in the Omega temperature
controller. FIGURE 4.15 reports a screenshot of the regulation software. One can see the temperature
ramp to 90° C and the PID output control signal responsible for this temperature ramp.

134600 134700 134800 13:43.00 13.50.00 1351:00 135200 13:53.00
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FIGURE 4.15: Screenshot of the temperature control software. Upper plot: air temperature (blue)and set-point
(orange). Lower plot: graph of the PID regulation output (purple).

4.4.3 TEMPERATURE INLET DISTORTION — AIR INJECTION IN PLANE A

The goal of this part of the project was to investigate the effects of the injection of secondary air in
an axial position closer to the stage. The distortion generated by the injector and the air injection in the
main flow create a stage inflow condition similar to the one of the configuration presented in 4.4.1.2.
The additional variable introduced is the possibility to modify the intensity of both the pressure and
temperature distortions, by varying the mass flow of the temperature of the injected air. The presence of
the injector allows the generation of a series of inflow inhomogeneities characterised by the combination
of different total temperatures and total pressures. The results obtained for the previous configurations
were taken as a starting point for this last step. It was chosen to create a new device to generate the air
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injection where it could be most effective and where it allows the modification of the intensity of the
inflow distortion very close to the stage inlet. Therefore, it was chosen to generate the new P; and T;
distortions in plane A, following the outcome of the investigations done for the total pressure only case
and combining the injection of compressed air with warmer/colder temperature in the same plane and
circumferential position. FIGURE 4.16 shows a meridional section of the turbine with a detailed sketch
of the distortion generator positioned in Plane A. The circumferential position of the injector was chosen
in order to align the injector to a stator vane LE, i.e. the injection angle was 45 degrees from the top.

I‘
FIGURE 4.16: View of the stage and position of the air injector in plane A.

1 8

In order to maintain reliable and robust operation of the air injection system, and in order to facilitate
comparisons between cases, the two mass flow rates used for the injection in plane A were used also for
this configuration. Two different temperatures were chosen for each mass flow rate, corresponding to
the temperatures already used in the configuration regarding the generation of temperature distortion in
plane 0. The details of the injected air mass flow and temperature are presented in TABLE 4.4.

TABLE 4.4: Details of the temperature distortion injected air configurations in plane A.

Mass flow [g/s] Temperature [K] ([°C])
) 310.5 373
(37.5) (100)
310.5 363
2.5
(37.5) (90)

4.43.1 INJECTOR DESIGN

The main factors for the injector rake body design were its structural stability and ability to route the
needed seven injection lines through its centre, as well as maintaining the same shape of the plane A P;
distortion generator. Additionally, the body was severely constrained because of the small rake insertion
hole on the casing, which measures 8 mm in diameter. The position of the holes for the injectors along
the channel height was needed to be the same as for the rakes designed for the injection in Plane 0.

As a basis for rake body design, a cylinder with a diameter of 7,8 mm was chosen, to give the rake
the necessary tolerance to be inserted in the mounting hole. Supporting the choice of a cylindrical shape,
round body geometries proved to be better in terms of internal space and regarding the mounting. In
order to guarantee the correct angle of the air injection, a squared end was designed at the top of the
injection rake, this also enabled to facilitate the mounting and assembly procedure. The direction of the
injections holes is angled at 45 degrees with respect to the axial direction, in order to follow the angle
of the flow in Plane A, therefore aligning the direction of the air injection to the average angle of the
main flow. Two views of the final design of the injector rake are shown in FIGURE 4.17.
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The compressed air necessary for the injection has been supplied using the same supply line and
control system described in section 4.4.2.

FIGURE 4.17: Injector rake for air injection in plane A.
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5. MEASUREMENT SETUP

This chapter introduces the measurements techniques, probes and instruments used during the
experimental campaign. Aerodynamic, acoustic and aeroelastic measurement techniques will be
introduced separately.

5.1 AERODYNAMIC

The equipment and setup used for the aerodynamic measurements is discussed here. This includes
the 5-hole probe, the Fast Response Aerodynamic Pressure Probe (FRAPP), static pressure taps and the
data acquisition system.

5.1.1 MEASUREMENT PLANES AND SECTORS

Plane A
ane0 1 PlaneC Plane D
L I
| |
|

FIGURE 5.1: Measurement planes for probe measurements.

FIGURE 5.1 shows the location of the planes that are suitable for probe measurements. The available
measurement planes are named 0, A, C, and D. the following list describes the details of each
measurement plane:

e Plane 0: located approximately 2.4 IGV axial chords upstream of the IGV leading edge and
equipped with total pressure and temperature rakes for the monitoring of the rig inlet conditions.
e Plane A: located downstream of the IGV and approximately 1.5 stator axial chords upstream of
the stator vanes. This plane is used in this study to characterise the inlet conditions of the stage.
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e Plane C: located 0.43 rotor axial chords downstream of the rotor trailing edge. The
measurements related to the rotor exit flow conditions are acquired in this plane.

e Plane D: located at the inlet of the acoustic measurement section. The characterisation of the
flow leaving the stage and entering the acoustic rig is done in this plane.

In planes A and C a rotating ring that is attached to the traversing system in order to move the probe
in both circumferential and radial direction. Instead, plane D is located in the acoustic measurement
section and does not need a separate system for circumferential traversing since the acoustic
measurement section itself is rotatable by 360 degrees. The radial traversing unit is still needed in plane
D for the movement of the probe in radial direction.

The probes were traversed in counter-clockwise direction in all the planes. The angular distance
between two radial lines in the measurement grid is 0.75 deg. Consequently, one stator pitch is covered
every 5 radial traverses.

5.1.1.1 MEASUREMENT SECTOR PLANE A

The sectors used for the measurements are different for the two aerodynamic probes used in this
work. The difference is due to the fact that the FRAPP measurement is more time consuming than the
5HP measurements and therefore the probe is traversed only in the region of interest. FIGURE 5.2 shows
the location of the two measurement sectors. Staring from the top of the test-rig, the 5HP sector starts at
37.5 deg in counter-clockwise direction and extends to 60 deg. The sector investigated with the FRAPP
instead, ranges from 45 deg to 60 deg, again in counter-clockwise direction. For both probes, the radial
coverage of these sectors is of 95%, due to geometrical reasons.

Plane A

45°

N

FRAPP

FIGURE 5.2: Schematic drawing of the measurement sectors in plane A for 5HP and FRAPP. The view is to
be intended from downstream to upstream.
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5.1.1.2 MEASUREMENT SECTOR PLANE C

Plane C

S5HP - FRAPP

FIGURE 5.3: Schematic drawing of the measurement sector in plane C for both 5HP and FRAPP.

The measurement sector in plane C is the same for both 5HP and FRAPP. It extends from 33 deg to
60 deg, as can be seen in FIGURE 5.3. Considering that the stator pitch is 3.75 deg, this measurement
sector includes 6.4 stator pitches, and is considered adequate for the purpose of including the totality of
the distorted flow in one single measurement, giving the possibility to achieve well representative
measurements downstream of the stage rotor. The probe traversing was always performed in counter-
clockwise direction.

5.1.2 5-HOLEPROBE

A five-hole probe was used to obtain the time-averaged flow parameters like total and static pressure,
total and static temperature, Mach number, as well as yaw and pitch angle. The particular probe was
manufactured and calibrated at the “Institut fiir Strahlantriebe und Turboarbeitsmaschinen” of the
RWTH University Aachen. To enable the calculation of the static temperature and pressure and the flow
velocity, a type K thermocouple is mounted on the bottom of the probe head, as shown in FIGURE 5.4.
A schematic view of the 5-hole probe used can be found in FIGURE 5.5. The flow quantities are
obtained from the total temperature and pressure using the calibrated recovery factor provided by the
probe producer. The ranges within which the calibration for the five-hole-probe is valid are shown in
TABLE 5.1. To guarantee the angular position of the probe relative to the flow angle to be within the
calibration range, during the acquisition the probe was turned into the flow for each measurement point.
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FIGURE 5.5: CAD drawings of the 5HP. From Selic et al. [114]
TABLE 5.1: Calibration range of the 5HP.
5HP CALIBRATION RANGE
Flow parameter Minimum Maximum Step
Mach number - Ma 0.1 0.8 0.1
Yaw angle - a -20 20 4
Pitch angle - y -20 20 4

The pressure values acquired from the 5 holes on the probe’s head are used to calculate 4 non-
dimensional parameters used for the determination of the flow quantities. The non-dimensional
parameters are defined as follows:

Mach number parameter

Yaw angle parameter

Ap

kyg = —

Ma Po
k, = P3 — D1

(5.1)

(5.2)



Measurement Setup 72

Pitch angle parameter

k. — Ps — P2

Where Ap is defined as:

p1 + D3
2

Ap =po — (5.4)

The evaluation of these parameters allows us to calculate the flow quantities as Mach number, yaw
angle, pitch angle, recovery factor, static pressure and total pressure, according to the multi-parameter
approximation as given in the following equation (where Y indicates the variable of interest between

the ones named above):
I m n
Y = ZZZ 51]kCYijkMak] kk (5.5)
i=0 j=0k=0

Wherecy ;j, are the calibration coefficients and &;;, is evaluated according to the following
definition:

5 = {1\1 i+j+k< max(l,m,n)}
Uk =10V i+ + k > max(l,m,n)

(5.6)
A total pressure and static pressure coefficients can subsequently be evaluated:
ko = Pt — Po
pt — Ap (5.7)
k. = Do—D
p Ap (5.8)

However, Arnold [115] in the probe calibration report suggest that it is more accurate to calculate
the static pressure according to the isentropic flow relation:

D¢

K

(1+52Ma2)™

The total and static temperature of the flow as well as the recovery factor and flow velocity can be
evaluated starting from the temperature measured in the probe head with the thermocouple, the evaluated
Mach number and the recovery factor:

(5.9)

_ Tprobe -T
LT (5.10)
1+ X Mq?
Te=—%a1_ (5.11)

1+ TTMCLZ
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T = Tprobe
1+ rKT_lMaZ (5.12)

¢ = MavkRT
(5.13)

The following step in the analysis of the flow is the evaluation of the flow angles. To clarify the
definition of the flow angles, a sketch is depicted in FIGURE 5.6. The axial direction is indicated as X,
the radial direction as r and the circumferential direction as ¢. The positive direction of ¢ corresponds
to the rotational direction of the rotor. The absolute flow velocity is represented in the figure as a green
arrow and can be split in an axial component c,, a radial component ¢, and a circumferential component
Ct.

¢
FIGURE 5.6: Definition of the flow angles. Selic [116]

Therefore, according to this definition, when the measurement plane is perpendicular to the axis of
the machine, the yaw angle can be evaluated as:

c

tana = i
Cy (5.14)
And the pitch angle as:
tany =
any = c (5.15)

Positive values of the yaw angle indicate that the circumferential component of the velocity vector
is in the direction of the rotor revolution, whereas a positive pitch angle means that the flow is directed
toward positive values of the radial coordinate.

Regarding the accuracy of the 5-hole probe data, TABLE 5.2 reports the steady pressure
measurement uncertainties (within a 95% confidence interval). The five pressure values of the 5-hole
probe are measured using a PS1 9016 module. The uncertainties reported here include the error due to
the approximation, random error and the systematic error of the pressure transducers. The system is
calibrated and has a guaranteed error according to the manufacturer of +0.05% of full scale, +1,034
mbar. Due to the approximation surface received during calibration the probe uncertainties are not
symmetrical.
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TABLE 5.2: 5-Hole probe measurement uncertainties from calibration report.

5-HOLE PROBE MEASUREMENT UNCERTAINTIES
Mach number Ma 0.005 -0.004 [-]
Yaw angle o 0.3 -0.3 [deg]
Pitch angle Y 0.5 -0.4 [deq]
Total pressure Pt 3 -3 [mbar]
Static pressure p 54 5.1 [mbar]
Total
temperature T 06 0.5 LN
Static T 0.7 0.8 K]
temperature

5.1.3 FAST RESPONSE AERODYNAMIC PRESSURE PROBE (FRAPP)

The fast response probe here presented is a cylindrical single sensor pressure probe designed,
manufactured and calibrated at the Polytechnic of Milano. The probe is composed of a main body with
a diameter of 7 mm a smaller head with a diameter of 1.85 mm. A piezo-resistive pressure sensor (Kulite
XCE-062) is mounted inside the probe head The probe can be seen in FIGURE 5.7and FIGURE 5.8.
Despite having a single sensor, the probe can be operated as a virtual-three-sensors-probe to determine
the total pressure, static pressure, Mach number, and yaw angle of the flow. Therefore, at each point of
the measurement grid, at least three measurements were taken: one with the probe head aligned with the
expected direction of the flow and two additional with the probe head turned of +45 deg and -45 deg
relative to the mean flow direction. The information on the mean direction of the flow was taken from
the results of the yaw angle obtained from a previous 5HP measurement in the same plane.

FIGURE 5.7: FRAPP probe used in this study.
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FIGURE 5.8: CAD drawings of a FRAPP from Persico et al. [117].

At each measurement piont the data was acquired for two seconds with a sample frequency of 500
kS/s. An Endevco signal conditioner (model 136) and a NI PCI-6123 data acquisition system constitute
the acquisition system. The one-pulse-per-revolution shaft trigger signal was acquired simultaneously
to the FRAPP data to determine the beginning and the end of a rotor revolution. Since the acquisition of
the three rotational position happened at different times, the trigger information was necessary to phase-
resolve the FRAPP data according to a phase-locked flow reconstruction.

A dynamic calibration has been carried out in a low pressure shock tube to characterise the dynamic
behaviour of the probe. Applying the calibration to the three probe signals obtained for each
measurement position, it is possible to evaluate the static pressure, the total pressure, the Mach number
and the yaw angle. The probe sensitivity to the pitch angle (y) had also been investigated, even though
the device was not designed to perform measurements in radial direction. The details regarding the
measurement uncertainties of the probe are reported in TABLE 5.3. All the specific of the probe are
given in Persico et al. [117]

TABLE 5.3: FRAPP uncertainties from calibration report.

FRAPP MEASUREMENT UNCERTAINTIES
. Error at y=+10 Calibration .
Parameter Symbol | +/- Uncertainty & -10 Range Unit

Mach number Ma 0.4/-0.4 0.02 0.01 0.2t00.8 [%6]

Yaw angle a 0.3/-0.3 0.7 0.3 -22.51t022.5 [deq]
5 —

Total pressure Pt 0.5/0.5 8 1 - [% of k'hr;tg]:
5 —

Static pressure p 0.5/0.5 8 1 - [% of k;]rg[é(]:

5.1.3.1 DETERMINATION OF THE TOTAL PRESSURE RMS

The Fourier-filtering method was employed to identify the stochastic total pressure fluctuations from
the unsteady FRAPP signal, as described by Lengani et al. [118]. The post-processing is based on the
triple decomposition procedure of the measured value, according to the following equation:
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Pe(t) = pe(8) + (pe (D)) + pi(t) (5.16)

In this case the measured total pressure is therefore sum of the average part p.(t), the periodic
fluctuation (p;(t)) and the stochastic fluctuations p;(t), which depends mainly on turbulence.

In order to determine the stochastic fluctuations, both the periodic and the time-averaged parts have
to be removed from the analysis. Hence, Fast Fourier Transformations (FFT) are conducted on the
signals acquired at each measurement point. A sufficiently high number of samples must be chosen to
reach a satisfactory frequency resolution. The spectra obtained with this procedure shows a peak at the
rotor BPF and its harmonics. In order to remove the periodic part of the pressure, these amplitudes are
set to zero. Additionally, the time-average part is removed as well by setting the amplitude at the
frequency 0 Hz to zero, as shown in [119]. Since it is not possible to distinguish between the
deterministic and the stochastic part when setting the BPF peak value to zero, a small error is made at
these specific frequencies.

The resulting spectrum is then representing only the spectrum of the stochastic part of the data present
in the original signal p/(t). At this point low pass filtering and phase averaging to one rotor revolution
are applied to remove high frequency content from the signal. Ultimately the RMS value to the total
pressure stochastic fluctuation can be evaluated with:

Plt[m] 2

N

Plt RMS = 2

m

Where N is the number of observations in the frequency domain and P’; the FFT coefficients.

(5.17)

5.2 VIBRATION MEASUREMENTS

The experimental evaluation of the rotor blade vibration is the fundamental topic of this work. The
vibration measurements were carried out by means of strain gauges applied on the surface of different
blades in combination with the sensor telemetry system. The high rotational speed, together with the
high operating temperature posed a particular challenge on the application of these measurement
techniques. In particular, on one hand the strain gauges applied on the blades had to resist the centrifugal
forces and the aerodynamic load of the flow. On the other hand, the telemetry system had to transmit a
reliable electrical signal from the rotating blades to the static analysis unit at high and unstable operating
speed.

5.2.1 STRAIN GAUGES AND WHEATSTONE BRIDGE

5.2.1.1 STRAIN GAUGES

A strain gauge is a device designed to convert mechanical strain into a change of electrical resistance
during the measurement. Strain is defined as a measure of the relative change of length of a section. The
definition of strain is:

g:l_lozA_l[E]

L L (5.18)

m

By definition strain is positive when Al is positive and negative when Al is negative.
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Strain gauges find applications in the manufacturing of transducers, i.e. force, torque and pressure
transducers and load cells, and in experimental stress analysis for the determination of mechanical stress
and for fatigue and residual stress analysis.

Cover
E .
carrier Measuring grid Leads
5 o ‘ |
] =
S
5 [ = | .
Grid length

FIGURE 5.9: Strain gauge structure.

A view of the typical structure of a foil strain gauge is shown in FIGURE 5.9. A metallic measuring
grid is positioned above a carrier layer, which is in direct contact with the object under investigation.
the measuring grid is then covered with a protective covering layer. Two leads extend out of the device
serving as electrical connection.

The measurement of strain using strain gauges assumes perfect transmission of strain from the object
under investigation to the strain gauge. This requires a close bond between the strain gauge and the
object. Adhesive provides the very close bond needed for strain measurements, and is widely used in
this applications.

The working principle of the metal strain gage is based on the strain-resistance relationship of
electrical conductors. In more details, according to Hoffmann [120] an electrical conductor changes its
resistance when exposed to mechanical stress, e.g. tension or compression forces. The change in
resistance due to two factors: the conductor's deformation and the change in the resistivity Q of the
conductor material resulting from microstructural changes. This process is described by the following
relationship:

dR dQ
7= e(1+42v)+ ? (5.19)

Where R is the electrical resistance of the gauge, € the strain, v the Poisson’s ratio and Q the
resistivity. The quotient of relative change of resistance AR/R,, and strain, also known as gauge factor
is defined as:

_AR/R, _ AR/R,
- Al/lo - c (520)

The results of different investigations into various materials have indicated material with values of k
close to 2 as particularly attractive for strain gauges manufacturing.

In this study, The LPT rotor was instrumented with 12 strain gauges applied on different blades. The
position of the strain gauges on the blades will be discussed in the following sections and was performed
according to Schonleitner et al. [121]. The devices used for the measurements are HBM 3/350 LY63
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aluminium strain gauges, with an electrical resistance of 350Q +/-0.30%, a gauge factor k of 2.05+/-

-6
1.0%, a transverse sensitivity of 0.0% and a temperature coefficient of gauge factor of 101 + 10 [%]

5.2.1.2 WHEATSTONE BRIDGE

The change of resistance of the strain gauges is measured by a Wheatstone bridge circuit. In general,
since both the strain gauge and the bridge circuit are passive elements in the physical sense, energy must
be supplied to obtain the measurement signal. In this application, this is done by the sensor telemetry
system, which will be explained in more detail in the following paragraphs.

A schematic view of the Wheatstone bridge is shown in FIGURE 5.10. The bridge is an electrical
circuit that can be used in different ways to measure an unknown resistance:

e For the determination of the absolute value of a resistance by comparison with a known
resistance
e For the determination of relative changes in resistance

The second method is used with strain gauges, enabling the detection of relative changes of
resistance, which are usually very small, around the order of 10“to 10 Q/Q.

FIGURE 5.10: Schematic of the Wheatstone bridge.

In the figure, the four arms of the bridge are formed by the resistors R,, R, R; and R,. The points A
and C represent the connection to the input voltage U;, whereas the output voltage U,, which the
measurement signal ,is available between nodes B and D.

When a supply voltage U, is applied to the bridge, it divides in the two halves of the bridge R1, R2
and R4, R3 as a ratio of the corresponding bridge resistances, i.e., each half of the bridge forms a voltage
divider. In case the bridge results unbalanced, the output voltage can be measured between the nodes B
and D and can be calculated as follows:

R, R, )

U=U( —
" "I\R, +R, R,+R;

(5.21)
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With a certain strain, the resistance of the strain gauges changes by a certain amount AR, giving us
the following equation:

R, + AR, R, + AR, )

U :U( -
O "I\R, + AR, + R, + AR, R, +AR,+ Rs + AR,

(5.22)

For strain measurements, the resistances R; and R, must be equal in the Wheatstone bridge. Same
applies to R; and R,. Therefore, the following equation can be determined:

Up 1 (AR1 OR, | BR; AR4)

U 4\R, R, Rs; R, (5.23)
At this point, from equation (5.20) the term AR /R can be replaced by the term (k - €):
Uy k
71 =2 (61— &2+ &3 — &) (5.24)

In this equation it is assumed that all the resistances in the bridge are changing contemporary. This
is hardly the case in experimental activities. Usually the strain gauges are contained only in some of the
bridges arms and the remainder arms consist of bridge completion resistors. Various configurations are
possible, such as quarter bridge, half bridge, double quarter or diagonal bridge and full bridge. The
diagrams in FIGURE 5.11 show a Wheatstone bridge configured as a simple quarter bridge circuit with
one active strain gauge. This configuration has the benefits of ease of installation, but the normal and
bending strain are superimposed in the measurement signal and the effects of the temperature are not
automatically compensated. The schematic shown in FIGURE 5.11 is taken from the user manual of the
telemetry measurement system (Bar [122]) and represents exactly the configuration applied for the
measurements reported in this work. The strain gauge applied on the rotor blades corresponds to a
resistance in the bridge circuit. The remaining three resistors are permanently integrated in the sensor
telemetry. The only decisive factor is that the resistor that is connected in series with the strain gauge
must have the same basic resistance.

Ryus = 350 Q

intern

Ri

——

)

@
UBx I+x I GND [114]

FIGURE 5.11: Schematic view of a Wheatstone bridge with simple quarter bridge configuration. From [122]
and [120].

Considering that in the quarter bridge configuration only the resistor represented by the strain gauge
will alter its resistance, in this application equation (5.24) becomes:
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Uy, k
U3 (5.25)

Therefore, knowing the input voltage and the gauge factor of the strain gauge and measuring the
output voltage, it is possible to obtain the value of the strain.

5.2.2 TELEMETRY SYSTEM

In the course of this work, a modular sensor telemetry system was used. The device was designed
during the course of a previous project at the ITTM together with Manner Sensortelemetrie. The system
consists in principles of a sensor signal amplifier, a stator and rotor antenna, an HF-line and an evaluation
unit. The sensor telemetry system has a modular design, which means that modules for temperature
measurements and pressure sensors can be used variably in addition to blade vibrations. A total of 20
channels are available.

FIGURE 5.12 shows the general measurement setup and FIGURE 5.13 the measurement data and
powering principles. The signal from the strain sensors is fed into the rotor antenna via the signal
amplifier mounted directly on the rotor disc. Then the rotor-stator principle is used to transmit the signal
to the stator antenna. In other words, the rotor unit appears as a moving conductor in a magnetic field
generated by the static antenna. As a result, the real-time signal from the strain gauge is transmitted to
the antenna via the induction principle. The data are then transmitted from the static part of the antenna
with a cable to the evaluation unit.

Rotor 0 _ o
Sensor antenna Evalugtlon
signal ° unit o
amplifier v - .
: Data
B Energy .
L 3 »
) Stator |o . o
£ Sensor antenna . .
Shaft ol © U/l °
FIGURE 5.12: Complete vibration measurement system [123].
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FIGURE 5.13: Data and energy flow in the telemetry system [123].

More details regarding the installation layout of the telemetry system for blade vibration
measurement can be introduced from the description of FIGURE 5.14. Each strain gauge is applied to
the rotor blades and is connected to a circuit board located in the centre of the rotor disc with copper
wire. The signal amplifier is then connected to the pins of the circuit board and secured with screws to
the rotor disc. Due to its small size and mass, the rotor unit of the telemetry system has no influence on
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the rotor dynamics or structural dynamic properties of the low-pressure rotor. As already discussed
above, the signal is transmitted contactless to the static unit. This part of the telemetry system is
integrated in the structural part of the turbine exit casing and t is equipped with two connections, one
for the data line and one for the power line.

o] o
O] o]

I# Auswertesinheit

Data
Power

FIGURE 5.14: Schematic view of the vibration measurement system.

Regarding the technical data of the sensor telemetry system, a total of 20 channels are available.
Additionally, the system has a modular design, which means that the modules for temperature
measurements and pressure sensors can be used variably in addition to blade vibrations. The most
important technical specifications are listed in the following list; more detailed information on this high-
performance sensor telemetry can be found in the operating manual [122]:

Sensor telemetry system with radial antenna (air gap 2mm);
Specifically designed for turbine applications;

Simultaneous acquisition of all signals with 12bit resolution;
Sampling rate 400000samples/s;

DMS resistance 350€2 (any resistance can be set);

Quarter bridge circuit;

Vibration analysis from 0 to 100kHz;

Speed range up to max. 11000 rms;

Temperature range -10 °C to +125 °C;

The signal flow during the blade vibration measurements is shown schematically in FIGURE 5.14.
The data reaches the Manner evaluation unit via a high frequency cable. The signals are then transmitted
as analogic tension signals (+/- 10V) via BNC cables to a BNC to ‘InfiniBand’ adapter rack, necessary
to allow the connection to the acquisition system PXI-Chassis from National Instruments. The chassis
is fitted with two PXle-4498 acquisition cards with a total of 32 input channels. The signals are then
transmitted via optic fibre cable to the measurement a PC equipped with a NI PXle-8374 input card.
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The unfiltered signals of the strain gauges were recorded at a sampling rate of 204800samples/s using
a specific software designed with NI Labview. The measurement duration at stable operating point is
about 60s. The bandwidth of the DMS channel is from 0 to 100kHz. According to the Nyquist criterion,
the required sampling frequency to avoid alias effects must be at least double of the maximum frequency
analysed. Considering that for the analysis presented in this work the highest frequency in the analysed
spectrum is 10000Hz, the Nyquist criterion is clearly fulfilled.

5.2.3 INSTRUMENTATION OF THE ROTOR BLADES

The rotor was instrumented with twelve strain gauges (SG) applied on different blades. The final
configuration of the rotor instrumented with the SGs is depicted in FIGURE 5.15. The position of the
strain gauges on the blades was chosen with the aim to record as many modes of blade vibration as
possible. In particular, in order to obtain a high quality signal, it was necessary to apply the strain gauges
at blade surface positions with large strain gradients. To find the optimal strain gauge setup, a large
number of numerical and experimental studies have been carried out during a previous project and
reported in Schonleitner et al. [121] and Schonleitner et al. [123]. Other well-known works published
by Szwedowicz et al [124] Sensmeir and Nichol [125] and Sensmeir and Nichol [126], which dealt
intensively with the optimum strain gauge application were taken under consideration during the
selection process of the strain gauge positioning.

FIGURE 5.15: Rotor instrumented with strain gauges and circuit connection board.

Before the application of the SGs on the blades, the surface was grinded slightly to ensure good
adhesion of the strain gauges. Glue was then used to stick the gauges on the desired position. Once the
glue cured, the copper wires for the signal transmission were soldered to the SG terminals and then
routed and glued to the blade and disc surfaces. The diameter of the copper wire measures only 0.1mm
in diameter. It was chosen as small as possible to limit any influence on the flow field around the blades.
In addition, the soldered joints were kept as small as possible, as these parts are subject high stresses
due to centrifugal force and thus may represents a possible problem for the transmission of the signal
and would cause signal loss if broken.

After gluing, the wires were soldered to the connection board. The details of the board layout can be
found in [122]. Finally, the entire instrumentation was sealed with a protective coating to ensure long-
term operation and measuring accuracy. Since the strain gauge adhesive is hydrophilic and attracts water
from the air humidity, it would lose adhesive power and additionally the strain gauge would quickly
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start to corrode and thus become unusable. Two detailed pictures of the rotor blades and disc
instrumented with the strain gauges and with the connection wires can be seen in FIGURE 5.16.

FIGURE 5.16: Photos of the rotor blades and disc during the instrumentation process.

As can be seen in FIGURE 5.16, the strain gauges were applied on the suction surface of the blades,
close to the trailing edge. This position was chosen as a compromise between accessibility and the
opportunity to apply the sensor in an area of large deformation. In general, since the blade profile is very
stiff in the area of the leading edge, larger deformations (surface strains) on the blade surface are to be
expected at the trailing edge. In more specific details, the sensors we applied with an angle of 45 degrees
relative to the blade radial axis, 41 mm below the blade tip and 10 mm forward with respect to the blade
TE. The distribution of the strain sensors around the rotor is reported in the scheme in FIGURE 5.17.

FIGURE 5.17: Position of the strain gauges around the rotor circumference.
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5.2.4 VIBRATION DATA POST-PROCESSING

In this section, the post-processing methodology used for the evaluation of the blade vibration data
is explained in detail. Two different routines were created, one for the analysis of the steady data and
one for the unsteady measurement procedure. The first routine is composed of the following steps:

»  Adaptive resampling;
«  Fourier Transformation;
*  Averaging;

The post-processing of the data acquired during transient operation of the machine is based on the
previous steps, to which the following are added:

»  Evaluation of the rotational speed;
»  Data organisation and Campbell diagram plotting;

5.2.4.1 STEADY POST-PROCESSING

Adaptive resampling is a specially developed procedure to address the irregular sample distribution
resulting from small fluctuations of the rotational speed around the nominal value. During a data
acquisition period of 1 minute, the variation is usually less than 1%. However, since the sampling rate
of the measuring system is fixed, the unequal rotational speed causes an uneven distribution of the
samples for each rotor revolution. A trigger that gives a signal once per revolution is used to resample
the raw recorded signal. In this instance the necessary trigger is obtained from Bently Nevada's shaft
surveillance system. The trigger is used to cut the raw SG’s signal into pieces corresponding to one rotor
revolution. Since the rotor speed varies slightly during each revolution, the number of samples acquired
during each revolution is different. Therefore, after the cutting, resampling has to be performed in order
to obtain the same number of samples for each revolution. This technique was used in past works already
to analyse acoustic and FRAPP data. According to the previous applications of this procedure, the
number of samples per revolution in the resampled signal must be lower than the average original
number of samples in one rotor revolution, as defined in the following equation:

fst

nperiod

nn =2k <

=na (5.26)

Where nn is the number of samples per revolution in the resampled signal. While not necessarily
needed for the procedure, a samples number equal to a power of 2 accelerates the procedures following
the resampling using the software MATLAB. The variable f; is the original sampling frequency, t
represents the measured time of the raw signal and ny,,o4 is the number of revolutions in the original
signal. The variable na is the original number of samples per revolution. Since nyyo4 IS NOt Necessarily
an integer number, also na is not integer. Consequently, samples in the resampled signal will be smaller
than the original number of samples.

In order to achieve a frequency resolution after the fast Fourier transformation of 5 Hz, the data
relative to 5 consecutive revolutions are re-united, to be analysed together. This resolution is considered
enough for the extent of this study, considering that the spectra are going to be analysed in a frequency
range from 0 to 10 kHz. After the transformation in the frequency domain, the signals are averaged,
obtaining a spectrum that represents the single acquisition. Considering that the nature of the signal
variations due to the rotational speed fluctuations are of a stochastic nature, this procedure removes them
from the resulting frequency spectrum. A schematic representation of the averaging procedure is
depicted in FIGURE 5.18.



Measurement Setup 85

SG Time Signal
| 1
: il
i ‘
\ [ ‘ | ! | I |
| |
FFT 2 | |
—
FFT B
F1 2
FFT PO ..%M:_ s,
- . 7
~"
Averaging
Averaged FFT

FIGURE 5.18: Schematic representation of the averaging process. Modified from [8].

To allow a more detailed study of the SG data, an estimated value of the strain energy was evaluated
from the measured SG signals applying the following equation to the strain spectra.

N

Estrain = Z |X[m]|? (5.27)

m=1

Where N represents the number of observations in the frequency domain and X the FFT coefficients
referred to the strain measured by means of strain gauges. Considering that all the results and evaluations
presented in the following chapters of this work are referred to the same blades, the strain energy can be
evaluated starting from the strain signal obtained from the strain gauges. This is valid because the
geometrical and mechanical characteristics of the blade remained unchanged during the measurement
campaign.

5.2.4.2 TRANSIENT POST-PROCESSING

The post-processing of the data acquired during speed sweeps is based on the steady routine. The
averaging procedure is not applied in this case, since every revolution was acquired at a different
rotational speed and represents a different data-set.

The first step of the transient routine consists of the evaluation of the rotational speed. The time that
passed between two trigger impulses is evaluated according to the following equation:
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[rpm] (5.28)

Where n represents the rotational speed of the machine and nn the number of samples between two
trigger peaks. At this point, after the signal of each resolution is resampled, an FFT is performed,
according to the description presented above. The resulting spectra are therefore associated to a specific
rotational speed that characterised the rotor during the acquisition.

Plotting each spectrum as a function of the rotational speed is therefore possible to obtain a
spectrogram that relates the amplitudes of the FFT to the speed of the rotor. A schematic view of the
described procedure is depicted in FIGURE 5.19.
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FIGURE 5.19: Transient post-processing of blade vibration data.

The resulting plot is a Campbell diagram. An explanatory example if shown in the FIGURE 5.20,
where the rotational velocity of the rotor is on the x-axis and the frequency of the vibration is on the y-
axis. It is interesting to observe in the figure the presence of the horizontal lines, representing the
eigenfrequencies, and of the inclined line, which is a trace of the engine order 96 excitation coming from
the stator wakes.
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6. STAGE CHARACTERISATION WITH CLEAN

INFLOW

The following chapters discuss the measurement results of the stage with clean inflow and with
different inlet distortion configurations presented in section 4.4.

Firstly, the aerodynamic characterisation of the flow in the planes upstream and downstream the
stage will be presented, together with the forced response of the rotor blades, for the clean inflow case.
Thereafter, the focus will shift towards the results regarding the total pressure distortion, total
temperature distortion and finally the combination of the two.

This chapter in particular deals with the description of the stage aerodynamics at the inlet and
downstream the rotor row, as well as with the blade vibrations in nominal operating conditions, with
clean inflow.

6.1 PLANEA

The results of the investigation carried out by means of 5HP in plane A are presented here. A contour
of the total pressure distribution is presented in FIGURE 6.1. The flow field upstream of the LPT is not
uniform and three main effect can be identified. Since the IGVs are mounted on the outer casing leaving
a 0.5 mm gap at the hub, the generation of a leakage vortex is allowed. The presence of this vortex is
the cause of the region of low total pressure near the hub, identified in the picture with the letter B. The
wakes generated by the vanes prevail in the region between 10% and 90% of the passage and are marked
with black dashed lines. As a consequence of the circumferential swirl determined by the flow angle at
the exit of the IGV, the wakes are bent towards the outer casing. In the upper passage section, lobes of
low total pressure are created by the upper passage vortices present in the casing region of the IGV.
Letter A is superimposed to the plot in the figure in order to highlight these structures.
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FIGURE 6.1: Distribution of total pressure in plane A for the reference case.

The temperature distribution is depicted in FIGURE 6.1. The field appears to be almost constant in
the lower part of the channel, with the exception of a limited lower total temperature region in the lower-
right corner of the measured sector, highlighted with the letter C in the figure. Higher temperature
located in the upper region of the channel (A”) can be recognised in the the secondary vortices generated
by the inlet guide vanes positioned upstream of the measurement plane. This band is spatially partitioned
according to the number of IGV present in the area corresponding to the measurement sector.

Total Temperature Plane A Clean Inflow
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FIGURE 6.2: Distribution of total temperature in plane A for the reference case.

In order to provide an additional visualisation of the effect of the circumferential inlet air injection
on the total pressure and temperature field in plane A, in the following sections the different tested
configurations will be compared using circumferentially mass averaged spanwise distributions. For this
reason, FIGURE 6.3 shows the radial distributions of total pressure, total temperature, static pressure
and Mach number. These plots will be used in the following as a base for the comparison of the effects
of temperature and pressure distortions.
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FIGURE 6.3: Radial distributions of circumferentially mass averaged quantities in plane A. Clean inflow case.

6.2 PLANEC

6.2.1 5HP MEASUREMENTS

The flow field downstream of the investigated low pressure turbine stage measured by means of 5HP
will be presented in this section. FIGURE 6.4 presents an aft-looking-forward visualisation of the time-
averaged total pressure of the flow measured for the reference case. The analysis of the flow field of the
clean inflow case is used to identify the main flow structures that characterise the outlet of the stage.
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Total Pressure Plane C Clean Inflow
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FIGURE 6.4: Total pressure distribution in plane C with black superimposed iso-contour lines of C,..

Observing the figure, one can see that the total pressure field above 80% span is dominated by the
effect of the leakage flow generated by the unshrouded rotor blades, marked with TLV. The higher total
pressure region visible just above the tip leakage vortex, can be linked to the presence of a wall jet
leakage flow, as also described by Lengani et al. [47]. Between 20% and 80% span, the rotor exit flow
is characterised by the velocity defect related to the stator vanes wakes, identified in the figure with the
letter W. To highlight the position of the stator flow structures it is possible to introduce a total pressure
coefficient, defined in Equation (6.1), as the non-dimensional difference between the total pressure and
its circumferential average.

_ Pt — Pt,avE
1/ 2 PWiyE 6.1)

Iso-contour lines of the total pressure coefficient are superimposed to the normalised total pressure
plot of FIGURE 6.4. The areas enclosed inside the lines correspond to a negative C,; and match exactly
with the number of the stator vanes present upstream. This allows the identification of the position of
the structures produced by the stator row. In the lower passage region, at approximately 15% of the span,
the hub secondary vortices, named HSV can be observed. Even though the effect of the horse shoe
vortices and the hub passage vortices cannot be separated in this visualisation, due to the specifics of
the measurement technique, it is possible to note their combined effect in the 5HP results as the low P;
zone close to the hub. The non-uniformity of these structures is due to the uneven blade count and the
clocking between the inlet guide vanes and the stator vanes. Additionally, spots of higher total pressure
(C) can be observed in the core flow region above the HSV at around 20% span.

Cpt

The total temperature distribution in plane C is depicted in FIGURE 6.5. As for the total pressure
field, the total temperature appears to be modulated by the interaction between the stator vanes wake
and the rotor tip leakage. In particular, the tip leakage is responsible for the high temperature region next
to the casing. The effect of the secondary vortices generated by the stator vanes can be recognised in in
the lower region of the channel. All the temperature features present in the plots are spatially divided
according to the number of wakes originating from the stator vanes present in the measurement sector.
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FIGURE 6.5: Distribution of total temperature in plane C for the clean inflow case.

As for the case presented above, also for plane C, the radial distributions of total pressure, total
temperature, static pressure, Mach number and yaw angle are presented in FIGURE 6.6. These plots
will serve as a base for the comparison of the effects of temperature and pressure distortions in the
following sections.
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FIGURE 6.6: Radial distributions of circumferentially mass averaged quantities in plane C. Clean inflow
case.

6.2.2 FRAPP UNSTEADY MEASUREMENTS

The unsteady data obtained from the FRAPP measurement downstream of the LPT stage are
presented here. FIGURE 6.7 shows the development of the flow as contour plots of the normalised total
pressure, where the absolute values were normalised using the time averaged mean value of the
corresponding flow field. The plots are an aft-looking forward visualisation of the measurement sector
described in section 5.1.1.2. The main flow features caused by the wakes, hub and tip secondary vortices,
and by the rotor blades can be identified in the plots, congruently to the flow description introduced with
the 5HP results. The tip leakage vortex, identified in the picture with TLV, causes a series of low total
pressure regions. Just above this area, a very high total pressure area is recognizable. In the previous
section this high total pressure area was already identified as wall jet leakage flow. Smaller values of
total pressure due to the rotor blade wakes are dominant in the region between 20% and 80% of the
passage height. These areas are indicated in the picture with the letter W. Furthermore, it can be observed
the presence of hub secondary vortices, which are marked in the figure with HSV and appear to be less
intense than the tip leakage vortex.
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FIGURE 6.7: Time resolved distribution of the normalised total pressure downstream of the LPT rotor. Clean
inflow case.

Further information regarding the flow behaviour can be obtained studying the evolution of the
unsteady total pressure and is presented by means of time-space diagrams showing all the measured
stator pitches and two blade passing periods in FIGURE 6.8. The radial coordinates chosen for this
visualisation are 12%, 50% and 93%, representing the hub, mid-span and tip region respectively.
Observing the three time-space plots, one notes that the flow field downstream of the rotor is dominated
by the rotor wake and the interaction between the stator vane row and the rotor blades, independently
on the span height. The rotor traces, inclined in the rotor direction of revolution, are indeed well
noticeable and are highlighted in the figure with black dashed lines. Such traces appear to be periodically
chopped in horizontal direction by the wakes of the stator vanes, one of which has been emphasised with
a magenta dashed line. The main difference that can be found observing the three figures is the intensity
of the rotor and stator related structure interaction. In the high span region, it can be seen that the tip
leakage vortices related to the rotor passage represent the main feature. Instead, in the mid span region,
are the rotor wakes to be dominant. In the region close to the hub, the HSV can be considered responsible
for the modulation of the total pressure field.
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FIGURE 6.8: Time-space plots of total pressure at hub, mid-span and tip.

6.3 ROTOR BLADE VIBRATIONS

The blade vibrations frequency spectrum is presented here to identify the characteristics of the main
modes. FIGURE 6.9 presents the spectrum of the analysed strain gauge (SG2) for the clean inflow case,
up to a maximum of 10 kHz. The amplitude of the strain has been normalised with the amplitude of the
first mode. This normalisation will be used for all the cases in order to simplify the comparisons. The
main vibrational modes and the excitation determined by the stator vanes can be identified in the figure.
More specifically, the highest peak is related to the first eigenfrequency (1st flap-wise bending mode —
1F) and is located around 930 Hz. The second eigenfrequency is at 1995 Hz and is the 1st edge-wise
bending mode (1E). The third peak in the spectra represents the 1st torsion mode at approximately 2850
Hz (1T). Another peak can be observed at a frequency of 9220 Hz and corresponds to the 3rd flap-wise
bending mode (3F). At 5280 Hz it is possible to notice the response of the rotor blades to the forcing
due to the excitation corresponding to the engine order 96, originated by the stator wakes. The amplitude
related to the EO 96 is very low compared to the amplitude of the other peaks. This is due to the fact
that the operating point chosen for this investigation is far from a condition of resonance.
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FIGURE 6.9: Forced response spectra of strain gauge 2. Clean reference case.

Numerical simulations performed using ANSYS FEM platform, were used to identify the mode
shapes, according to Schonleitner et al [121]. In order to obtain the mode shapes of the rotor blades, a
pre-stressed modal analysis was done on one rotor blade, in which the pressure-loadings from a previous
steady-state simulation and the rotational velocity were set as boundary conditions. Further, the blade
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was constraint in the root. An unstructured mesh consisting roughly of 440000 nodes was employed.
The results are presented in FIGURE 6.10.
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FIGURE 6.10 Mode shapes evaluated with numerical simulations.

Sweeps across a speed range around the operating speed from 3100 rpm to 4100 rpm at constant
pressure ratio were performed during simultaneous strain gauges’ measurements. The response of the
sensors across the operating range can be illustrated in a Campbell Diagram, where horizontal lines
denote the blade and disc eigenfrequencies lines originating from the origin and proportional to the
rotation frequency represent excitation lines (EO excitation). Additionally, the crossings between
eigenfrequencies and excitation lines imply potential resonances. FIGURE 6.11 shows the results of the
measurements during transient operation (run-down) of the machine around the operating point.
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FIGURE 6.11: Campbell Diagram of strain gauge 2 (left) and vibration signature of the first three
eigenfrequencies (right) during sweep between 3200 rpm and 3320 rpm.

Observing the Campbell diagram of SG2 is depicted on the left, it is possible to identify the
eigenfrequencies already described in the previous part of this section. In addition, the excitation due to
the stator vanes is clearly detectable and is denoted in the figure as EO96. The fact that no crossing
between the eigenfrequencies and the excitation line occurs, demonstrates that no possible resonances
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can arise around the operating point. Contrarily, the excitation due to the IGVs is not clearly noticeable
in the Campbell diagram, as its amplitude results too small for the visualisation.

Furthermore, during the velocity sweep no evidence of unstable vibration was recorded. This is
visible in signature of the first three eigenfrequencies depicted in the right hand side plot of FIGURE
6.11. To create this visualisation, the signal of SG2 was band pass filtered around the three investigated
eigenfrequencies and then plotted (in red) against the total signal of the strain gauge (in grey), over the
nondimensional sweep time. None of the modes show the onset of self-excited blade vibrations with an
exponential growth in amplitude, which would be caused by an overrun of the aeroelastic stability limit.
Therefore, the amplitudes of the vibrations measured with the strain gauges show that the blades are
stable during the operation around the investigated operating point for the clean inflow case.
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/. TOTAL PRESSURE INLET DISTORTION

7.1 P+ DISTORTION INPLANEO

The results presented in the following section are related to the configuration of the machine
described in 4.4.1.1. The aerodynamic results of the 5HP and FRAPP investigation in plane A will be
illustrated and a comparison between the P; distortion case and the reference with clean inflow will be
presented. This section is aimed at the determination of the nature of the effects of a circumferential
total pressure inhomogeneity onto the vibrations of the rotor blades.

7.1.1 PLANE A- AERODYNAMIC RESULTS

The flow field upstream of the investigated low pressure turbine stage measured by means of 5HP
will be presented in this section. The measurements were performed for the distorted inflow and for the
clean inflow, which was presented in 6.1. It was chosen to report some of the plots referring to the clean
inflow reference case to facilitate the direct comparison.

An aft-looking-forward visualisation of the time-averaged total pressure of the flow is presented in
FIGURE 7.1. The contour plot on the left is related to the clean inflow setup results, while the results
on the right hand side of the figure represent the distorted inflow case.
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FIGURE 7.1: Total pressure distribution in plane A. Clean inflow case (left) and distorted inflow case (clean).

By comparing the two cases a number of remarkable aspects can be examined. Firstly, it is possible
to clearly identify the presence of the wake of the distortion cylinder mounted upstream of the IGVs in
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the P distortion plot. Interestingly, the low momentum fluid in the wake interacts with the inlet guide
vanes and with the wakes that they generate, resulting bent with the same S-shape that characterises the
wakes of the IGV for the clean inflow case. In more details, the total pressure drop in the low momentum
regime is about 55% of the value in the vanes core flow. Despite this, the lower values of total pressure
are still due to the leakage flow near the hub region, originating from the hub gap in the inlet guide vane
row. Another visible influence of the inlet distortion is noticeable in the overall lower level shown
around the blockage area. In fact, the transition between the distortion generator wake and the free
stream seems to be gradual. As a result of the influence of the distortion on the neighbouring IGV
passages, the wakes of the inlet guide vanes and the secondary structures at the tip become less intense
closer to the wake of the distortion cylinder. Additionally, for the same reason, the blockage created by
the distortion cylinder generates a redistribution of fluid, resulting into a flow acceleration around the
low momentum region. A sign of this acceleration is the increased total pressure visible in the vanes
core flows in comparison with the clean inflow case.

The total pressure mass averaged radial distribution is plotted in FIGURE 7.2. This plot refers only
to the part of the measurement sector influenced by the distortion. Two main effects of the total pressure
distortion can be seen also in this visualisation. The higher span region is characterised by the total
pressure drop due to the low momentum fluid generated by the distortion cylinder. In the lower span
area instead, it is possible to observe the increase of total pressure due to the flow redistribution around
the distortion generator. The plot is influenced by the presence of only the upper half of the low
momentum flow in the measurement sector. The higher total pressure in the lower half of the span is
due to the higher mass flow pushed by the presence of the skewed wake of the distortion generator.
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FIGURE 7.2: Radial distributions of circumferentially mass averaged total pressure. Plane C.

In conclusion, the wake generated by the cylinder creates a localised and well-defined total pressure
distortion in the inlet flow of the low pressure turbine stage under investigation. The low momentum
fluid entering the stage interacts with the flow features determining modifications to both the core flow
and in to secondary vortices. Due to such distorted pressure pattern, a potential excitation of the low
engine orders is expected and will be in fact introduced in the presentation of the blade vibrations results.
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7.1.2 ROTOR BLADE VIBRATIONS

7.1.2.1 FORCED RESPONSE AT NOMINAL OPERATING POINT

Strain gauge measurements were performed during stable and transient operation of the machine, as
described above. Results of the measurements at steady nominal operating conditions will be used within
this work to characterise the vibration of the LPT rotor blades, and to obtain a comparison between the
two investigated configurations in this first part of thesis.

FIGURE 7.3 (A) and (B) present the spectra of the analysed strain gauge for the clean inflow case
and for the distorted inflow case respectively, up to a maximum of 10 kHz. The amplitude of the strain
has been normalised with the amplitude of the first mode evaluated for the reference case, as already
presented in 6.3. In section 6.3 the main characteristics of the rotor blade vibration spectra were
presented, and therefore are not repeated here, the focus here lies on the comparison between the two

cases.

(A) - CLEAN INFLOW (B) - Pt DISTORTION

15
15} ]
- 1F -
Z TR
s r £
2 2
& &
T T
= =
= 05} 1 & 957 1
: 1E :
T EQ96
3F
. D . O -
0 2000 4000 6000 8000 10000 0 2000 4000 6000 8000 10000

Frequency [Hz] Frequency [Hz]

FIGURE 7.3: Forced response spectra of SG2. Clean inflow configuration (A) and P inlet distortion case (B).

Comparing the results obtained for the two configurations tested, a major difference can be found.
The 1F amplitude appears to be the most affected by the inflow conditions change. In particular, the
amplitude increment of 1F amplitude is 27.5% in the distorted inflow case. Such amplification can be
linked to the increased excitation due to the vortex shedding in the wake of the distortion cylinder.
Considering that the frequency of the vortex shedding can be evaluated according to Equation (7.1), for
the operating conditions tested, the excitation frequency is f; = 960 Hz. This value is particularly close
to the frequency of the first mode and the vortices detaching from the cylinder are transported through
the stage inlet and determine an additional source of excitation for the rotor blade forced response.

=f;.D
v

St (7.1)

More insights regarding the vibrations increase at the 1st flap-wise mode can be obtained studying
the unsteady pressure data acquired with the fast response probe in plane A. For this purpose, a discrete
Fourier transformation was applied on the time signal. By means of this procedure, it was possible to
notice that the highest contribution in the frequency spectra is represented by the amplitude of the total
pressure fluctuation at the vortex shedding frequency.

The distributions of the total pressure fluctuations at the vortex shedding frequency obtained for the
measurement sector is visualised in FIGURE 7.4. The plot reveals that high fluctuation amplitudes at
this specific frequency are located mainly in the region dominated by the distorted flow. Additionally,
an area of high amplitude can be observed near the hub, this could be linked to the vortices generated
by the hub leakage in the IGV row. However, observing FIGURE 7.4 it can be stated that the main
origin of total pressure fluctuations can be found in the distorted region
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Therefore, the vortices detaching from the cylinder are thought to be the origin of the excitation at a
frequency close to the blades 1F mode, determining higher amplitude measured at this frequency.

Pt fluctutations at vortex shedding frequency

FIGURE 7.4: Distribution of total pressure fluctuations at the frequency of the vortex shedding 960 Hz. Plane
A

The strain energy contained in the SG data spectrum can be evaluated according to Equation (5.27).
The resulting values evaluated for the clean inflow case and for the configuration featuring a distortion
generator at the inlet are presented in FIGURE 7.5. Comparing the two values, it is possible to note that
the inlet distortion case presents a higher levels of strain energy. Since the value has been evaluated
considering the interval from 0 to 10 kHz, this result is representative of higher overall strain amplitudes
measured over the whole investigated frequency range in the P; distortion setup. Higher unsteadiness in
the flow field generated by the wake that constitutes the flow distortion causes therefore a broadband
excitation on the rotor blades, as shown by the increased strain energy evaluated over the whole
frequency range. Thus, the distorted inflow conditions cause an enhancement of the rotor blades
excitation both at the frequency of the first eigenfrequency and across the whole frequency spectrum.

—
T

©
(3]

EStrain /EStrain,ref [-]

FIGURE 7.5: Strain energy evaluated from sg2 signal for the four investigated cases.
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7.1.2.2 FORCED RESPONSE DURING TRANSIENT OPERATIONS

The analysis of the data acquired during transient measurements is based on the procedure presented
in 5.2.4. The data were studied combining the frequency and rotational speed information. As a result
of this signal processing method, the amplitude changes of each mode can be detected during continuous
speed sweeps around the nominal operating rotor speed. In order to analyse the effect of the distorted
flow field excitation of the 1F, the amplitude of the first mode obtained from the signal of SG2 is plotted
along the speed ramp in FIGURE 7.6. It can be observed that during the velocity sweeps across the
operating range of the machine, the amplitude of the 1F is higher in the P; distortion case than in the
configuration with clean inflow, across the whole speed range. Additionally, an increase in the 1F
amplitude between 3300 and 3400 rpm can be noted. Also for this feature, the inlet distortion
configuration exhibits a higher amplitude rise.
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FIGURE 7.6: Amplitude of mode 1F during transient SG measurements between 3200 and 3500 rpm.

The higher amplitudes observed in the previous plot can be determined by two phenomena causing
different aerodynamic excitation. On the first hand, high unsteadiness is introduced by the wake of the
distortion generator in the rotor inlet flow as shown by the raised 1F amplitude at the nominal OP. On
the second hand, the flow field measured at the stage inlet in the inlet distortion case is non-uniform.
This spatial inhomogeneity, can be the cause of higher excitation at low engine orders, determining
increased 1F amplitude during the speed sweeps.

The effect of the increase of unsteadiness caused by the wake of the inlet P; distortion generator was
discussed in the analysis of the steady SG data. In order to investigate the effect of the spatial non-
uniformity introduced in the flow field by the low momentum fluid in the distortion on the rotor blade
vibrations, the flow field at the stage inlet was decomposed by means of FFT. This procedure enabled
the evaluation of the excitation orders present in the total pressure field in correspondence of the highest
pressure drop, i.e. at 75% span. The total pressure distribution at 75% span used for the evaluation of
the excitation content, measured by means of 5HP is presented in FIGURE 7.7. The left-hand side plot
is reported for reference.
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FIGURE 7.7: Total pressure contour at the stage inlet measured by means of 5HP (left) for reference and P;
circumferential distribution at 75% span (right).

By applying a Fourier transformation to the circumferential distribution of total pressure it is possible
to obtain an insight on the size of the main circumferential structures that constitute the flow field at the
stage inlet. The periodical pattern recognised can then be linked to the rotor blade excitation through the
concept of Engine Order, presented in section 2.1.1.1.

The amplitudes evaluated for the excitation orders in the inlet flow field for the two cases tested are
plotted in FIGURE 7.8. The values are normalized over the amplitude of EO83, which corresponds to
the periodical inhomogeneity due to the IGV wakes. The analysis is restricted due to the circumferential
extension of the measurement sector and to the angular resolution of the measurement grid. In particular,
the resolution of the EO analysis is of 15 EOs, meaning that each of the values represented in FIGURE
7.8 represents the value of the EO comprised in a 15EQ interval. This determines an uncertainty in the
estimation of the EO excitation of the order of £7 EO, which is considered acceptable for the purpose
of this study.
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FIGURE 7.8: Engine order excitations evaluated for the clean inflow case and for the P distortion case in plane
A

The amplitudes of the EO excitations obtained for the clean inflow case show that, the main forcing
present in the flow field at the stage inlet is due to the IGV wakes at an EO close to 83, which represents
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the number of inlet guide vanes. It is also possible to observe the second harmonic of this excitation
around the EO165.

The pressure distortion configuration shown in FIGURE 7.8 presents different amplitudes of the
excitation orders. In fact, the wake of the distortion generator introduces in the flow field a spatial
inhomogeneity that determines high excitation amplitudes at low engine orders. Moreover, for these
configurations the amplitude around EO83 appears to be lower than for the clean inflow case. In
particular, the EO1 and EO2 excitations result almost two times more intense than the EO83 in the P;
distortion case. This additional excitation caused by the additional pressure perturbation present in the
distorted inflow configuration causes the higher responses measured at the frequency of the 1F mode
during the speed-sweeps. Therefore, the vibration data and the aerodynamic excitation analysis show
that the low-momentum fluid due to the wake of the distortion cylinder propagating from the inlet
through the stage causes low engine order excitation, which in turn results in increased rotor blade
vibratory response.

7.2 P+ DISTORTION IN PLANE A - EFFECT OF CLOCKING

This section refers to the configuration described in 4.4.1.2 Here the results of the aerodynamic
measurements are presented and compared in details. In order to evaluate the effects of the inflow
distortion on the rotor blade excitation, the rotor exit flow field is thoroughly studied. The aerodynamic
results will be successively related to the amplitude of the blade vibrations for the three investigated
distortion-stator clocking positions.

7.2.1 PLANE C - AERODYNAMIC RESULTS

7.2.1.1 STEADY MEASUREMENTS

The flow field downstream of the investigated low pressure turbine stage (Plane C) measured by
means of 5HP will be presented in this section. The measurements were taken for the three distorted
inflow cases with different clocking position relative to the stator vanes. FIGURE 7.9 presents an aft-
looking-forward visualisation of the time-averaged total pressure of the flow measured by means of 5HP
for the three investigated cases. The position of the distortion generator is reported on the P; contours as
a black dashed line. This visualization was chosen with the aim to highlight the interaction between the
total pressure non-uniformities at the inlet of the stage and the stator vanes.

Areas of low momentum fluid can be noticed in the surroundings of the distortion generator
concentrated in the region between 20% and 80% span. This low momentum regime is characterized by
a drop in total pressure that reaches up to more than 50% of the measured range in the core flow. One
can additionally note that the low total pressure flow influences both the wakes and core flow regions
originating from the stator vanes. A further effect of the inflow non-uniformity can be recognised in the
tip region. The areas where this is more noticeable were highlighted with arrows. The differences in the
tip region between the reference case (FIGURE 6.4) and the other cases can be connected to the
redistribution of mass flow due to the blockage and consequently to a modification of flow angles at the
rotor inlet. Additionally, the boundary layer at the tip end wall, which influences directly the extent of
the secondary vortices in this region, depends directly on the inlet total pressure.

Comparing the results obtained for the three inlet distortion cases, some differences can be found. It
appears that the LE clocking case determines the pressure distortion characterised by the wider extension
in circumferential direction. Additionally, for this case, the interaction between the distorted flow and
the tip leakage vortex seems to be stronger than for the other cases, as suggested by the lower total
pressure identified at the tip in FIGURE 7.9 (A) with the letter A. Furthermore, this case presents the
highest total pressure difference also in the core flow region (indicated with the letter B).
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FIGURE 7.9: Total pressure distributions in plane C. Total pressure inlet distortion generated in plane A cases.
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In order to provide an additional visualisation of the effect of the circumferential positioning of the
inlet total pressure distortion generator, the spanwise distributions of total pressure circumferentially
mass averaged over the measured sector at the rotor exit is plotted in FIGURE 7.10. The clean inflow
case is depicted in black, while the LE case is orange, the SS distortion configuration red and the PS
green. This colour code will be used in the rest of the chapter to distinguish and compare the cases.

The configuration which determines the highest total pressure difference relative to the clean inflow
case is the LE case. Instead, the SS and PS set-ups present a very similar radial total pressure distribution.
In all cases, the maximum different is registered at 39% span. These observations are in accordance with
the plots described in FIGURE 7.9. Furthermore, the radial lines depicted in FIGURE 7.10 confirm that
the low momentum flow generated by the distortion interacts principally with the rotor tip leakage vortex
and with the core flow. In particular, the LE distortion is the case presenting the strongest total pressure
reduction in the tip region. The hub secondary vortices, by contrast, seem to be only marginally affected
by the distortion generator wake. A plot with the radial distribution evaluated only in the region
characterised by distorted flow is depicted in FIGURE 7.11. The distributions are very similar compared
to the plot in FIGURE 7.10. It can be observed that the LE case is the one configuration that determines
the highest total pressure difference relative to the clean inflow case.
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FIGURE 7.11: Radial distributions of circumferentially mass averaged total pressure in the distorted region.
Plane C.

Studying the circumferential distribution of total pressure in plane C allows a better understanding
of the position of the total pressure distortion downstream of the rotor, after it crossed the stage. FIGURE
7.12 reports the circumferential distribution of total pressure at hub (left), 39% span (centre) and tip
(right). First of all, it can be observed that the circumferential position of the total pressure defect in the
plots, caused by the chaotic flow entering the stage, is positioned accordingly to the position of the
distortion generator for the three investigated cases. This is visible in particular in the 39% span plot,
where the region influenced by the distortion moves from right to left for the LE, SS and PS cases
respectively.

While the impact of the distortion is easily recognisable in the central plot, at the hub and tip the
effect seem to be lower. However, in the tip region a modification of the P; distribution can be observed.
In particular, together with a drop in total pressure in the central region of the measurement sector, a P;
rise is visible in the right hand side of the plot. This can be connected to the redistribution of flow around
the distortion generator, which determines an increase of the flow velocity in the region outside of the
blockage.

Another visible difference in the plot is the circumferential shift of the distortion depending on the
span height. The pressure drop is not located in the same position in the plots representing the tip and
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the 39% span height. It appears that the distortion at midspan is located more towards the left side of the
measured sector than at the tip. This circumferential redistribution based on the radius is due to the
crossing of the rotating blade row.
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FIGURE 7.12: Circumferential distribution of total pressure at tip (right), 39% span (centre) and hub (left).

In conclusion, the artificially generated non-homogeneous inlet conditions create a well-recognisable
total pressure distortion in the inlet flow of the LPT stage under investigation, which travelling through
the stage interacts with the main flow features. It was shown that this interaction depends on the relative
position between the inlet distortion and the stator vanes.

In order to study the repercussions of the inlet total pressure distortion on the stage performance for
all the different configurations examined, the work extracted from the flow in the stage was evaluated.
The details of this evaluation are explained in 5.1.2.

The experimental results regarding thermodynamic changes of the distorted flow, the wakes, the
secondary flow regions and the undisturbed flow must be carefully interpreted. Therefore, according to
the outcomes of the aerodynamic study presented above, three main regions were isolated in order to
study the effect of the inlet distortion on the performance of the machine. Namely, the tip region, the
hub region and the midspan region. The calculated extracted work was normalised over the mean Ah;
evaluated for the clean case. The results are plotted in FIGURE 7.13.
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FIGURE 7.13: Circumferential distribution of total enthalpy difference evaluated at tip (left), midspan (centre)
and hub (left).
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In the presence of total pressure distortion, the circumferential profiles of total enthalpy variation
appear altered. A higher temperature is recorded in the wake of the blockage, which is therefore exposed
to a lower work extraction. Such outcome can be observed at the three investigated span heights, but the
appearance of the curves clearly indicates that the reduction of exchanged work is stronger at midspan.
On the contrary, due to flow redistribution around the distortion generator, the axial flow velocity of the
region outside of the blockage wake increases, resulting in a higher Ah:.

Ultimately, the inlet total pressure distortion causes a modification in the distribution of the work
extracted by the rotor. It will be shown in the following how the vibrations characteristics of the rotor
blades are influenced by this modification as some vibratory modes are subjected to increased excitation.

7.2.1.2 FRAPP UNSTEADY MEASUREMENTS

In this section, the results of the experimental investigation carried out by means of fast response
pressure probe (FRAPP) in plane C are presented. A normalization of the absolute values is performed
using the time averaged mean values of the reference flow field already shown in 6.2.2. The total
pressure time evolution relative to all the inlet distortion cases is reported in FIGURE 7.14, FIGURE
7.15, FIGURE 7.16.

i TAS
AN
,\,.-'/"\‘/ il i ':
(CHC 0

% 2 3 4

AO/O

5 &
AB/O

HP vane

AB/O

HP vane

FIGURE 7.14: Time resolved distribution of the normalised total pressure downstream of the LPT rotor. LE
distortion case.
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FIGURE 7.15: Time resolved distribution of the normalised total pressure downstream of the LPT rotor. SS
distortion case.
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FIGURE 7.16: Time resolved distribution of the normalised total pressure downstream of the LPT rotor. PS
distortion case.

In the figures, the position of the distortion generator is represented as a black dashed line
superimposed to the total pressure contours. The effect of the P; distortion is evident in the region around
the black dashed lines. The low total pressure flow moves through the stage and is visible in Plane C
downstream of the rotor. Analysing the FRAPP data and the time resolved P distribution it is possible
to study the interaction between the total pressure distortion and the rotor related flow structures. In fact,
one can see that the high total pressure structures representing the rotor core flow become less and less
intense as they approach the low momentum flow and proceed to return to their original intensity as they
leave (in circumferential direction) the distorted area.

Further information regarding the flow behaviour can be obtained studying the evolution of the
unsteady total pressure is presented by means of time-space diagrams showing all the measured stator
pitches and two blade passing periods at 39% span. This value of radial height was selected as this is
the position where the inlet distortion cases show the maximum total pressure reduction with respect to
the clean inflow case. The time-space plots of the total pressure three distortion cases under investigation
and the one related to the clean case are illustrated in FIGURE 7.17. This visualisation is similar to the
time-space plots presented in 6.2.2.
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FIGURE 7.17: Time-space plots of total pressure at 39% span.

A comparison of the total pressure time-space plots with the clean inflow case shows that the low
momentum fluid due to the cylinder wake interacts with the rotor flow structures, originating a
horizontal band of low total pressure. The azimuthal position of this band follows the location of the
inlet distortion generator indicated in the figure with a black dashed line. The effect of the distortion is
particularly evident in the decrease of total pressure experienced by the rotor core flow traces.

With the aim of supporting the findings explained in the previous sections, the outer borders of the
low total pressure fluid are represented in FIGURE 7.17 (B), (C) and (D) as blue dashed lines. The
dashed lines were positioned in order to contain the region where the total pressure amplitude results
lower than the values measured in the wakes generated by the stator vanes in the undisturbed regions. It
was found that this limit value corresponds approximately to a total pressure amplitude reduction of
30% respective to the maximum amplitude in the undisturbed regions. The width of the distorted flow
region seems to be larger for the LE distortion case (FIGURE 7.17 (B)). This is thought to be due to the
fact that the wake fluid directed to the vane LE senses the rise in static pressure caused by the potential
field of the leading edge and therefore splits, affecting the adjacent vane passage. Such separation of the
wake fluid does not happen when the distortion cylinder is aligned with the vane SS or the PS,
determining a narrower low momentum region in the measurements downstream of the rotor blade.
Additionally, the lower border of the distorted region appears to be in a very similar position for all the
cases.

The time average total pressure over one blade passing period BPP at 39% span was used to evaluate
the thickness of the disturbed flow, similarly to [127], using the definition in the following equation:



Total pressure inlet distortion 112

1
Opist = ngz (P_tmax - E(Q)) - A6 (7.2)

Where p;,. ... represents the peak value of total pressure in the undisturbed core flow and (Apy) max
the difference between p; . and the minimum value of time average total pressure in the distortion

region at 39% span. The results of this evaluation are reported in TABLE 7.1, normalised with the stator
vane pitch. Therefore, the data shown in the table represent the number of stator pitches that the low
momentum fluid occupies in plane C.

TABLE 7.1: Distortion thickness normalised over the stator vane pitch.

Distortion thickness
Case QDist/QVane [']
Distortion LE 2.95
Distortion SS 2.89
Distortion PS 2.88

The configuration characterised by the widest distortion is the LE distortion case with a distortion
thickness of approximately 3 stator pitches. Both the PS and SS cases show a slightly smaller, and
similar, width of the distorted flow region.

Interestingly, the LE configuration shows both the highest P: reduction and the widest low-
momentum flow region. This could be explained considering that the wake of the cylinder interacts with
the stator vanes; and consequently, occupies a wider portion of the measurement sector, still maintaining
the same intensity, as can be observed in the contour plots referring to the 5HP measurements. This
determines an overall higher reduction on the total pressure field downstream of the LPT rotor.
Ultimately, the result in TABLE 7.1 support the observations gathered from the study of both the steady
and unsteady data sets.

The data collected by means of FRAP probe can be used to gain more insights on the effects of the
inflow non-homogeneity on the rotor vibrations, studying the unsteady total pressure fluctuations,
similarly to Lengani et al. [118]. The procedure applied to evaluate the total pressure RMS is described
in detail in section 5.1.3. FIGURE 7.18shows the RMS values of the total pressure stochastic time
averaged over one BPP and normalised with the average value obtained for the reference case. The three
plots represent the three cases featuring inlet distorted flow LE, SS and PS. By analysing the three
contour-plots one can observe that higher pressure fluctuations were measured for the SS and PS
distortion cases than for the LE configuration. In particular, the last case, which was linked to the
strongest total pressure reduction, presents lower RMS of total pressure stochastic fluctuations. This
result is considered to be related to the larger width of the distorted flow and its interaction with the
stator vanes observed in the LE configuration.

All presented cases exhibit the highest values of total pressure RMS at high span, connected to the
presence of the tip vortex. An additional region of high unsteadiness can be noticed in the lower section
of the passage. Here the core of the low momentum fluid interacts with the hub passage vortex. The high
total pressure RMS in this region suggest a strengthening of the secondary flow structures due to the
presence of inlet distortion.
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FIGURE 7.18: RMS of stochastic total pressure fluctuations time averaged over one BPP Total pressure inlet
distortion generated in plane A. Measurements in Plane c.

Overall, the FRAPP data suggest that the additional unsteadiness due to the wake of the distortion
generator evolving in the stage determines an alteration of the rotor-stator wakes interaction, generating
a larger extent of instability in the secondary flows in the lower region of the channel.

7.2.2 ROTOR BLADE VIBRATIONS

7.2.2.1 FORCED RESPONSE AT NOMINAL OPERATING POINT

The results of the measurements at nominal operating point are presented here with the intention to
characterise the LPT rotor vibrations and to study the effects of the total pressure inlet distortion and its
clocking position on the vibrational amplitudes. Additionally, the data acquired during the speed sweeps
around the operating point gave the opportunity to study the effects of the excitation determined by the
inlet distortion on the forced response of the rotor blades. In particular, the analysis in time and frequency
of the data collected during the sweeps allowed the identification of an amplification of the vibratory
response occurring at the first blade eigenfrequency (1F).

FIGURE 7.19 shows a comparison of the spectra obtained from the signals measured from a single
strain gauge. The results are presented in the form of strain normalised with the amplitude of the first
eigenfrequency of the reference case already presented in section 6.3.
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FIGURE 7.19: Forced response spectra of strain gauge 2 at nominal OP.

A comparison between the spectra enables the recognition of the impact of the distorted flow on the
rotor blade vibrations. In the first place, the amplitude of the first mode obtained for all the distorted
cases (FIGURE 7.19 (B), (C), (D)) is higher than the level of the 1F measured for the clean inflow
configuration. Specifically, 1F amplitude is 4.2 times higher than the reference case in the LE distortion
case, 5.7 times higher in the SS case and 4.9 times in the case featuring the distortion generator aligned
with the pressure side of the stator vane.

To allow a better comparison of the strain gauges’ data, the strain energy was evaluated according to
Equation (5.27). The results of this evaluation are shown in FIGURE 7.20. The clean inflow case was
taken as reference and therefore the value associated to this configuration is 1 in the bar-plot. Observing
the figure, one can note that all the configurations including the inlet distortion generator present higher
levels of strain energy. This result is representative of higher overall strain amplitudes measured over
the whole investigated frequency range. In particular, the set-up which features the distortion generator
aligned with the suction side of the stator vane exhibits the highest strain energy. In accordance to what
already observed for the amplitude of the first eigenfrequency (1F), the PS case shows the second highest
level. Furthermore, even though the LE case presents the lowest strain energy of the distorted cases, its
value is still considerably higher than the one obtained for the reference case.
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FIGURE 7.20: Strain energy evaluated from SG2 signal for the four investigated cases.

7.2.2.2 FORCED RESPONSE DURING TRANSIENT OPERATIONS

Strain gauge data were acquired during speed weeps around the nominal operating point. The results
presented in this section will focus on the speed range between 3200 and 3500 rpm. Analysing the data
with respect to both speed and frequency, allowed the recognition of a modification of the blade
vibratory behaviour of the rotor blades in the inflow distortion cases. While the clean inlet total pressure
case showed stable vibration amplitudes, as already discussed in the previous set-up vibration analysis,
higher vibration amplitudes were instead experienced by the rotor blades when the distortion generator
was placed in front of the LPT stator vanes in plane A. A sudden rise in amplitudes was measured at the
first eigenfrequency (1F) starting from 3310 rpm until approximately 3330 rpm, followed by a rapid
reduction that lasted until the rotor speed reached 3360 rpm. Using the technique presented in 7.1.2.2, it
was possible to isolate the evolution of the 1F amplitude across the speed sweep. The 1F amplitudes
obtained for all the investigated configurations are shown in FIGURE 7.21.
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FIGURE 7.21: Amplitude of the first eigenfrequency (1F) during speed sweeps between 3200 and 3500 rpm.
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By comparing the distortion cases with the reference clean inflow, the growth of the rotor blades
vibratory response can be noticed. The alignment of the distortion generator with the suction side of the
stator vane causes the highest 1F amplitude, followed by the PS and LE positions. Two different
mechanisms can be considered responsible for the aerodynamic excitation observed during the transient
measurements. Firstly, the high unsteadiness introduced by the wake of the distortion generator in the
rotor inlet flow, and secondly, the spatially non-uniformity in the flow field determined by the low-
momentum flow in the distorted region.

The effect of the unsteadiness increase caused by the inlet total pressure distortion on the rotor blade
vibrations was already discussed in the analysis presented in the previous section. Decomposing the
flow field sector measured by means of 5HP applying a spatial FFT in correspondence of the highest
total pressure distortion allowed us to study the effects of the spatial non-uniformity on the aerodynamic
excitation on the rotor blades. The amplitudes of the excitation orders obtained decomposing the flow
field at 39% span are presented in FIGURE 7.22, normalised with the amplitude of the EO96 excitation,
which corresponds to the forcing due to the stator vanes wakes. The circumferential distribution of the
total pressure used for this analysis is shown in the central plot of FIGURE 7.10.
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FIGURE 7.22: Engine order excitations evaluated for the clean inflow case and for the distortion cases in plane
C.

Observing the amplitudes of the EO excitations obtained for the clean inflow case it is possible to
note that, as expected, the main forcing is due to the wakes of the stator vanes at EO96. The second
harmonic of this excitation is also visible around EO200. On the contrary, the configurations featuring
the inlet distortion generator present different excitation orders. All the inlet distortion cases show high
excitation amplitude at low engine orders. Moreover, for these configurations the amplitude of the EO96
appears to be lower than for the clean inflow case.

The speed range around which the 1F mode vibratory response experienced the rise in amplitude
presented in FIGURE 7.21 fits well with an excitation at an engine order between 16 and 18. This range
of EOs agrees well with the higher amplitude of aerodynamic excitation at low engines orders that was
obtained for all the inlet distortion cases shown in FIGURE 7.22. Consequently, the additional pressure
perturbation present in the distorted inflow configuration can be defined as the causes of additional flow
excitation at low engine orders, which determines the higher responses measured at the frequency of the
1F mode during the speed-sweeps.

Furthermore, the higher vibration amplitudes obtained at the frequency of the first mode presented
in FIGURE 7.19 were measured at the nominal operating speed, very close to the amplification of the
1F response during transient speed sweeps. Consequently, higher low engine order excitation introduced
by the distortion in the flow-field can be considered the cause of the amplification of the first mode



Total pressure inlet distortion 117

amplitude obtained for the distorted cases. Ultimately, the propagation of the low-momentum fluid due
to the wake of the distortion generator positioned in front of the stator vanes causes the excitation of the
rotor blades at low engine order, resulting in an observable modification of the rotor blade vibratory
response.

In conclusion, the amplification of the flow unsteadiness due to the inlet distortion is directly
connected to the higher forced response of the rotor blading. Furthermore, the data showed that the
spatial non-uniformity in the distorted region caused higher low engine order aerodynamic excitation,
determining the intensification of the blades’ vibratory response at the first eigenfrequency.
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8. TOTAL TEMPERATURE INLET DISTORTION

IN PLANE O

The present chapter presents the results of the part of this experimental investigation focused on the
propagation of temperature inflow distortions through a modern low pressure turbine stage, with a
particular focus on both the aerodynamic and aero-elastic characteristics of the turbine. The details of
the tested configurations are presented in sections 4.4.2.

The results of the investigation carried out by means of 5HP in plane A and C are presented in the
following paragraphs. The most relevant tested configurations are collected in the contour plots of total
temperature, in order to highlight the effect of the air injection on the total temperature field at the inlet
of the LPT stage. In particular, the total pressure and total temperature measured in plane A and C will
be compared with the reference case in order to study the influence of the secondary air injection on the
LPT stage inlet and outlet conditions.

8.1.1 PLANEA-TOTAL PRESSURE

The present paragraph collects the total pressure radial profiles measured for the two investigated
mass flow injections (2.0 g/s and 2.5 g/s). The aim of this section is to demonstrate the low impact of
the air injection on the flow conditions at the inlet of the stage other than on the temperature. This is
relevant since the aim of this part of the study was to create a temperature distortion without any
modification of the total pressure inlet conditions.

The total pressure distributions in plane A for the 2 g/s and 2.5 g/s injection cases are presented in
FIGURE 8.1. In the plots the results corresponding to different injected temperatures are compared to
the P; radial distribution obtained for the clean case (in black), presented in paragraph 6.1. Observing
the first plot on the left, one can notice that all the tested configurations relative to the 2 g/s case present
a very similar P; distribution to the clean in flow case. The plot obtained for the 2.5 g/s cases, presented
on the right, also show a very similar trend of total pressure in plane A, even though there are two small
regions at around 80% and 20% where the inlet distortion cases show a slightly higher total pressure. It
must be considered that these differences are very small and can therefore be neglected as this would
not cause a noticeable modification in the operation of the turbine. Consequently, the two pressure
profiles demonstrate that the localised injection of secondary air does not modify much the inlet total
pressure of the LPT stage under investigation.
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FIGURE 8.1: Radial distributions of circumferentially mass averaged total pressure. 2.0 g/s case (left) and 2.5
/s case (right).

8.1.2 PLANE A-TOTAL TEMPERATURE - INJECTED MASS FLOW 2 G/S

The first injection mass flow that was tested was 2 g/s. The complete set of temperatures tested are
represented in TABLE 4.3. Here only the most relevant one will be analysed, considering that for the
other cases similar conclusions can be drawn. In particular, the presentation focusses on the cases with
an injection temperature of 310.5 K (37.5 °C), 323 K (50 °C), 368 K (95 °C) and 373 (100 °C). These
temperatures correspond respectively to 50%, 66%, 125% and 133% of the nominal total inlet
temperature. FIGURE 8.2 presents the total temperature measured by means of 5HP in plane A, located
at the inlet of the LPT stage, for the cases 310.5 K (37.5 °C), 368 K (95 °C) and 373 (100 °C). On the
left column of the picture one can see the total temperature distributions and on the right column, the
difference between the total temperature measured for the distorted cases and the total temperature of
the clean inflow case presented in FIGURE 6.2. The percentage value presented in the plots is obtained
using the definition presented in Equation (8.1), where the maximum temperature range measured in the
clean inflow case (T; max,rer — Tt min,rer) @S @ reference for the difference between the distorted cases

(Tt pist) and the reference case (T gref)-

Tt,Dist - Tt,Ref

ATpi =
pist Tt max,Ref — Tt min,Ref (8-1)

Observing the figures, it is possible to identify the effect of the injection of air on the inlet flow of
the turbine stage. Both the cold air injection and the hot air injection create a distinct and well
recognizable region of colder or warmer temperature in the field respectively. This region appears to
interest two IGV passages and its intensity depends directly on the temperature of the injected air.
Interestingly, the colder flow seems to be more evident in lower half of the passage, whereas the higher
temperature injection appears to have a stronger impact on the upper section of the passage. Regarding
the position of the temperature distortion, the colder flow is more evident in lower half of the passage,
whereas the higher temperature injection appears to have a stronger impact on the upper section of the
passage. This could be due to the interaction between the injected air and the vanes, in particular with
the upper passage vortex already presented in in the discussion of the results relative to the clean inflow
case. Moreover, the effect of the IGVs wakes is recognizable in the skewed shape that the temperature
distortion assumes after passing through them.
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FIGURE 8.2: Total temperature distribution for the 37.5 °C (up), 95 °C (centre), 100 °C (low) cases. 2g/s

injection.
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The effect of the distortion on the total temperature field can be understood observing the right
column of the figure. In all injection cases, the total temperature distortion travels from the injection
plane (plane 0) to the measurement plane (plane A), through the IGV and is still well recognisable,
representing a ATjp;s; that reaches up to 70% of the reference temperature range. For this reason, it is
possible to conclude that air injection in Plane 0 creates a well-defined total temperature distortion in
the inlet flow of the low pressure turbine stage under investigation.

In order to provide an additional visualisation of the effect of the circumferential inlet air injection
on the total temperature field in Plane A, the spanwise distributions of the total temperature fields
presented above circumferentially mass averaged over the measured sector is plotted in FIGURE 8.3.
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FIGURE 8.3: Radial distributions of circumferentially mass averaged total temperature in the complete
measurement sector (left) and in the distorted sector only (right). Plane A. 2g/s injection.

The total temperature distributions follow accurately the temperature of the injected air, determining
a colder total temperature distribution for the 310.5 K (37.5 °C) case and hotter temperature profiles for
the cases 368 K (95 °C) and 373 (100 °C). Since the injected air temperature difference between the two
last cases is only 5 K, these temperature profiles are very similar. Additionally, one can observe that the
lower temperature air injection determines a modification in the temperature profile particularly in the
lower half of the channel, while the effect of the hot injection is stronger at higher span.

Another visualisation of the total temperature distorted flow is depicted in FIGURE 8.4. The three
plots represent the circumferential distribution of total temperature at midspan (centre), hub (left) and
tip (right). Analysing the clean inflow case distributions al all span heights, it is possible to notice the
effect of the wakes of the IGVs. The temperature distortion generated by the air injection is more evident
in the midspan and tip plots. Looking at the circumferential position of the temperature distortion, a
circumferential shift due to the interaction with the bended wakes of the IGVs can be noticed. In the
lower section of the passage (hub) only the colder air injection case seems to have a noticeable effect on
the total temperature circumferential distribution. This supports the finding that the hot air injection has
a stronger effect at high span and the cold injection is more effective in the lower part of the channel.
Once again, the small difference between the two cases with temperature injection of 368 K (95 °C) and
373 K (100 °C) determines a very similar circumferential total temperature profile. Furthermore, the
skewed shape of the temperature distortion is recognisable once more in the different circumferential
location of the temperature distortion between hub, midspan and tip.
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FIGURE 8.4: Circumferential distribution of total temperature at hub (10% span), midspan (50% span) and tip
(90% span). 2 g/s injection.

8.1.3 PLANE A-TOTAL TEMPERATURE - INJECTED MASS FLOW 2.5 G/S

A second set of experiments with a higher mass flow was carried out, in order to study the effect of
the injected air mass flow on the total temperature distortion. The mass flow of the injected air was in
this second case 2.5 g/s. The complete set of temperatures tested for this mass flow is shown in TABLE
4.3. Also in this case, only the most relevant configurations will be presented here. In particular, the air
injection temperature of 298 K (25 °C — 33% of Ty nominal), 310.5 K (37.5°C — 50% of T nominal),
323 K (50 °C — 66% of Ty nominal) and 363 K (90 °C - 120% of Ty nominal) will be used for this
presentation. FIGURE 8.5 presents the total temperature measured by means of 5HP in plane A, for the
cases 310.5 K (37.5 °C), 323 K (50 °C) and 363 (90 °C). The figure is organised similarly to FIGURE
8.2. The total temperature distributions are presented on the left hand side and the difference between
the total temperature measured for the distorted cases and the total temperature of the clean inflow case
is presented in the plots on the right. Again, the percentage value presented in the plots is obtained using
the max temperature range measured in the clean inflow case as a reference for the difference between
the distorted cases and the reference case, according to Equation (8.1).

The effect of the injection of air in the inlet flow of the turbine stage can be seen in the temperature
contours once again. In fact, the intensity of the distortions can be compared to the intensity obtained
for the 2 g/s case, resulting higher for the higher injected mass flow. This is particularly evident
comparing the plots obtained for the 37.5 °C air temperature.

A similar behaviour of the distortion in relation to its radial height is noticeable in the plots, the
colder flow seems again to occupy a lower region of the channel compared to the hotter air injection
case, which is more evident in the upper half of the passage. The shape of the temperature distortion
appears to be very similar to the 2 g/s case, resulting skewed after the interaction with the IGVs.

The intensity of the additional air injection on the total temperature field can be understood looking
at the right column of the figure. The 37.5 °C case creates a T: distortion in plane A that reaches up to
75% of the reference total temperature range, which is higher than the distortion obtained for the 2 g/s
case. Instead, the distortion created by the 50 °C case results lower in intensity, as the injection
temperature was closer to the main flow temperature. The hotter air injection case determines a distortion
temperature up to more than 50% of the total temperature of the clean inflow case. Therefore, the effect
of the higher mass flow is observable in the total temperature distributions.
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FIGURE 8.5: Total temperature distribution for the 37.5 °C (up), 50 °C (centre), 900 °C (low) cases. 2.5 g/s
injection.
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The spanwise distributions of the total temperature circumferentially mass averaged over the region
influenced by the distortion for the 2.5 g/s cases is plotted in FIGURE 8.6.
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FIGURE 8.6: Radial distributions of circumferentially mass averaged total temperature in the complete
measurement sector (left) and in the distorted sector only (right). Plane A. 2.5 g/s injection.

As for the 2.0 g/s case, also for this configuration it can be seen that the trend of the temperature
distributions follows accurately the temperature of the injected air, determining a colder total
temperature distribution for the 298 K (25 °C), 310.5 K (37.5 °C) and 323 K (50 °C) injection
temperatures and hotter temperature profiles for the 363 K (90 °C) supplementary air temperature.

By comparing the radial distribution obtained for the 2.5 g/s case to the one measured for the 2.0 g/s
case, one can observe that the higher injected mass flow causes a stronger variation on the total
temperature profiles. In particular, the colder air cases seem to have a more intense effect on the
temperature distribution along the whole span and not only in the lower passage region as it was the
case for the 2 g/s injection. However, the effect of the warmer air injection results stronger at higher
span also in the 2.5 g/s configuration.

The three plots in FIGURE 8.7 represent the circumferential distribution of total pressure at midspan
(centre), hub (left) and tip (right) obtained from the data presented in FIGURE 8.5. As it was already
observed for the 2.0 g/s case, the temperature distortion generated by the air injection can be mainly
noticed in the midspan and tip plots. The circumferential skew of the temperature distortion is
responsible for the only partial presence of a signature of temperature distortion in the hub plot, since
the distorted region falls out of the measurement sector at this radial height.
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FIGURE 8.7: Circumferential distribution of total temperature at hub (10% span), midspan (50% span) and tip
(90% span). 2.5 g/s injection.

The effect of the different injection temperatures is well visible in the plots. In fact, the shape and
amplitude of the distortion in the he circumferential distribution of T; follows very well the trend of the
injection air temperature. Combining the information obtained from all the aerodynamic results
presented in this section it is possible to conclude that the mass flow and the temperature of the injected
air have a strong effect on the resulting total temperature distortion at the LPT stage inlet. In particular,
two effects can be highlighted. Firstly, it is evident that the higher is the injected mass flow, the higher
is the intensity of the distortion obtained in plane A. Secondly, the total temperature distortion amplitude
seems to follow a quite linear relation with the injection temperature. However, it should be noted that
the injection of warmer air behaves differently from the injection of colder air, resulting in a different
absolute amplitude of the distortion due to the same (negative or positive) difference between the main
flow and injected air temperatures. This can be understood observing the temperature profiles in
FIGURE 8.6: the amplitude the distortion for case 90 °C is higher than the distortion obtained for case
50 °C, even though the absolute temperature difference between the injected air and the main flow is
higher for the second case. These results could be connected to a different mixing behaviour of high
temperature, and therefore low density, air injected in the colder main flow, compared to the injection
of lower temperature and higher density fluid in warmer air.

8.1.4 PLANE C-TOTAL TEMPERATURE — INJECTED MASS FLOW 2 G/S

The flow field at the outlet of the machine was measured in plane C. The aim of this series of
measurements was to study the evolution of the temperature distortion through the stage. The results
will be presented for the case featuring 2.0 g/s additional air injection, as this case presented the closest
inlet total pressure profile to the reference case and allowed to reach higher injection temperatures.

The distributions of total temperature in plane C measured with air injection of 2.0 g/s at 310.5 K (37.5
°C) and 373 K (100 °C) are presented in FIGURE 8.8. The measurement sector was shifted during the
measurements to intercept the distorted flow, and is therefore located at a different circumferential
position. In particular, it is centred in 60 degrees from the machines top and covers 6 stator pitches.

Observing the two figures, and by comparing them to the stage out flow presented in FIGURE 6.5, it is
possible to notice the presence of a cold spot end a hot spot in the 37.5 °C case and in the 100 °C case
respectively. The central positions of the altered temperature regions are highlighted on the contour plots
with letters A and B. In particular, for the cold injection configuration, the total temperature in the mid
span region is the lowest measured in the sector, suggesting a strong presence of the cold air injected in
plane O at the rotor outlet. Also the 100 °C case presents a noticeable higher temperature zone in the mid
channel.

The interaction of the temperature distortion with the secondary vortices can be seen as well. Letters C
and D are positioned near the tip region, where an effect of the temperature alteration on the tip leakage
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flow can be observed. In particular, higher temperatures were measured in the tip region of the higher
temperature injection case and lower temperature can be observed at the tip of the colder injection case
compared to the clean inflow case. Effects of the inlet air injection can be seen also in the hub region,
where the temperature of the flow entrained in the hub secondary vortices is influenced by the inlet
temperature distortion. Letters E and F superimposed to the temperature contours refer to the localised
cold and hot spot that can be seen in both plots in the hub region.

Total Temperature Plane C37.5°C-2g/s Total Temperature Plane C100°C-2g/s
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FIGURE 8.8: Total temperature distributions in plane C. 2 g/s. 37.5 °C injection case (left) 100 °C injection
case (right).

In order to visualise the effects of the inlet total temperature inhomogeneity on the temperature
distribution downstream of the rotor blades, the circumferential T; distribution in plane C is plotted in
FIGURE 8.9 at hub (left), mid-span (centre) and tip (right). The main effects that were highlighted
observing the contour plots of FIGURE 8.8 can be found in this visualisation as well. It is interesting to
point out that the azimuthal position of the distorted flow in the stage outlet flow field is independent on
the temperature of the air injection. The circumferential migration of the T; alteration with the radial
height, that was already observed in plane A is noticeable also in plane C, and appears to be even more
significant.

Tt - 10% Span Tt - 50% Span Tt - 90% Span
1.001
0.998 1003
1}
i 0997
s 0999 f 1 1.002
L:“
= o090t 0.99
1.001
—+—T Dist37.5°C —+—TDist 37.5°C —+—T Dist37.5°C
0.997 f T Dist 100 °C | | 0995 —+—T Dist 100 °C —+—T Dist 100 °C
1
0 2 4 6 0 2 4 6 0 2 4 6
Ag"!g\fane Ag"j{"[}\a’arua AF}"jfg\."ane

FIGURE 8.9: Circumferential distribution of total temperature in plane C. Hub (10% span), midspan (50%
span) and tip (90% span). 2.0 g/s injection.
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It is possible to compare the circumferential distributions relative to the 100 °C case and 37.5 °C case
to study the differences in the outlet rotor flow between the injection of colder or warmer air.
Considering that the effect on the total temperature values seem to be comparable in absolute terms, it
can be said that the injection of hot air causes a stronger temperature distortion than cold air injection.
In other terms, that the hot temperature distortion is less mixed during stage crossing. This is
demonstrated considering that the temperature effect is similar for the two cases, even though the
temperature of the injected air is 66% higher than the clean inflow case in the hot injection case and
50% lower in the cold injection case.

8.1.5 ROTOR BLADE VIBRATIONS - INJECTED MASS FLOW 2 G/S

The blade vibration frequency spectra will be presented in the following section to analyse the impact
of the inlet temperature distortion on the rotor blade vibratory response.

The strain gauge data were processed following the same procedure presented in the paragraph above
about the pressure inlet distortion. An average with respect to the rotational speed and then an FFT was
performed. The spectra obtained have a resulting frequency resolution of 5 Hz. The results presented in
this work are relative to one strain gauge (SG2).

FIGURE 8.10 shows a comparison of the spectra obtained from the signals of SG2. As for the case
above, the results are presented in the form of strain normalised over the amplitude of the first mode of
the reference case. A comparison between the spectra enables the recognition of the impact of the
temperature distortion on the rotor blade vibrations. In particular, it can be seen that the most affected
mode is mode 1F. The amplitude of the first mode obtained for the colder air injection case (37.5 °C) is
lower than the level of mode 1F measured for the clean inflow configuration, whereas both the 1F
amplitudes measured with an inlet non-uniformity characterised by a profile of warmer air are higher
than the amplitude of the reference case. In more details, the 1F amplitude is 16% lower for the 37.5 °C
injection, 15% higher for the 95 °C injection and 67% higher for the 100 °C case. The 1F blade vibration
amplitudes are directly connected to the total temperature circumferential and radial distributions
presented in FIGURE 8.3, FIGURE 8.4 and FIGURE 8.9. In particular, the Tj= 100 °C case corresponds
to the highest total temperature positive distortion, in both plane A and C, and to the highest 1F
amplitude. The same correspondence between temperature distortion and vibration amplitudes can be
observed for the T;= 37.5 °C case, which exhibits the strongest negative distortion and the lowest 1F.
Consequently, the distorted temperature inflow conditions are thought to influence the rotor blades
excitation at the first eigenfrequency according to the temperature of the injected air.
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FIGURE 8.10: Forced response spectra of strain gauge 2. 2 g/s injection.

The strain energy evaluation procedure was applied also to this setup, to allow a better comparison
of the strain data. The strain energy was evaluated according to Equation (5.24). FIGURE 8.11 depicts
the results of this evaluation. Again, since the clean inflow case was taken as reference, it’s value is 1
in the bar-plot. Observing the figure, one can note that the trend seen in the 1F amplitude is replicated
by the strain energy. The colder air injection case presents lower strain energy over the investigated
strain, whereas the T;=95 °C and T;=100 °C cases display higher Esu.in. In particular, the set-up featuring
an air injection temperature of 100 °C exhibits the highest strain energy. These results are representative
of the impact of the inlet total temperature distortion on the rotor blade force response across the

complete vibration frequency spectrum.
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FIGURE 8.11: Strain energy evaluated from SG2 signal for the 2.0 g/s injection cases.

In order to analyse the relationship between the temperature of the inflow distortion and the blades
vibrations, the amplitudes of mode 1F obtained for the different cases are plotted in FIGURE 8.12. This
visualisation allows to understand the relationship between inlet temperature distortion and blade
vibrations amplitudes. In particular, there seems to be a direct relation between the two, so that the
warmer air injection determines higher 1F amplitude and colder air injection determines weaker blade
forced response at the first eigenfrequency. The effect of the temperature on the aerodynamic damping
could be connected to this result. In particular, the region of the passage characterised by a hotter
temperature determines a higher forced response of the rotor blades as they cross the distorted flow. The
opposite was measured for the colder air injection cases. A possible explanation could be found
considering that the major differences between the temperature profiles were found in the tip region,
where aerodynamic effects are associated with major changes in the rotor blades vibratory response. In
agreement to what observed by loannou in [99] and loannou and Sayma [128], the temperature excess,
or defect, present in the region characterised by the flow distortion determines a variation of the energy
flux impinging on the rotor blades, in particular in the tip region. This means that for the cases with
injection temperature lower than the inlet total temperature there is a higher concentration of highly
energetic fluid at high span, while in the cases where colder air is injected at the stage inlet, the energy
of the fluid available in the distorted region is lower. Therefore, this excess or defect of energy in the
inlet distortion, could be linked to higher or lower blade vibratory response respectively.
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FIGURE 8.12: 1F amplitudes for different air injection temperatures. 2 g/s injection.

8.1.6 ROTOR BLADE VIBRATIONS - INJECTED MASS FLOW 2.5 G/S

The spectra obtained for the cases characterised by a 2.5 g/s mass flow injection at the stage inlet
(plane 0) are presented in this section. The FFT spectra of the SG2 signal obtained for different injected
air temperatures are presented in FIGURE 8.13. The effect of the temperature distortion on the rotor
blade vibrations can be recognised similarly to the lower injected mass flow configuration presented
above. The trends are consistent with the 2 g/s injection cases. In particular, the amplitude of the first
mode obtained for the 37.5 °C air injection case is lower than the level of the 50 °C case, which in turn
results lower than the reference value, measured with clean inflow and a homogenous total temperature
inlet of 75.5 °C. In more details, amplitude of mode 1F results 32% lower than the reference case for
the T;=37.5 °C case and 21% for the T; = 50 °C. Moreover, the inlet non-uniformity characterised by a
profile of hotter air determines a higher first mode amplitude than the reference case. The Tj= 90 °C
injection case shows a 1F amplitude 10% higher than the clean inflow case.

The plots shown in the presentation of the aerodynamic results agree with the blade vibration data
reported here. In particular, by comparing FIGURE 8.5 and FIGURE 8.13 one can observe that the T;=
90 °C shows both the higher 1F amplitude and the strongest Total temperature disturbance in the stage
inlet flow field. in a similar way, the cases corresponding to the injection of air at a lower temperature
than the average temperature at the stage inlet, Tj = 35.5 °C and Tj = 50 °C, determine a negative
temperature distortion, and consequently influence the amplitude of the first mode in the spectra
presented in FIGURE 8.13, which is smaller than the case with clean inflow.

Consequently, since a very similar trend was shown by the two tested configurations, it is possible
to affirm that the temperature of the inlet distortion has a well-defined effect on the rotor blades vibratory
response.
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FIGURE 8.13: Forced response spectra of strain gauge 2. 2.5 g/s injection.

The strain energy was evaluated according to Equation (5.24) also for this injection mass flow rate.
The results are shown in FIGURE 8.14. Once again, the clean inflow case value is 1 in the bar plot, as
it was taken as reference. By comparing the bar plot with the blade vibration spectra, one can note that
the strain energy contained in the SG signal follows same trend of mode 1F amplitude. The colder air
injection, which determines a strong negative total temperature defect visible in FIGURE 8.5, presents
lower strain energy over the investigated frequency range. a similar behaviour can be found for the case
with air injection at the temperature of 50 °C, which presents a less intense temperature distortion than
the case T;= 37.5 °C and consequently a higher deformation energy, but still lower than the reference
case. The temperature distortion intensity-strain energy trend is confirmed by the Esw.in evaluated for the
set-up featuring an air injection temperature of 90 °C. This case exhibits higher values than the reference
case, consistently with the positive temperature energy distortion shown in the presentation of the
aerodynamic results relative for this case in FIGURE 8.5 and FIGURE 8.6. therefore, the combined
analysis of the 5HP and strain gauges’ measurements allows the recognition of a relation between the
intensity of the temperature distortion and the rotor blades forced response, which was already visible
in the results presented for the 2.0 g/s mass flow injected case and can be found in the 2.5 g/s case data

as well.
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FIGURE 8.14: Strain energy evaluated from SG2 signal for the 2.5 g/s injection cases.

A plot presenting a better visualisation of the relationship between the temperature of the inflow
distortion and the blades vibrations for the 2.5 g/s configurations is presented in FIGURE 8.15. The
direct relation between the intensity of the distortion generated by the injection of secondary air in the
inlet plane of the stage and the amplitude of the first mode, which is the most affected by the inflow
inhomogeneity, is evident again in this plot.

The presence of a flow region characterised by higher, or lower, temperature in the stage inflow, is
connected to the presence of a zone crossed by the rotor blades with more, or less, energy. This appears
to be directly connected to the vibratory behaviour of the blades. Ultimately, the results presented for
the 2.5 g/s injection case support the conclusion obtained already for the 2.0 g/s case, confirming that
the excess or defect of energy determined by the inflow total temperature distortion could be associated
to a direct modification of the blade vibratory behaviour.
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FIGURE 8.15: 1F amplitudes for different air injection temperatures. 2.5 g/s injection.
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9. TOTAL TEMPERATURE AND PRESSURE

INLET DISTORTION IN PLANE A

This chapter examines the combined effect of a total pressure and temperature distortion in plane A.
The results of the measurement campaign presented here are based on the set-up described in 4.4.3. The
effects of the generation of a total temperature and pressure distortion very close to the stator inlet of
the modern low pressure turbine stage will be highlighted by investigating the flow field downstream of
the rotor row and the blades vibratory behaviour. The air injection considered for this part of the
experimental campaign is located in the same plane utilised for the generation of the inlet inhomogeneity
discussed in section 7.2. moreover, the injection is performed using a similarly shaped device.
Consequently, the results presented in 7.2 will be compared with the ones obtained with the current
setup. The aim is to investigate the effect of the injection of air at different flow rates and temperatures
and its interaction with the distortion created by the wake of the cylindrical total pressure distortion
generator.

9.1 PLANE C - AERODYNAMIC RESULTS — INJECTED MASS FLOW 2 G/S

The results of the aerodynamic measurements will be presented and compared in detail in this section.
The rotor exit flow field is studied and compared with the clean inflow case and with the P; distortion
cases, in order to evaluate the effects of the inflow distortion on the rotor blade excitation. The effect of
the inlet inhomogeneity on the rotor blade vibrations will be analysed starting from the modifications
that the temperature and pressure distortion combinations determines on the flow field and consequently
on the aerodynamic excitation of the blades.

In order to maintain a consistent behaviour of the air injection system, also for the air injection in
plane A, the mass flow rates were 2.0 g/s and 2.5 g/s. The first injection mass flow that was tested was
2 g/s. It was decided to inject the air at the two extreme temperatures used already for the injection in
plane 0. In particular, the two cases tested had an injection temperature of 310.5 K (37.5 °C) and 373
(100 °C).

The flow field downstream of the investigated low pressure turbine stage measured by means of 5HP
in plane C is presented in FIGURE 9.1. The figure presents an aft-looking-forward visualisation of the
time-averaged total pressure (left) and total temperature (right) measured for the two temperature
injection cases.

The total pressure distribution displayed in the left plots of FIGURE 9.1 shows areas of low
momentum fluid concentrated in the region between 20% and 80% span, highlighted on the P; contours
with the letters A and A’. This low momentum regime is characterized by a drop in total pressure that
reaches up to more than 50% of the measured range in the core flow. One can additionally note that the
low total pressure flow influences both the wakes and core flow regions originating from the stator
vanes. The effect of the injection of air at different temperatures is difficult to understand in this
visualisation, but it seems that the higher temperature air determines a stronger total pressure reduction
in the centre on the channel. More details about this comparison will be discussed presenting the P; radial
and circumferential distributions.

Another effect of the inflow non-uniformity of total pressure and temperature at the stage inlet can
be recognised in the tip and hub regions. Letters B and B’ are superimposed to the total pressure contours
to signal the region of tip flow in plane C that is influenced by the air injection in plane A. Both cases
seem to have a higher total pressure in correspondence of the distorted flow area. In the hub region, C



Total temperature and pressure inlet distortion in plane A
134

and C’ correspond to an area of low total pressure. Comparing the two air injections, the two cases seem
to have a very similar behaviour at this span height.
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FIGURE 9.1: Total pressure (left) and temperature (right) distribution in plane C for the 37.5 °C (above) and
100 °C (below) cases. 2 g/s injection.

The total temperature field is depicted on the right in FIGURE 9.1. A distributed region of higher
total temperature can be recognised in correspondence of the low total pressure areas discussed above.
The origin of the higher total temperature can be found in the different way the distorted flow
characterised by lower or higher temperature and lower momentum interacts with the rotor blade row
and the work extraction in this region. In fact, as it was shown in the section above regarding the stage
performance with the presence of a single total pressure inlet distortion, lower work extraction
corresponds to a higher total temperature recorded in the wake of the blockage. This is the reason that
determines the presence of a higher T; also in the case of air injection at a temperature lower than the
clean inflow reference case temperature.

The effect of the air injection can be noted also in the endwall flows. Letters E and E’ are
superimposed to the T contours to show the effect of the inlet air injection in plane A on the tip leakage
flow. The temperature in this area is higher than in the reference case presented in FIGURE 6.2 for both
injection temperature cases, with the T;= 100 °C showing the higher temperature. A similar behaviour
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can be observed in the hub region, labelled with letters F and F’, where in correspondence of the total
pressure reduction, a region of high temperature can be seen.

It is possible to compare the total temperature flow non-uniformity that is visible in the flow field
downstream of the LPT rotor for the total temperature and pressure inlet distortion configuration with
the higher total temperature region measured for the P; distortion only cases. The interesting outcome is
that the total temperature in the distorted area at the rotor exit is lower for the air injection cases in plane
A than for the Pr-only case, suggesting that the air injected at the stage inlet travels through the stage
together with the low momentum fluid in the wake of the injector promoting the extraction of more work
from the flow than in the P; distortion only case.

A comparison between the cases concerning the generation of distortions in plane A and the reference
case can be facilitated studying the radial distributions of the flow quantities. The total pressure mass
averaged radial distribution is plotted in FIGURE 9.2. The figure contains the curves of the clean inflow
case, Pr-only, and two curves of the combined effect (in blue and red). The plot on the left refers to the
entire measured sector, while the graph on the right focuses only on the area affected by the distorted
flow. The graphs are presented to allow the comparison between the total pressure only distortion and
the generation of a total temperature and total pressure inhomogeneity in plane A, upstream of the LPT
stage.

Observing the plot on the left of FIGURE 9.2 it is possible to note that the injection of air from the
distortion generator determines a visible difference between the total pressure profiles of the Pi-and-T;
distortion cases and the P; only distortion case. It appears that the injection of air has the effect of filling
the wake of the cylinder, reducing the intensity of the total pressure inhomogeneity and consequently
generating a pressure profile in plane C closer to the profile of the reference case. A strong reduction is
still visible in the span region between 15% and 30 %, where the radial distribution is dominated by the
vane passages core flow, which therefore results altered also in the Pi-and-T cases with respect to the
clean inflow reference. The chart on the right refers only to the part of the measurement sector that is
really affected by the distorted flow in plane C. It has been evaluated isolating the region of the measured
flow fields where a non-zero difference with the reference case could be evaluated and then averaging
the values at each span height along the circumferential direction.
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FIGURE 9.2: Radial distributions of circumferentially mass averaged total pressure in the complete
measurement sector (left) and in the distorted sector only (right). Plane C. 2 g/s injection.

The effect of the air injection is noticeable comparing the air injection cases with the total pressure
distortion only configuration. Both injection cases show a higher total pressure distribution along the
span, more like the clean reference case. Higher total pressure values are visible in the tip region as well
as in the upper part of the central span region. The air injection determines a reduction of total pressure
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more intense in the hub region, where both the T;= 37.5 °C and T;= 100 °C display a very similar P;
distribution, which results lower than both the clean case and the P; distortion only case. This is an
evidence that the injected air entrains in both the tip and the hub secondary flows while crossing the
stage and determines a detectable modification of the flow field downstream of the rotor row. Together
with the endwall flows, the plots clearly show a modification of the inlet distortion also in the mid-span
region.

The total temperature radial distributions are depicted in FIGURE 9.3. The left hand side plot is
referred to the complete measurement sector. The case featuring air injection at a temperature of 37.5
°C shows a total temperate profile across the sector lower than the reference case, while the 100 °C
injection case presents a temperature distribution much more similar to the clean inflow case. The
injection of air in plane A determines a reduction of the temperature wake generated by the total pressure
distortion generator when used alone, as this case still present the higher T in plane C across the whole
channel downstream of the rotor row. Observing the plot on the right, which is referred to the sector
impacted directly by the inlet distortion flow, one can have a more detailed view of the real effect of the
injection of air in plane A on the flow downstream of the rotor. It can be observed that the air injection
has a particularly strong effect in the endwall regions. In particular, the T; = 37.5 °C distribution shows
low T mainly in the vicinity of the hub, but also close to the tip. In a similar manner, the injection of
warmer air determined substantially higher total temperature in the hub region, consistently higher also
of the Py distortion only case. These findings suggest that the air injected in the wake of the inlet
distortion generator in plane A is subject to a separation and a radial migration. Specifically, even if the
injection was designed to generate radially even distributed inflow inhomogeneity, the air injected is
entrained in the secondary flow close to the endwalls and is responsible for the modification of the flow
field downstream of the stage.
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FIGURE 9.3: Radial distributions of circumferentially mass averaged total temperature in the complete
measurement sector (left) and in the distorted sector only (right). Plane C. 2 g/s injection.

In order to obtain more information on the aerodynamic flow field downstream of the stage, and to
study the forcing on the rotor blades, the radial distributions of static pressure and temperature will be
analysed now. FIGURE 9.4 depicts the span wise distributions of static pressure in plane C mass
averaged along the circumferential measurement sector. Analysing the plots, it can be seen that the P;
distortion only case determines the highest pressure reduction along the whole span. This is in
accordance with the total pressure plots presented in FIGURE 9.2. Contrarily, the cases featuring air
injection in plane A display a pressure distribution along the span higher than the clean inflow case. This
is visible both in the complete measurement sector and in the plot on the right, which is referred only to
the area occupied by the distorted flow. Comparing the two cases, it is evident that the injection of colder
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air at the stage inlet leads to a condition of higher pressure downstream of the rotor blades than the 100
°C case.

P radial distribution- 2 g/s P radial distribution distortion region -2 g/s
100 . 100 .
< e
—+—Clean inflow —+—Clean inflow
80 —+— Pt Dist Only 80R_+ Pt Dist Only
—+—TDist37.5°C —+—TDist37.5°C
T 60 fj—+—TDist 100 °C 60 |——T Dist 100 °C
=
g
& 4o} 40}
20 20
0 + 0 .
0.995 1 1.005 0.995 1 1.005
p/pref [] p/pref []

FIGURE 9.4: Radial distributions of circumferentially mass averaged static pressure in the complete
measurement sector (left) and in the distorted sector only (right). Plane C. 2 g/s injection.

An analysis of the temperature profiles in plane C can also help the comprehension of the rotor blade
aerodynamic excitation due to the temperature distortion. The span-wise temperature distributions are
plotted in FIGURE 9.5. As for the previous visualisations, the plot on the left is referred to the
measurement sector, while the right hand side plot is concentrated only on the area of distorted flow.
The distribution of temperature in plane C is very similar to the distribution of total temperature. The
case featuring the inlet distortion generator without air injection shows the highest temperature raise
relative to the clean inflow case. The air injection configurations instead, present radial distributions that
are consistent with the temperature of the injected air. In particular, studying the plot on the right referred
to the distorted region only, it can be seen that the 37.5 °C injection case determines a lower temperature
rise than the hot air injection case. An important difference is noticeable in the lower span region close
to the hub, where the effect of the temperature distortion generated in the temperature distortion cases
appears to be stronger on the radial distribution than the P; distortion only case.
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FIGURE 9.5: Radial distributions of circumferentially mass averaged temperature in the complete
measurement sector (left) and in the distorted sector only (right). Plane C. 2 g/s injection.
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The behaviour of the static pressure and temperature in plane C can be explained considering that
the mass flow injection in plane a determines a double effect. On one hand, the air injection fills the
region downstream of the injector, reducing the impact of the injector’s wake on the turbine
performance. In particular, according to the results presented in 7.2.1, the reduction of the wake flow
corresponds to an increase in the work extraction in the distorted region. On the other hand, the
temperature of the injected air directly modifies the thermodynamic condition of the flow in the distorted
region determining the modification of the air temperature at the inlet of the stage. Therefore, the
injection of colder air corresponds to lower temperature entering the stator row, while the injection of
air at a temperature higher than the main flow corresponds to a localised higher temperature region at
the stator inlet. The effect of the injection in plane A is therefore a combined effect of both the injected
mass and its temperature.

A description of the flow evolution through the stage based on a schematic T-s diagram is considered
useful to explain the effects of the flow injection in plane A. The evolution of the distorted flow can be
visualised considering the combined effect of the mass flow injected and the temperature of the injection.
The analysis is focused on the evolution of the flow between plane A and plane C. The visualisation of
the thermodynamic transformation between the two states is used here as an attempt to introduce a
simple model to support the explanation of the results obtained downstream of the LPT stage when a
combined total pressure and total temperature distortion is generated at the stage inlet.

A T-s plot representing the thermodynamic transformation of the flow in the stage is presented in
FIGURE 9.6. The starting state of the transformation are the flow conditions of the flow in plane A. The
end state of the flow in plane C is described by the P and T measured by 5HP for each different case
presented in FIGURE 9.4 and FIGURE 9.5. The different values of pressure and temperature measured
in plane C for the four investigated cases are related to the different work exchanged through the stage
by the flow because of the distortion. It is convenient to begin the description of the plot considering the
P-distortion only case, which is represented by the green line in the figure. The flow contained in the
distorted region exchanges work through the stage with a certain efficiency, which is expected to be the
worst one between the investigated cases, considering that the wake of the injector is the most intense
for this configuration. The case characterised by warmer air injection is represented in the plot by the
red line. In this case, the transformation starts from a higher temperature and since the mass flow
injection in the injector wake reduces the intensity of the wake, the efficiency of this transformation is
expected to be higher, closer to the clean inflow case one. This is represented in the T-s plot by a more
vertical transformation line Therefore, the end state in plane C is characterised by a higher pressure and
a lower temperature. A similar behaviour is expected from the colder injection cases, represented by the
blue line. The main difference is that in this case the initial state is at a lower temperature. Considering
the same injected mass flow for both the warmer and colder cases, the effect on the efficiency of the
transformation can be considered similar. This leads to an even lower final temperature, as shown by
the final state of the blue line in FIGURE 9.6.

With regards to the effect of the injected mass flow rate, it can be considered that to a higher mass
corresponds a stronger effect on the temperature, and a more intense effect on the wake intensity
reduction. This leads to an even more relevant improvement in the work extraction in the distorted
region.
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FIGURE 9.6: Schematic T-s plot representing the thermodynamic transformation of the flow between plane A
and plane C.

It is useful to study the circumferential distribution of total pressure and total temperature in plane C
to highlight a series of interesting aspects related to the air injection at the stage inlet. A visualisation of
the total. pressure measured at midspan (centre), hub (left) and tip (right) is depicted in the three plots
in FIGURE 9.7. The wakes of the stator vanes are clearly noticeable at all span heights observing the
clean inflow case. The effect of the modifications in the temperature profile at the stage inlet determined
by the air injection are clearly noticeable in the hub region, where the T; = 100 °C injection and the T;=
37.5 °C case are show low values of total pressure. It appears that injected air has a particularly strong
effect on the structures related to the stator vanes close to the hub wall. In the mid-span region, the effect
on the total pressure results less pronounced and in particular lower than the P; only distortion case. In
the tip region the air injection cases show a trend similar to the P; only distortion. The higher level
demonstrated is due to the additional air merging with the fluid flowing around the injector.
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FIGURE 9.7: Circumferential distribution of total pressure at hub (10% span), midspan (50% span) and tip
(90% span). Plane C. 2 g/s injection.

The circumferential distribution of total temperature in plane C is presented in FIGURE 9.8. The
effects of the injection of secondary air at different temperatures can be seen in the three plots at hub,
mid-span and tip. In particular, the distortion generated by an air temperature lower than the clean case
inflow temperature determines a strong reduction of T in plane C distributed across the whole
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circumferential sector in the region. Instead, at the same span height, the T;= 100 °C case shows an area
characterised by a much higher total temperature. At midspan the influence of the air injection appears
to be also noticeable, with the T;j= 37.5 °C case showing the lowest temperature profile between the
distorted cases. As already discussed in the radial distributions, the effect at midspan is higher for the P;
only case. In the tip region the air injection cases are again determining stronger deviation from the clean
case then the P; only case. This effect is caused by the radial redistribution of the injection air, which
even if still present at midspan, is subject to a radial displacement towards the hub and the tip as a
consequence of the crossing through the stage.
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FIGURE 9.8: Circumferential distribution of total temperature at hub (10% span), midspan (50% span) and tip
(90% span). Plane C. 2 g/s injection.

The radial displacement of the inflow temperature distortion was observed by Gaetani and Persico
in [103] and by Gaetani et al. [104], who presented experiments and numerical simulations focussed on
the propagation of hot-streaks through an HPT stage. A strong migration in spanwise direction of the
perturbations was reported, especially through the rotor row. Jenny et al. [106] also analysed the flow at
the rotor exit under the presence of hot-streaks, demonstrating that the hot gases migrate towards the
end walls and interact with the secondary flow structures in the hub region. The authors concluded that
there is a radial inward movement of the hot spot towards the hub through the rotor row.

9.2 PLANE C - AERODYNAMIC RESULTS — INJECTED MASS FLOW 2.5 G/s

In order to study the effect of the mass flow injection in plane A, a second set of measurements were
performed with m; = 2.5 g/s injected through the distortion generator. The temperatures used for this
part of study was 310.5 K (37.5 °C) and 363 (90 °C).

The presentation of the results follows the same approach of the previous section, The flow field
measured by means of 5HP in plane C is presented in FIGURE 9.9. On the left hand side of the figure
it is possible to see the time-averaged total pressure and on the right hand and side the total temperature
measured for the two temperature injection cases.

Letters A and A’ in FIGURE 9.9 highlight the region between 20% and 80% of the flow channel,
where areas of low momentum fluid can be seen in the total pressure field. The drop in total pressure in
this region reaches a maximum of 50% of the core flow range. Additionally, it can be observed that both
the wakes and the stator flow regions are affected by the distorted inflow. Observing the flow in the
centre span region, it is possible to notice that the injection of colder temperature corresponds to a
slightly lower P; distortion intensity, i.e. to higher total pressure values in the centre field.

The effect at the tip and hub that was shown in the previous section can be recognised also in this
results. Regions of tip flow that are influenced by the T; and P, distortion in plane A are signalled with
letters B and B’. Higher values of total pressure in correspondence of the distorted tip area can be seen
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also in this case. In the region close to the hub, an area of low total pressure can be observed labelled
with letters C and C’. The two temperature cases seem to have a similar effect at this span height. All
this results are similar to the ones obtained for the 2.0 g/s injection, which permits us to conclude that
the injection of more mass flow in plane A does not influence the general behaviour of the distorted
flow through the stage, when the total pressure is taken into consideration. More details regarding this
will be discussed cornering the temperature and the radial and circumferential distributions.

The right hand side plots of FIGURE 9.9 depict the total temperature field for the two configurations
measured. As for the case above, higher total temperature was measured in correspondence of the region
characterised by the low momentum fluid, as labelled by letters D and D’. A comparison between the T;
contours in the figure and the ones referred to the m; = 2 g/s case, allow the analysis of the effects of
the injection temperature and of the injected mass flow. Firstly, the injection of a slightly higher mass
flow at lower temperature seems to determine a lower impact of the temperature hotspot on the flow
field downstream of the rotor row. This means that the temperature of the hot spot at the stage inlet is
the parameter that determines the impact of the distorted flow on the stage. Secondly, comparing the Tj
= 37.5 °C, it is possible to notice that the temperature is slightly more influenced in the m; = 2.5 g/s
case, in particular in the tip region. The presence of more low temperature flow at that span height is
considered to be the cause of this. This comparison will be expanded in the following presentation of
the radial and circumferential distributions of Py and T..

As for the previous case, it is interesting to point out the effects of the air injection on the endwall
flows. Letters E and E’, and F and F’ highlight the effects of the inlet air injection in plane A on the tip
leakage flow and on the hub secondary flows. In both regions, a total temperature hot spot can be seen.
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FIGURE 9.9: Total pressure (left) and temperature (right) distribution in plane C for the 37.5 °C (above) and
90 °C (below) cases. 2.5 g/s injection.

The total pressure mass averaged radial distribution corresponding to the m; = 2.5 g/s case is
plotted in FIGURE 9.10. The whole measurement sector is presented on the left, while the distorted area
is the focus of the plot on the right.

By comparing the plot on the left of FIGURE 9.10 with the correspondent visualisation depicted in
FIGURE 9.2, it is possible to see that the injection of more air from the distortion generator determines
only a small difference in the total pressure profile of the measured channel. The effect of filling the
distortion generator wake can be seen also here, with the only difference that the distribution seems to
be slightly higher in the higher mid-span region, just below the tip flow region, at around 80% span.
However, this difference is very small. Studying the plot referring to the distorted region, the effects of
air injection can be broken down in the three span wise regions. As for the 2.0 g/s case, higher total
pressure was measured in the tip region and a reduction is noticeable close to the hub. It can be also seen
that the injection of more mass flow in plane A determines a less intense reduction of total pressure near
the hub region and a stronger increase in the tip flow. The detailed analysis of the P; distribution in the
core of the distorted flow therefore allows to see that the increased mass flow of the injection enhances
the effect of filling the generator wake. The result is a higher P; radial distribution across the span, which
is then closer to the clean inflow reference case distribution.
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FIGURE 9.10: Radial distributions of circumferentially mass averaged total pressure in the complete
measurement sector (left) and in the distorted sector only (right). Plane C. 2.5 g/s injection.

FIGURE 9.11 shows the circumferentially mass averaged total temperature radial profiles. Again,
the plot on the left is referred to the complete measurement sector. The injection of air at a rate of 2.5
g/s determines a lower total temperature profile for the colder air injection case and a very similar
distribution to the clean inflow case for the 90 °C temperature case. The distributions shown in the plot
are very similar to the 2.0 g/s case. The main differences can be analysed considering the plot on the
right hand side, which refers only to the sector impacted directly by the inlet distortion flow. In
particular, the injection of more mass flow at 37.5 °C determines a colder temperature profile at both tip
and hub span heights, but a higher average temperature in the central span area. The effect of the
additional mass flow at 90 °C seems to be balanced out by the fact that the lower mass flow case had a
higher injection temperature and therefore the temperature profiles appear similar. higher temperature
seems instead to be balanced out by the lower temperature. The radial migration effect highlighted in
the presentation of the results relative to the lower mass flow case seem to be consistent with the radial
distribution presented here. Consequently, it can be seen that he injection of more mass flow determines
a stronger effect near hub and tip.
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FIGURE 9.11: Radial distributions of circumferentially mass averaged total temperature in the complete
measurement sector (left) and in the distorted sector only (right). Plane C. 2.5 g/s injection.
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As for the presentation of the results related to the 2.0 g/s injection, also the static pressure and
temperature distributions are taken into consideration here. The static pressure radial trends for the cases
tested are represented in FIGURE 9.12. Both plots present a very similar distribution to the 2.0 g/s
injection case. In particular, the P; only case still shows the lowest pressure, while the two air injection
cases present two pressure profiles higher than the clean case. In particular, in the plot on the right is
clear that the 37.5 °C air injection determines the highest pressure in plane C. The injection of air at a
temperature higher than the reference case generates a higher temperature distribution in plane C
compared to the reference, but lower than the 37.5 °C case.

It is possible to compare the pressure distributions in FIGURE 9.12 with the distributions obtained
for the 2 g/s cases. In general, it can be observed that the additional mass flow injected determines a
distortion of static pressure in plane C characterised by a very similar static pressure distribution. The
only marginal difference that can be seen between the cold air cases, is a slightly higher pressure
distribution in the lower channel for the 2.5 g/s case. The injection of hot air at a slightly lower
temperature instead seems to determine a relatively smaller reduction of the intensity of the pressure
distortion.
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FIGURE 9.12: Radial distributions of circumferentially mass averaged static pressure in the complete
measurement sector (left) and in the distorted sector only (right). Plane C. 2.5 g/s injection.

The temperature in plane C for the 2.5 g/s cases is depicted in FIGURE 9.12. As for the static
pressure, the temperature follows the same trend of the 2.0 g/s cases. The modifications of the radial
distributions are evident in the right hand side plot, with an increasing temperature starting from the
clean case to the 37.5 °C injection, to the 90 °C injection and ending with the P; only distortion case, in
which the wake of the injector cylinder is not filled with any injected fluid, resulting in the stronger
temperature distortion in the flow field in plane C. By comparing the temperature distributions in the
distorted region with the distributions presented in FIGURE 9.5, one can observe that the injection of
an additional mass of colder air generates a more intense temperature reduction effect near the hub and
tip in the distorted region. Similarly, for the case with hot air injection it seems that the additional
injected mass injected at a temperature of 90 °C instead of 100 °C as for the 2 g/s case, determines a
lower temperature profile than the one recorder for the 100 °C and 2 g/s configuration.
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FIGURE 9.13: Radial distributions of circumferentially mass averaged temperature in the complete
measurement sector (left) and in the distorted sector only (right). Plane C. 2.5 g/s injection.

These results obtained for the 2.5 g/s injection case are consistent with the explanation already
introduced in the previous section, relative to the lower injected mass flow case, as the combined effect
of the injected air mass flow and temperature is visible also in the 5SHP data measured for this case.

The plots presented in FIGURE 9.14 and FIGURE 9.15 show the total pressure and total temperature
distribution along the circumferential direction for the 2.5 g/s case. A comparison between the total
pressure plots in FIGURE 9.14 with the previously presented case depicted in FIGURE 9.7 shows that
the distributions are very similar, and the same observations already obtained studying the contours and
the radial distributions can be made.

Additionally, also the total pressure plots appear to be very similar to the 2.0 g/s cases. A more
relevant difference, more important because located in the tip and hub regions, can be observed
comparing the plots relative to the total temperature in plane C. In particular, a lower total temperature
is determined by the injection of more mass flow in the tip and hub regions for the 37.5 °C case. This is
visible in the right hand side plot of FIGURE 9.15. This occurs because more air is located in the hub
and tip regions due to the radial shift of injected air and therefore the impact on the temperature is higher.
In general, it can be observed that the 2.5 g/s mass cases can be linked to the generation of lower
distortions in the temperature flow field in plane C.
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FIGURE 9.14: Circumferential distribution of total pressure at hub (10% span), midspan (50% span) and tip
(90% span). Plane C. 2.5 g/s injection.
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FIGURE 9.15: Circumferential distribution of total temperature at hub (10% span), midspan (50% span) and
tip (90% span). Plane C. 2.5 g/s injection.

9.3 ROTORBLADE VIBRATIONS - INJECTED MASS FLOW 2 G/S

The frequency spectra related to the blade’s vibrations acquired for the 2 g/s injection in plane A
cases will be discussed in this section. The aim is to study the interaction between the generation of a
strong distortion in the flow field close to the stage inlet. Differently for the results presented in chapters
7 and 8, the injection of air in plane A generates an alteration on both the temperature and pressure
distributions, as presented in the aerodynamic analysis above, introducing the possibility to study
different distortion intensities

The same post processing procedure presented above was used to study the SG data. An FFT was
performed after the data were averaged with respect to the rotational speed. The resulting spectra have
frequency resolution of 5 Hz. Consistently with the data described above, the results presented in this
work are relative to one strain gauge (SG2).

FIGURE 9.16 presents a comparison between the spectra obtained for the air injection cases as well
as for the P only inlet distortion case. From the signals of SG2. The amplitudes shown in the plots are
normalised with the strain of the first eigenfrequency (1F) of the reference case. By comparing the three
plots it is possible to observe that the simple total pressure distortion case gives the higher vibration
amplitude of the first eigenfrequency, with a value 6.24 times higher than the clean case. The second
highest 1F amplitude was measured for the low temperature distortion case, which resulted in a value
5.35 times higher than the 1F amplitude measured for the reference configuration. Finally, the case with
T; = 100 °C shows an amplitude of the mode 1F 5.04 times higher than the clean inflow case.

The trend exhibited by the 1F amplitudes is not simple to interpret. The evidence that was found in
the distributions of the first flap wise bending mode amplitudes obtained for the cases with air injection
in plane 0 seems to be not valid for the new cases. Consequently, the interpretation of the results is not
as straightforward. In order to link the behaviour of the blade forced response to the aerodynamic
modifications and disturbances created in plane A with the injection of air right upstream of the stage
inlet is necessary to associate the effects of the distortions on both the temperature and the pressure
distributions. In particular, observing the pressure and temperature radial distributions depicted in
FIGURE 9.4 and FIGURE 9.5, it is possible to see that the cases that determine the higher static pressure
disturbance are the T; = 37.5 °C case and the P; distortion only. The T; = 100 °C case instead, shows a
pressure distribution that appears to be closer to the clean inflow case. Therefore, it can be said that the
influence on the blade vibratory behaviour for these configurations is not only dominated by the
temperature distributions, but also by the strong modifications on the pressure fields determined by the
combined inlet distortion generation. In the 37.5 °C case, the higher static pressure that characterises the
flow field at the rotor exit is strictly connected to a higher static pressure region crossed by the rotor
blades in the distorted flow. Consequently, the effect on the temperature field due to the injection of
colder air in the wake of the distortion generator is counterbalanced by an increase of static pressure.
This determines that the case characterised by the colder air temperature profile in plane C is connected
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to a higher vibration level. Furthermore, considering the combined effect of the mass flow and
temperature of the injected air it can be stated that the case with the most intense flow distortion is the
colder air injection case, considering that at the same mass flow corresponds a higher temperature
difference between the injected air and the main flow. To this case corresponds the highest amplitude

of the blade vibratory response at the first mode.
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FIGURE 9.16: Forced response spectra of strain gauge 2. 2 g/s injection in plane A.

In order to link the excitation due to the modifications on the flow field due to the presence of the
inflow inhomogeneity, the same procedure applied in the previous chapter for the study the EO
excitation contained in the aerodynamic flow field measured downstream of the rotor blade was used
here. In particular, the Fourier transformation was applied in the circumferential direction to the
aerodynamic distributions measured at 50% span. The results of the decomposition of the flow field at
mid-span are presented in FIGURE 9.17. The amplitudes reported are only intended to be a qualitative
visualisation and are normalised with the amplitude due to the forcing of the stator vanes wakes,
corresponding to the EO96 excitation, measured for the clean inflow case.

Analysing the plots, it can be noticed that all the configurations featuring inlet inhomogeneities
present high excitation amplitudes at low engine orders. This result was expected for the P; only
distortion case, as in fact this result was already introduced in section 7.2.2. A similar behaviour is
visible in the plots referring to the addition of air injection, in the wake of the distortion generator in
plane A. The excitation level at low engine orders seems to be higher also for these cases. Therefore, it
can be affirmed that the inflow inhomogeneity generated directly in front of the stator vanes, propagates
through the stage, causing an additional aerodynamic excitation at low engine order, which determines
an alteration of the 1F mode vibratory response.
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FIGURE 9.17: Engine order excitations evaluated for the clean inflow case and for the distortion cases in plane
C. 2 g/s injection in plane A.

In order to facilitate the comparison between the cases, the amplitudes of mode 1F are plotted in
FIGURE 9.18 against the temperature of the injected mass flow in plane A. It must be underlined that
the injection of warmer air does not correspond to a higher temperature in the measurement plane
downstream to the rotor blades. The case registering the highest T in plane C was the P; distortion only
case, which also showed a strong pressure distortion in the region affected by the distorted flow.
Considering that the highest 1F amplitudes were measured also for the same configuration, it can be
affirmed that there is a strong connection between the rotor blade vibratory behaviour and the
combination of the intensities of both the temperature and the pressure distortions measured in the
distorted region of flow field.
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FIGURE 9.18: 1F amplitudes for different air injection temperatures. 2 g/s injection in plane A.

9.4 ROTOR BLADE VIBRATIONS - INJECTED MASS FLOW 2.5 G/S

This section regards the data relative to the cases characterised by a 2.5 g/s mass flow injection in
plane A. The FFT spectra presented in FIGURE 9.19 are referred to the SG2 signal obtained for two
injected air temperatures configurations and for the P; distortion only case, which is again used as a
reference for the vibration level comparison. The 1F amplitudes trend is consistent with the 2 g/s
injection cases presented in FIGURE 9.16. The effect of the distortions in the pressure and in the
temperature fields on the rotor blade vibrations can be recognised, likewise to the lower injected mass
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flow configuration presented above. In particular, the T;= 37.5 °C case shows an amplitude of the first
eigenfrequency (1F) 5.03 times higher than the reference case. Once again, the higher injection
temperature configuration follows with a mode 1F amplitude 4.84 times higher than the clean inflow

value.

Even though the amplitudes obtained with the injection of an additional quantity of air follow the
same trend as the 2.0 g/s mass flow cases, the absolute amplitudes seem to be slightly lower. This
behaviour can be connected to the differences of temperature measured in the region occupied by the
distorted flow and to the stronger effect of the additional injected mass flow on the wake of the injection
cylinder. In particular, from the analysis of FIGURE 9.13 it was observed that a lower temperature in
the end wall regions, due to the additional mass of colder air injected in the 2.5 g/s - 37,5 °C case
generates a more intense temperature reduction effect near the hub and tip in the distorted region. In the
same way, for the hot air injection case, the injection of more mass at a colder temperature than for the
2.0 g/s case (90 °C instead of 100 °C), determines a lower temperature profile in the distortion region,
which is then associated with a lower vibration amplitude of the first mode. Therefore, the combination
of mass flow and temperature of the injected air in plane A determines an effect on the blade vibratory

behaviour recognisable also in this case.
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FIGURE 9.19: Forced response spectra of strain gauge 2. 2.5 g/s injection plane A.

As for the section relative to the 2.0 g/s cases, also for the distortion cases characterised by the
injection of 2.5 g/s of additional air in plane A, the EO excitation contained in the aerodynamic flow
field was studied and the results are collected in the plots in FIGURE 9.20The same procedure described

above was applied to these cases.
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FIGURE 9.20: Engine order excitations evaluated for the clean inflow case and for the distortion cases in plane
C. 2.5 g/s injection in plane A.

The plots reported in FIGURE 9.20 show a similar behaviour to the 2.0 g/s cases. In particular,
looking at the plots, it can be seen that all configurations with inflow inhomogeneity have a high
excitation amplitude at low EO. Consequently, these results confirm that the combination of additional
disturbances in the distorted inflow configurations is directly related to of the first natural frequency
vibration response excitation (1F). The air injection, and the consequent modification of the
aerodynamic characteristics of the inlet inhomogeneity seem to have a direct effect on the excitation of
the first eigenfrequency (1F), introducing additional excitation at the low engine orders, similarly to the
P: distortion only case.

FIGURE 9.21 collects the amplitudes of mode 1F obtained for all the cases featuring injection in
plane A against the temperature of the injected air. The decreasing trends with the injection temperature
is clearly noticeable for both injected mass flows. The ultimate insight that that can be obtained from
the data presented in the plot is the fact that the temperature of the air injection in plane A is not enough
to describe the intensity of the flow inhomogeneity travelling through the stage. Instead, it is the
interaction between the mass flow rate, the temperature of the injected air and the wake of the injector
that determines the intensity of the inhomogeneity at the stator inlet. In particular, the lower amplitude
values measured for the 2.5 g/s injection case can be linked to a stronger effect of the injected air in
reducing the wake of the injector, which is associated with a lower distortion intensity in the flow field
and therefore lower forcing of the distorted flow on the blades.

Consequently, it is the interaction between the different effects of the inlet inhomogeneity on the
flow field characteristics, which could be tracked to a modification of the rotor blades vibratory
behaviour, analysing together the strain gauge data and the aerodynamic measurement.
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10. SUMMARY AND CONCLUSIONS

This chapter presents a summary of the findings that have been presented in the previous sections of
this thesis, in relation to the specified objectives, highlighting the conclusions of the aerodynamic and
aeroelastic analysis. In this thesis the effect of inlet inhomogeneities on the flow field and on the blade
vibratory behaviour were analysed in detail, with particular focus on total pressure and total temperature
distortions at the inlet of a modern low pressure turbine stage. A fundamental understanding of the
impact of a series of important parameters such as the distortions’ intensity and their clocking position,
on the propagation through the LPT stage was gained. The experimental investigation enabled the
recognition of the effects on aerodynamic excitation and the rotor blade forced response during steady
and transient due to the pressure and temperature non-uniformities. A further discussion on the
achievements of this thesis is presented in the following subsections. In conclusion, an outlook and some
suggestions for future work will be proposed.

10.1 P+ DISTORTION IN PLANE O

Regarding the total pressure non-homogeneity generated in plane O by the wake of a cylinder
positioned upstream of the investigated stage, the results of aerodynamic and vibration measurements
carried out at engine relevant conditions were presented in order to characterise the response of the rotor
blades to a circumferential inlet pressure distortion.

Five-hole-probe and FRAPP measurements, performed upstream of the LPT stage, allowed the
description of the main features that dominate the stage inflow with and without distortion generator.
The former case showed that the wake of the cylinder strongly affects the flow field and causes the
preconditions for the excitation of additional frequencies. The additional excitation was then confirmed
during the strain gauge measurements.

The signal of the strain gauges applied on blades surface were analysed in the frequency and in the
time domain. The results showed an increase of the amplitude of the first eigenfrequency (1F), which
could be linked to the excitation due to the vortices shedding from the distortion generator mounted
upstream the LPT stage. High amplitudes of the total pressure fluctuations were indeed measured in the
wake of the distortion cylinder. Further, another effect of the once-per-revolution inlet inhomogeneity
was observed during the speed ramps, as the response of the 1F mode was found to be consistently
higher in the transient measurements acquired with the distortion generator installed.

The presence of the pressure distortion was linked to the excitation of lower EO. In particular, it was
evaluated that the spatial inhomogeneity introduced in the flow field by the distortion generator
determines high excitation amplitudes at low engine orders. The aerodynamic excitation at EO1 and
EO2 resulted much more intense than the one due to the wakes of the inlet guide vanes. The higher 1F
response measured during the speed sweeps can be caused by the additional pressure perturbation
present in the distorted inflow configuration. Therefore, the analysis of combined aerodynamic data and
vibration data shows that the presence of low-momentum fluid in a localised position around the
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machine duct, propagating from the inlet through the stage, causes the amplification of low engine order
excitation, which in turn determines the increase of the rotor blade vibratory response.

Summarizing, aerodynamic and vibration measurements were studied together to investigate the
effects of an inlet total pressure distortion on both the flow field upstream of a low pressure turbine stage
and on the forced response of the rotor blades. The distortion creates steady and unsteady aerodynamic
alterations, causing direct effect on the rotor vibrations.

10.2 P+ DISTORTION IN PLANE A — EFFECT OF CLOCKING

In a second series of experiments, the total pressure distortion was generated in the inlet flow field
of the LPT stage at three different circumferential positions, in order to study the influence of the
distortion-stator clocking on the aerodynamic and vibratory performance of the turbine. The non-
uniformity in the inflow was generated by the wake of a cylinder positioned upstream of the investigated
stage aligned with the leading edge, the suction surface and the pressure surface of a stator vane
respectively.

The rotor exit flow field was studied in order to describe the evolution of the low momentum fluid
through the stage and to highlight the main differences that characterise the flow depending on the
position of the distortion generator. The results showed that the extent of the total pressure reduction
region and the amount of additional unsteadiness introduced in the flow by the distortion generator were
different for the different investigated cases. In detail, the alignment with the leading edge caused the
highest total pressure loss and the wider region of low total pressure, while the highest total pressure
RMS were measured for the SS distortion case. Therefore, the interaction between the wake of the
cylinder and the stator vanes depended on the distortion-vane relative position, and influenced directly
the rotor-stator wakes interaction, as well as the extent of the secondary flows. Additionally, also the
repercussions of the distorted inlet flow on the work extracted from the rotor were discussed in detail.
It was found that less work is exchanged in the region of the flow field affected by the distortion.

Regarding the blade vibratory behaviour, higher amplitudes were observed for all cases presenting
non-homogeneous temperature inflow, both over the whole spectrum and localized at the first
eigenfrequency (1F), during steady operation and during speed-sweeps around the nominal operating
point. The trend exhibited by the vibration amplitudes over the whole frequency spectrum followed the
trend of total pressure fluctuations observed for the different configurations. Consequently, the
amplification effect determined by the inlet distortion on the flow unsteadiness could be directly linked
to the higher forced response of the rotor blading. Moreover, it was observed that the spatial non-
uniformity in the distorted region induced an amplification of the aerodynamic excitation at low engine
orders, determining an increase of the vibratory response of the first eigenfrequency (1F).

In conclusion, this part of the project showed that the steady and unsteady alterations created by the
distortion in the flow field lead to modifications of the rotor vibration characteristics. The impact of the
pressure distortion azimuthal position influence on the LPT stage aerodynamics and vibrations was also
examined.

10.3 T+ DISTORTION IN PLANE O

In this section of the work focussed on the study of total temperature inflow non homogeneities, air
injection at the inlet of a low pressure test turbine was used to generate a circumferential total
temperature distortion at the stage inlet. The air needed to generate the non-uniformity in the inflow was
supplied to an injector by a supply line equipped with an air heater and a temperature control system.
This setup permitted to vary the mass flow and temperature of the injected air, allowing the investigation
of multitude of different temperature distortions.

The study of the stage inlet flow field allowed the description of the non-uniform temperature
circumferential distribution and the effects of the injection on the inlet total pressure and flow angle.
Different injection cases varying for injected mass flow and temperature, were analysed and the main
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differences that characterise the distorted flow region depending on the mass flow and temperature of
the injected air were discussed.

The vibrations data seem to highlight a direct relationship between the temperature of the inlet
distortion and the blade vibrations amplitudes. In particular, the injection of warmer air determines a
higher rotor blade forced response amplitude, whereas a temperature of the injected air colder than the
temperature of the main flow could be liked to lower rotor blade vibratory response. This direct effect
of the temperature of the inlet distortion on the first eigenfrequency amplitude could be connected to a
modification of the aerodynamic forcing on the rotor blades determined by the variation of the flow
energy impinging on the rotor blades driven by the temperature distortion.

To conclude, the alterations created by temperature non-uniformities in the stage inlet flow field and
the modifications of the rotor vibration characteristics were investigated. The specific influence on the
LPT stage aerodynamics and vibrations of the temperature distortion temperature and amplitude was
also examined. Ultimately, this study provided insights on the effects of temperature distortions on
localised changes of aerodynamic energy loading on the blades and their direct effect on the rotor blade
vibrations.

10.4 P:AND T+ DISTORTION COMBINATION IN PLANE A

The last part of this theses focussed on the generation of a distortion in the vicinity of the stage stator
vanes, combining the presence of a cylindrical distortion generator with the injection of air at different
mass flows and temperatures. The analysis of the distorted flow region was carried out by means of 5HP
data, which enabled the detection of the main characteristic of the distorted flow after the crossing of
the stage, depending on the mass flow and temperature of the injected air in plane A.

The same direct relationship between the vibratory response and the total temperature measured in
the distorted region could not be found in the vibrations data of this case, as for the previously described
configuration. The comparison between the aerodynamic data and the blade vibrations seem to indicate
that the reason of this difference can be found in the additional modification that the injection of air in
plane A determines in the flow field in plane C. In particular, it was observed that the injection of colder
or warmer air had a double effect on the flow field. On one hand, the additional mass flow injected in
the wake of the distortion generator filled this wake, reducing the effect of the distortion, and allowing
the stage to work closer to its clean inflow performance. On the other hand, the temperature of the
injected air showed direct influence on the temperature of the flow in the disturbed region, which in turn
has a direct effect on the stage performance as well. The effect of such modification is visible in the
temperature and pressure profiles measured downstream of the stage. In particular, an increase of the
pressure distortion was measured downstream of the stage. The amplitude of such distortion was higher
for the colder inlet temperature distortion than for the hotter temperature case.

Therefore, it is thought that the generation of the inlet distortion directly upstream of the stator vanes
generates additional modification in the flow field that were not present in the inlet distortions studied
for the cases featuring air injection in plane 0, further upstream. As a consequence, the additional effect
of the combination between mass flow and temperature of the injected air in plane A is thought to be
connected to a different aerodynamic excitation, corresponding to a modification of the rotor blades
vibratory response. The intensity of the distortions measured in the flow field due to the quantity and
the temperature of the injected air could be linked to the changes showed by the amplitude of the blade
vibrations.

To summarize, the alterations created by the air injection in the wake of the injector cylinder
generated more complex modification in the flow field, determining the separation between the
temperature in the distorted flow field and the amplitude of the blade vibrations and revealing the effect
of the amount of injected air. Ultimately, the generation a non-uniformity at the stage inlet characterised
by both a temperature and pressure alterations, allowed the identification of the combined effect of
temperature and pressure localised distortions on the rotor blade vibration characteristics.
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10.5 OUTLOOK AND FUTURE WORK

This study provides insights on the effects of inflow circumferential perturbations, more and more
important considering the possible excitations caused by struts, flow injections and instrumentations in
shorter and lighter engine components. Ultimately, the results presented throughout this work support
the importance of the study of the distortions distribution and of the reality effects as a critical stage
during the design process, to ensure robust design and safe operation.

Regarding the possibility to expand the work presented in this thesis with more interesting research
on the effects of inlet flow field distortion and their repercussions on the rotor blades vibrations, a series
of possible topics come to mind.

Considering that the analysis of the propagation of an inlet distortion through a one and a half low
pressure turbine stage composed by inlet guide vanes and stator vanes and rotor blades showed that the
distortions are visible in the stage outlet flow, the interaction between the distorted flow and potential
turbine exit guide vanes positioned downstream of the LPT rotor could be investigated. The work of
Simonassi et al. [129] and Schénleitner et al. [68] showed the important effects of different turbine exit
casings designs on both the flow field downstream of the LPT rotor and on the blade vibrations.
Consequently, it is the opinion of the author that the interaction between inlet distortions and turbine
exit guide vanes could generate interesting effects impacting on the machine performance and on the
blades vibratory behaviour.

Another interesting research objective could be the in depth study of the alterations caused by inlet
distortions to the acoustic performance of the LPT stage. Considering the relevance of noise emissions
and noise attenuation, effects like number of inlet distortions and clocking with the inlet guide vanes,
stator vanes or TEGV could be studied. The goal of such study would be to provide engine designers
with the tools needed to consider the effects of the distribution and the intensity of inlet distortions on
the noise generation and propagation through a LPT, in order to ultimately reduce the emission of noise.
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